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1 Introduction 


TTEMPTS have been made [1, 2]! to analyze drill 
pipe or string dynamics on a deterministic basis. Usually un- 
damped natural frequencies in longitudinal motion and torsional 
motion are evaluated. Then, the dynamics of the system are 
discussed in terms of these natural frequencies and some as- 
sumed deterministic type for load system. In one recent case [3], 
experimental records were presented for torque and axial force at 
the top of the pipe as functions of time. Visual examination of 
these records by the authors of that paper failed to identify any 
natural frequencies that had been calculated. Indeed, the records 
have the appearance of being member functions of a random func- 
tion. Power spectral density analyses were not conducted, how- 
ever. 

In 1958 [4], we presented a paper in which drill pipe dynamics 
was discussed on a statistical basis assuming that random forces 
acted at the bit and that the sides of the pipe were free of load. 
The advantages of this type of analysis over a deterministic 
analysis were pointed out. In particular, we stressed the fact 
that it is not possible to describe determinatively the load system 
coming upon a drill pipe in view of the complicated and essen- 
tially random nature of the forces at the bit arising from cutting 
rock and also because of the random nature of the forces acting 
upon the side of the pipe. It was also shown that, by a proper 
choice of coupling constants at the driven end, the variance of 
either the maximum shear or maximum normal stress fluctuation 
could be made a minimum, and the advantages of doing this 
were commented upon. Finally, an experimental program was 
suggested in order to provide data of a statistical nature for com- 
putations. 

In a discussion [5] to reference [3], we further commented upon 
the advantages of a statistical analysis of drill pipe dynamics over 
a deterministic one. 

The present paper is a continuation of the investigation started 
in [4]. We show that, by means of a statistical analysis, it is 
possible to include the influence on axial force and torque of the 
forces acting upon the pipe side and arising from lack of straight- 
ness of the hole, whipping at various points, and buckling in the 
part of the pipe which is under compression. We have also in- 
cluded the influence of gravity and mean torque. 


Il The System 


The geometry of the idealized rotary drill rig to be considered 
is shown in Fig. 1. Only axial or longitudinal displacement 
U(z, t) and torsional displacement 9 (z, t) are considered. The 
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A New Analytical Approach to Drill 
Pipe Breakage Il 


Drill pipe dynamics assuming torsional and longitudinal displacements are formu- 
lated assuming that the forces which act at the bit and the sides of the pipe are random 
in nature. It is shown that assuming certain criteria of failure the coupling constants 
may be adjusted to reduce to a minimum the probability of failure. 


pipe is assumed to be of length / and to have a uniform circular 
cross section. We assume that viscous damping for each type of 
displacement is uniformly distributed along the length. The 
masses of the coupling and the bit are taken to be zero. Grav- 
ity acts in the positive z-direction. 

We shall assume that the torque acting upon the bit has a 
constant mean value —7 (drag) and a superimposed or added 
fluctuation T(t). It is reasonable to consider T(t) as a random 
function [5] in view of the highly irregular structure of most rock 
and also in view of the complicated mechanical behavior of the 
bit. The mean of 7(t) is zero and we denote its covariance by 


T(t, ) = E{T(h)T(t)} (1) 


where E{. . .} denotes the statistical mean or expectation of the 
quantity within braces. In addition to the torque, the bit is sub- 
ject to an axial force which we shall assume has a constant mean 
value — F (compressive) and a superposed fluctuation F(t). For 
the same reasons as mentioned in connection with torque, we shall 
also assume that F(t) is a random function with mean 


E{F()} =0 (2) 
and covariance 
Th, ts) = E{ F(t) F(t)} (3) 


The random functions 7(#) and F(t) are certainly interdependent 
statistically inasmuch as large deviations of torque from the mean 
will usually be associated with large deviations of axial force from 
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the mean. A measure of this dependence is provided by their 
cross-covariances 


Tpr(th, te) = E{T(t)F(t)} 


(4) 
= E{F(t)T(t)} } 


I pr(t, t,) 


We shall assume that 7(¢) and F(t) are of second order, mean 
square continuous and that their various covariances depend only 
upon fg — t [5]. The last part of this assumption simply means 
that the cutting is sufficiently steady in a certain statistical sense 
so that the placement of the time origin does not alter the statisti- 
cal properties of T(t) and F(t) which depend upon the first two 
probability distributions. The first part imposes certain analyti- 
cal restrictions on the covariances and the nonmathematical 
reader need not be concerned with them. A more extended dis- 
cussion of the physical significance of this assumption is con- 
tained in [6]. 

The force system acting upon the side of the pipe will be es- 
sentially different in the part of the pipe which is in tension and 
the part which is in compression because of the inherently different 
mechanisms which produce these forces. Hence, it is convenient 
to consider the forces arising from the different sources separately. 

The statement that no hole is perfectly straight is certainly a 
reasonable one. At the various points where the hole changes 
direction slightly there will in general be contact between the pipe 
and hole wall and these points will occur randomly along the 
length of the pipe. Further, there is occasionally whipping of the 
pipe for a variety of reasons, and this also causes random con- 
tacts. In the tension part of the pipe, these contacts will generate 
small forces, and the same is true in the compressive part pro- 
vided the pipe remains straight and does not deform laterally 
. due to buckling, etc. We shall assume that only the torsional 
component need be considered and that it is distributed along the 
entire length. Let —K denote thé constant mean of this dis- 
tributed couple and the random function K(z, ¢) its superposed 
fluctuation. Let the covariance of K(z, t) be 


rT’ (2, th; To, ts) E{ K(x, th) K(22, te)} (5) 


We shall suppose that 
I x(x, hh; Ze, te) = I',(z: — n, ts — t) (6) 


where I'x(z: — 21, tg — t) approaches zero as |x, — z;| and/or 
lt — t;| increase. The variance of K(z, t) is thus 


ox%z, t) = T'x(0, 0) (7) 


a constant. Since its mean is zero, (6) and (7) imply that K(z, t) 
possesses a certain statistical regularity. Put another way, the 
zero mean and (6) indicate that the first two probability distribu- 
tions of K(z, t) are independent of the location of the origin of z 
and ¢, i.e., at least weakly stationary [7], as is the bit force sys- 
tem. The decrease in the magnitude of x(x. — 1, te — th) as 
x2, — 2;| and/or |t, — t;| increase in magnitude states that what 
happens at one point on the pipe does not influence what happens 
at points sufficiently distant and that what happens at one time 
does not influence what happens there at a much later time. We 
shall also assume that K(z, f) is statistically independent of the bit 
force system and also of the one to be considered next. 

The portion of the pipe which is under compression would 
collapse as a column if it were not for the hole wall which limits 
the lateral displacements. The lateral force system on the pipe is 
dependent upon the partially buckled shape which in turn de- 
pends upon the amount of compression at different points along 
the pipe, the momentary angular position of the bit, the bit loads, 
the presence of rock chips between the pipe and hole wall, ete. 
It is obviously difficult if not impossible to attempt a determinis- 
tic analysis of the force system arising from such motions. In 
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conformity with the spirit of the paper, we shall assume that in 
the compressive portion, a torque and axial force are distributed 
along the surface of the pipe which are describable statistically. 
The lateral motion will be ignored. Let —Z:(x) denote the mean 
distributed torque with fluctuations described t-* the added ran- 
dom function Z,(x, t); Z:(2z, t) is assumed to have zero mean and 
covariance 


= E{ Li(a, th) Li(ae, te)} (8) 


- T1z,(m, Ze; te — th) 


T1,(x1, th; Ze, ty) 


Thus, the first two distributions of Z:(x, t) depend upon the loca- 
tion of the origin of z; they do not depend on the origin location of 
t and so have the same statistical regularity in time that, for ex- 
ample, the bit forces possess. The mean L(x) and the variance 

o1,%zx) = T1,(2, 2; 0) (9) 


are assumed zero in the tension part of the pipe and [,(x) to be 
negative and decrease and o7,%(x) to increase with increasing 
compressive load, as indicated schematically in Fig. 2. 

We take the ‘mean axial force to be zero and let L(x, t) be a 
random function with zero mean representing its fluctuations. 
The covariance of L,(z, t) is 


Tr(a, thy 2, te) = E{Lo(a, th) Lo(22, t2)} (10) 
= 12,(x, 22; te — th) 
and its variance is 
o1,%x) = I'1{2, 2; 0) 


(11) 


We assume ¢7,°(z) 1s similar in form to o2;%(2). Hence, since the 
last of (8) and the last of (10) have the same form, L,(z, 0) 
possesses the same statistical character as 1,(z, t). 

L,(z, t) and L(x, t) are certainly related statistically inasmuch 
as contact with the wall causes lateral forces which simultane- 
ously produce torque and axial load. In addition, Li(z, t) and 
L(x, t) are related statistically to the bit forces. We assume 
that 


Tr,1(21, thy 22, te) = E{La(a1, th) Lo(22, t)} 
= TP y,1,(21, 22; te — th) 

Ty2r(n, bh; &) = E{ Lia, t) T(ts)} 

= Pyr(n; tb — t) 

Ti,r(a, 4; te) = E{L)(1, h)F(t)} 

= Ty.r(m1; te — th) 

Ti.r(2, th; te) = Ef L(x, t)T(t)} 

= Ty,r(11; te — th) 

Ti,r(a1, th; te) = Ef Lo(n, th) F(t)} 

= T,,r(11; te — th) 





We have omitted, for brevity, the covariances with the order of 
the functions interchanged. 


Il Analysis 


The equations of motion and boundary conditions are, re- 
spectively, 


6 + 2b,0 = a7°O,, + K(z, ) + Liz, 0) 
— K at L,(2) 


(13) 
U + 2b,U = a,U,, + Lilz,t) +9 


and 
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C0,(0, t) 
CO,(1, t) 
AEU,(O, 8) 
AEU,(I, t) 


= k7O(0, 2) 
T(t) — T 
k,U(0, 2) 
F(t) — F 


= torsional rigidity 
Young’s modulus 
cross section area 
polar moment of inertia of cross section 
length of pipe 
mass per unit volume 
torsional viscous damping per unit length divided by Jp 
longitudinal viscous damping per unit length divided 
by Ap 
C du. ie 
Jp’ lain p 
kp = torsional spring constant of coupling 
k, = longitudinal spring constant of coupling 


The derivatives in (12) and (14) are to be interpreted as m.s. 
derivatives [6, 7, 8]. 


tension compression 

















| 
| 
| 
| 
| 


Fig. 2 


Since “expectation’’ and “limit in mean’’ commute, the equa- 
tions and boundary conditions for determining the mean values 
Ox, t) and u(z, t) are 


6 + 2b 76 = a7’0,, — R — L(z) 


ti + 2bat — ag*u,, +9 


(15) 


C6(0, t) = k,6(0, t) 

C0,(l, t) = —T 
AEu,(0, t) = k4u(0, t) 
AEu,(l, ) = —F 


The solutions of these equations are 


1 C l ws t 
Oz, t) = —— ‘aia L,(&)dé + dé, L(§,)dé, 
ar? kp 0 0 ts 
RK {cl 2 1 
‘eutees , ns) 


t x 
+(c- z) eb —F(% 
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(17) 


and 


AEl 
u(z,t) = a { 


a4 ka 


The value of x at which compression begins is 


PPI 


yr (19) 


To conserve notation we shall also use O(z, t) and U(z, t) to 
denote the fluctuations about the mean values. Equations (13) 
and (14) then become 


© + 26,0 = a7,, + K(z, t) + Li(z, t) 


d ; (20) 
U + 2b,U = a,2U,, + L(z, t) 


CO,(0, t) = k7O(0, 0, COL, t) = 


AEU,(0, t) = k4U(0, t), AEU,(l, t) 


T(t) 
= F(t) 


(21) 


Let he(x, —; #) denote the impulsive admittance for torsional 
displacement at x due to a unit impulse at € when t = 0. Let 
h(x, &; t) denote the corresponding quantity for axial or longi- 
tudinal displacement. If we assume the system starts from rest 
at t = —o (so as to remove the transient due to starting), the 
m.s. solutions of (20) and (21) are 


t I 
O(z, t) -f" fy tele g; 


t — r)[K(é, 7) + Li(&, 7) ]dédr 
t 
+ fi. hoz, l; t —7)T(r)dr (22 
l 
U(2, t) = fi. f, h(a, &; t — r)L.(&, r)dédr 


t 
ao f id h(a, l; t — r)F(r)dr (23) 


with covariances 


ty te l l 
To(21, th; 22, te) = fi fi f, f, hea, &:; t: — Ti)ho 


x (22, &; t) (T x(&, &; T2 — 71) + T,(&, &; as 71) |d&,d&.dr,dr 


hy ts l 
+ jal t ae f {he(ai, l; th — Ti)he(xe, E; te — T2) 


X Pr1(&; te — 71) + helms, &; th — Tidhe 
X (ae, ly te — Te) y,7r(t; Te — 71)]dédridre 


+ fe. i# hoa, ly th — Ti)ho(ae, ly te — 72) 
X Pp(t2 — ti)dridt, (24) 
plus a similar formula for 
T'(21, ti; 22, 2) = (25) 


The integrals in (22) and (23) are m.s. Riemann integrals while 
those in (24) and (25) are ordinary Riemann integrals. 
By a change in variables, (24) may be rewritten as 


T(x, 22; 7) = f, % : f a 

X (DP x(&, & 3 7 — 72 +7) + T2,(b, &3 7 — te + 71) dédEdridrs 

+ fy f, f, [he(ai, 1; ri)ho(ae, &; 72) r1,(&; 7 — Te + 71) 
+ hola, &} ri)holxe, Ul; 72) Tayr(&; tT — 72 + 11)]dEdridrs 

+ fr. f, he(xi, ly Ti)ho(ae, ly 72) p(t — te + 71)dridrz (26) 

plus a similar formula for 


I(x, 22; 7) = 
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where 


T=h-4t 


Equations (24) and (25) are convenient to use when demon- 
strating that (22) and (23) do provide m.s. solutions to (20) and 
(21); equations (26) and (27) indicate that O(2, t) and U(z, t) 
are weakly stationary in time. 

Since all applied forces and couples are of second order, m.s. 
continuous, and weakly stationary.in time, time power spectral 
densities exist. Also we shall assume that all cross-covariances 
depend only upon the time difference 7 = t2 — t,; thus time cross- 
power spectral densities exist. The power spectral density of a 
covariance, say, I’ ,(£, £2; 7), will be denoted by Px(&, &; @), 
where 


T'x(b, &; 7) = f e"P (£1, 23 w)dw 
5 (28) 


1 Hs , 
PE, &3; ®) = pn f e~ "Tl (Gi, £3; T)dT 


with similar notation and relations for the remaining covariances 
and power spectral densities and cross-covariances and cross- 
power spectral densities. 

The frequency response of a linear system is the Fourier trans- 
form of the impulsive admittance; thus, for example, the fre- 
quency response H(z, £; iw) of he(x, £; t) is defined by the equa- 
tion 


H(z, &; iw) = a2 et he(x, &; t)dt (29) 


H(z, £; iw), when multiplied by e™, is the angular displacement 
at z due to the torque e at &. H(z, £; iw) is complex and 
He*(z, &; iw) = Ho(z, £; —iw) (30) 
where ‘‘*’’ denotes complex conjugate. Similar notations and de- 
fining equations wiil be employed in the other cases. 
With (28) and (29), we may replace (26) by the equation 


ll 
P21, 223 @) = [a Hox, £1; —iw)Ho( 22, &2; iw) [P x( £1, &2; w) 
+ P1(&, £; w)]d&,, d&: 
l 
_ z [Ho(2i, l; —iw)Ho( 22, &; iw)Prii(E, iw) 


+ Holz, &; —iw)He(xe, l; iw)Prir(&, iw)dé 


+ Ho(z, l; —iw)Ho( 22, l; iw)Pr(w) (31) 


To obtain (26) from this equation, we employ a formula simi- 
lar to the first of (28), namely, 


(32) 


1 ame” 
T'6(21, 223 T) = = e'7 P21, 223 w)dw 
= —@ 


A formula similar to (21) may be written out for the spectral 
density of the longitudinal displacement. 

The shear stress S,(z, y, ¢) at the outer radius R and the normal 
stress S,(z, , t) on inclined planes are of interest since we have 
combined loading. Let W be defined as in Fig. 3. Then, 


S(z, Y, t) 
S,(2, ¥, t) 


euT(z, t) + cwF(z, t) 
= cuT (z, ty + CaF (zx, t) 


where 
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R cos 29 sin 2Y 


See 2A 
R sin 2y _ 1 — cos 2p 
Tit Tye. 2A 


Cy = | cag 


Ca = 


and T(z, t) and F(z, é) are the torque and axial force at z. 








ed 





Fig. 3 


On following a procedure similar to that employed in arriving 
at (31) from (22), we use (33) to find atm = 22 =2,~i = ¥2 = ¥, 
the power spectral densities Ps,(z, Y; w) and Ps,(z, ¥; w): 


Ps,(2, y; w) = cu?P 72, Zz; w) + Cuce([Prp(2, zx; iw) 


+ Prp(z, 2; —iw)] + c2*Pp(z, 2; w) 
(35) 
Ps,(2, Vv; w) 


= ¢n*Py(z, 2; w) + CaCoe[|Prp(z, 2; tw) 
Pr;(z, z; —iw)] + C22*P pz, Zz; w) 


where 
l I oi 
P7(21, 22; w) = f, f, Gr(x, £3 —iw)Gy(a2, &; iw) 
X [Px(&, &; w) + Pr bs, &; w)|diid& 
l 
+ fa [Gy(x1, l; —iw)Gp(ae, &; iw)Prrx,(&, iw) 
+ Gp(xi, &, —iw)G7(x2, 1; iw)Pri(§, —iw)]dg 


+ Gr, l; —iw)G (x2, 1; iw)P(w) (36) 


P (x1, 22; w) 
Ll 
5 I i, Gp(xi, £1; —iw)Gp(a2, &; iw)Pr(&, &; w)dbidés 


l 
+ f, [Gr(x,, t; —ito)Gp(ae, &; iwo)Prr,(E, ic) 


+ Gp(ai, &; —iw)G p(x, 1; tw)Prr,(&, —iw)]dé 
+ Gp(a, l; —iw)Gp(x2, l; iw)P p(w) (37) 


Prp(2, 22; tw) 
I I 
= fy fo Golte 85 —i\Gplas, bs; H0)Prun br 5 te)dbidb 


l ; 
+f, [Gp(ai, §; —iw)Gp(z2, 1; iw)Prr(f; —iw) 


+ Gy(x, l; —iw)Gp(xe, &; iw)Prr(t; iw)]dé 
+ Gr(ax, 1; —iw)Gp(22, l; iw)Ppp(iw) 
= Prr(te,%1; —iw) (38) 
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dne(x, &; t) 
. Or 


dh(x, &; t) 
Or 


gr(z, §; i) = 


gr, &; t) = AE 
(39) 


Gla, & tw) = f° em on(2, £5 Oat 





Grlz, & ia) = fr” eax, & Oat 


To complete the analysis, we must write out the formulas for 
the various frequency responses; they are 


ni 3 1 — tanh Al + tanh Are 


Crp kp 
sige tanh Aql 





H(z, §; o) = 


x (cost AzéE cosh Apr 


+ . eee », O<r<é 
CrX\- 


kr 
i. 1 + Gy, ene Ast 
Ofer 
CrXr 
— tanh A;7l cosh A7é sinh Azz), 





(cosh ArE cosh Apex 
+ tanh Al 


E<2z<l 


kr . 
cosh Apr + Or, sinh Aya 








Hox, 6 w) a k 
” sinh Apl + Or, cosh A,7l 


—1 1 — tanh A,/ tanh A 
H(z, §; @) a AP, k = — as 
A A 


AEX, 





— tanh Aygl 
(oct Aye cosh Ayr 


ka 
+ 4B), 


cosh A,é sinh Me), O<r4<é 


ka 

ais I+ AP), tanh AE 
AEX ka 
AED, + tanh A,l 


— tanh X,/ cosh A4é sinh A,2x), 
ky 


cosh A4x + 7 Ph, sinh A 4x 





(cosh Ayé cosh Ayr 
E<2z<l 


H(z, f; w) 


7 : k 
“ sinh Ayl + AEM, 





cosh A, 








i2b peo + iw? 
ar? 
12b 40 + tw? 


a,? 


> 
(42) 
My 


The frequency responses corresponding to g7(z, &; t) and gp(z, &; 
f) are obtained from Ho(z, &; w) and H,(z, £; w) and the formulas 
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dH x, &; w) 
oz 
oH (2, §; w) 
oz 


Gr(z, &, w) = C 
(43) 
G,(2, s w) = AE 


From (33) to (43), the analysis refers to fluctuations about the 
mean values. The mean torque and axial force are 


1 
ae 0-5 ff L(dé - T 
ar ar Jer 


T(z) 


F(x) = Apg(l — xz) — F 


respectively. The mean stresses are 


S(ae¥) = enT(z) + c2F(z) 
Sz, VW) = enT (2) + cx F(x) 


IV Discussion 
The force system assumed in [4] is obtained if we set 
g=K = K(z,t) =0 
L(z) = Lz, = T=0 
Lz, t) = F=0 
Then, from (44) and (45) it follows that 
T(z) = F(x) = S(z, ¥) = S.(z, ¥) = 0; 
and, for example, we obtain from (35), (36), (37), and (38) 


(47) 


os,(2, y) bt 5 i {eu*|@y(2, lL; iw) |*P p(w) 


+ encez[Gp(2z, l; —iw)G,(z, 1; iw)Ppp(iw) 
+ Gr(z, l> w)Gp(z, 1; —iw)Prp(—iw)] 
+ e*\Gp(x, l; iw)|*Pp(w)}dw (48) 


Equation (48) is the same as the first of (50A) in [4] although 
the form of (50A) and the notation used there is different from 
that of (48). It is easy to establish with (46) and (47) that the 
results of the analysis in (4) are contained in the present paper. 

It is worth emphasizing that in [4] and the present paper the 
parts of the analysis which yield covariances or power spectral 
densities require for their evaluation only knowledge of the co- 
variances or power spectral densities of the applied force system. 
Knowledge of the various probability distributions is not re- 
quired. Put another way, second order properties of fluctuation 
in axial force, torque, shear stress, etc., can be determined in 
terms of the second order properties of the fluctuations of the 
applied force system. 

Probability distributions of the applied forces are needed to 
deduce the probability distribution of axial force, torque, etc., if 
probabilistic information is required concerning the latter. In 
[4], we pointed out that if the bit forces are jointly Gaussian, then 
so are the axial force, torque, shear stress, and normal stress. The 
same is true here if we assume the applied forces are jointly 
Gaussian. 

One of the results obtained in [4] is that either the maximum 
variance of S,(z, w; @) or the maximum variance of S,(.c, w; ) 
can be made a minimum under given bit forces by a proper choice 
of coupling constants, kp and ky. Thus, depending upon the 
theory of failure adopted, of two drilling conditions, the one with 
the greater variance in S,(z, Y; t), say, would be considered the 
more severe; this is the case regardless of where the maxima 
occur along the length since mean stresses are zero and also as- 
suming the bit forces are jointly Gaussian. 
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When the mean stresses are not zero as is the present case, 
severity of drilling must be judged upon a different basis. 

We observe from (44), that T(z) and F(z) must have the general 
form shown in Fig. 4. Let us, for convenience only, consider 
S,(2, ¥; 0); i.e., we assume the maximum shear theory of failure 
is adequate to predict failure. The variance os,°(x, y) is defined 
by the formula 

oo 
os,%(z, ¥) = f, Pz, Y; w)dw (49) 
where Ps,(x, Y; w) is determined by the first of (35). Clearly 
os,(z, W) is a function of kp and ky, for a given applied force 
system. 





Fig. 4 


We shall now assume the applied forces are jointly Gaussian. 
Thus, S,(z, ¥; ¢) is Gaussian, and the probability that the 
fluctuations in S,(z, Y; t) will exceed a particular value is de- 
termined by os,%z, wW). 
probability is 


The expression for computing this 


P(s(2z, ¥; t) >s,) = 


1 a — 
Fi (2, 0) i} e 2es*(2,¥) dr (50) 
V 27 os(2, Y) YS, 


Let S,(z, YW) be determined from the first of (45). 
pose that failure is associated with large probabilities of 


Let us sup- 


S{a,¥; + Sia, W) 


exceeding some limiting shear stress, say 80. 
there is one y, say y,,, such that 


Then, for a given z, 


1 c) y? 
wa J e 2a%2.¥) dy 
V/ 29 os,(z, P) J So—S,(z, ¥) 


is a maximum; denote this maximum by P(so, z, ¥,,). Let us 
plot this expression as a function of x, as suggested in Fig. 5. 
P(s0, 2, Wm) is also a function of ky and ky. Hence, we may make 
the maximum of P(s, z, Y,,) a minimum. Of two drilling condi- 
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Fig. 5 


tions, the one with the larger P(so, z, Y,,) would be considered the 
more severe under the foregoing criterion of failure. 

Other criteria of failure based upon expected number of cross- 
ings of s) with positive slope [8], the probability of a maximum 
in a sample of N maxima [9], ete., could also be employed. In 
addition, of course, it is not necessary to confine attention to the 
shear stress. Regardless of the criterion adopted, it appears 
possible to reduce the probability of failure by adjustment of ky 
and ky. 

The very essen¢e of a statistical analysis of the dynamical be- 
havior of a drill pipe is the accommodation of uncertainty. Not 
only is it appropriate when the loads are known in a statistical 
sense, but it also is less sensitive than a deterministic analysis to 
uncertainty in boundary conditions, and the precise values of 
physical constants, as may be seen on reference to (50). Hence, 
its range of application in the present case and in highly complex 
problems is substantial and the advantages it offers in such prob- 
lems should not be overlooked. 
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Engineering in Resuscitation 


The processes of respiration are analyzed from an engineering point of view and the 
requirements for resuscitator design are outlined. 


A review of pertinent engineering 


considerations is presented. Several commercially successful resuscitators are de- 
scribed to show their principles of operation. 


Mas begins to breathe immediately after birth and 
continues this process until death. Under certain circumstances, 
his breathing may be accidentally interrupted; unless it is 
resumed within a period of a few minutes, the victim will die. 
History dating back to Biblical and even earlier periods describes 
the successful restoration of breathing even in some cases where 
the victim was apparently dead. “It is therefore to be expected 
that this dramatic method of saving human life would cause 
many individuals to investigate and devise useful methods of 
resuscitation. The major emphasis has of course been placed 
on those methods that can be successfully performed without 
requiring equipment of any kind. Reference [1]! lists over 
100 simple procedures that have been suggested. Inventors and 
engineers have also applied their ingenuity and talents toward 
improving the effectiveness and efficiency of the simple “‘manual”’ 
methods. It is the object of this paper to discuss the engineering 
principles involved in the design of mechanical resuscitators 
and to show how these principles have been applied in several 
commercial designs. 


Mechanics of Respiration 


To determine the design requirements for mechanical resuscita- 
tors, it is necessary to outline briefly the mechanics of the res- 
piration process. The respiratory cycle involves the transport 
of oxygen to the body-cell tissues (where it combines with the 
food material to produce the energy and products required for 
life) and also the elimination of the carbon dioxide produced in 
these tissues as a by-product. For the purposes of a simplified 
engineering analysis, the mechanics of this process may be 
considered as the performance of two coupled circuits, one of 
which is called the ‘“pulmonary”’ or external circuit and the other 
the “cardio”’ or internal circuit. 

The pulmonary circuit is primarily a pneumatic system 
involving an alternating flow of gases between the atmosphere 
and the lungs [2]. The lungs may be regarded as an elastic 
reservoir or accumulator of respiratory gases inside the body. 
The total lung volume of a normal adult is about 6000 ec and the 
flow is about 500 cc per cycle or breath. The surface of this 
accumulator is formed of millions of tiny sacs called “alveoli.” 
Their walls are extremely thin and contain a network of blood 
capillaries. Air, inhaled from the atmosphere, passes through the 
windpipe and other respiratory ducts to reach the lungs and the 
alveoli; this is followed by exhalation of the gases in the alveoli 
back through the same ducts and out to the atmosphere. Though 
dry atmospheric air contains 21 per cent oxygen (partial pressure 
159 mm of mercury) and 0.04 per cent carbon dioxide (partial 
pressure 0.3 mm of mercury), the gas mixture in the alveoli 


1 Numbers in brackets designate References at end of paper. 
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Table 1 Composition of gases involved in normal respiratory exchange 


Partial pressure, mm Hg 

Standard 

atmosphere Inspired Expired Alveolar 

(dry) air air air 

158.3 

0.3 

596.4 

5.0 


Constituent 
Oxygen 
Carbon dioxide... . 
Nitrogen 
Water vapor........ 


116.2 
28.5 
568.3 
47.0 


760.0 


101.2 
40.0 
571.8 
47.0 


760.0 760.0 
contains oxygen at a partial pressure of 101.2 mm of mercury and 
carbon dioxide at a partial pressure of 40 mm. Table 1 taken 
from [3] shows the compositions of the respiratory gases in more 
detail and also includes data for inspired air and expired air. 
It is interesting to note the high oxygen content in the expired 
air. This is due in large measure to the appreciable volume of 
inspired air that fills the various respiratory passages but never 
reaches the lungs. It is the repeated interchange of atmospheric 
air with the alveolar gases that maintains these partial pressures 
in the alveoli; if it ceases, the partial pressure of the oxygen in 
the alveoli will decrease and the partial pressure of the carbon 
dioxide will increase. The pulmonary circuit cycles at a rate of 
about 15 times per min and is powered by the alternating move- 
ments of the body diaphragm muscle and the chest-wall muscles 
acting somewhat as a diaphragm pump. Inspiration is similar 
to the suction power stroke. Exhalation corresponds more 
closely to an elastic return stroke where the muscles return to 
their original position and the lungs partially collapse. The 
controlling mechanism for this circuit is not in the pulmonary 
system itself but is located in the brain near the base of the skull. 
This “breathing center’ is sensitive to many kinds of stimuli 
originating in the various body organs. Under normal condi- 
tions, the major effects are produced by the variations in the 
carbon-dioxide content of the blood. For example, during 
exercise, the carbon-dioxide content of the blood increases; 
this causes the breathing center to increase automatically the rate 
and/or depth of breathing; this in turn brings additional oxygen 
into the pulmonary circuit and expels the excess carbon dioxide. 
The maintenance of a proper balance between the amounts 
of oxygen and the carbon dioxide is therefore necessary for life. 
A small excess of carbon dioxide in the blood will stimulate 
increased breathing as described. However, a large excess of 
carbon dioxide depresses the breathing stimulus and may cause 
breathing to cease entirely. On the other hand, excessively low 
amounts of carbon dioxide will produce adverse effects such as 
tingling of finger tips, dizziness, and unconsciousness. These 
symptoms can be produced easily even in normal individuals by 
having them breathe rapidly and deeply for a number of times 
without the compensating factor of vigorous exercise. 

The “cardio’’ or internal circuit is a closed hydraulic loop 
involving the continuous circulation of blood through flexible 
tubing of various sizes between the lung capillaries and the 
capillaries in the body-cell tissues. In this simplified analysis, the 
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major function of the blood is to deliver oxygen to the tissues and 
remove the carbon-dioxide waste product from the tissues. 
The blood approaching the lungs is low in oxygen but high in 
carbon dioxide. As this blood passes through the lung capillaries, 
carbon dioxide passes out of the blood and is diffused through the 
lung tissues into the pulmonary circuit. The hemoglobin in the 
red blood cells then reacts reversibly with the oxygen gas diffusing 
into the capillaries from the alveoli to form the chemical com- 
pound oxyhemoglobin. The blood then flows to the heart from 
which it is pumped via the arteries to the many cells all over the 
body. As the blood passes through the capillaries in the cell 
tissues, it gives up oxygen and absorbs carbon dioxide produced 
in the tissues. Most of the carbon dioxide is carried by the blood 
as H,CO; produced by the chemical reaction of the carbon 
dioxide with the weak acid of hemoglobin. The blood then 
flows through the veins back to the lung capillaries where the 
process is repeated. Typical parameters describing the blood 
entering and leaving the lung capillaries are shown in Table 2 
which has been taken from reference [3]. For a normal person 


Table 2 Composition of venous and arterial blood 


Gas tension 


Venous blood 
(approaching 


Arterial blood 
(leaving 
heart), mm Hg 
100.0 


Constituent 
Oxygen.... oe 
Carbon dioxide. . . 
Nitrogen. . . 
Water vapor....... 


46.0 
570.0 
47.0 


40.0 
570.0 
47.0 


703.0 57. 


Percentage of oxyhemoglobin and hemoglobin 
Oxyhemoglobin 96 
Hemoglobin. . Pa : 4 


breathing standard air with 21 per cent oxygen, the blood 
leaving the lungs is almost completely saturated with oxygen 
(oxyhemoglobin 96 per cent). Breathing pure oxygen will 
increase the saturation to 100 per cent. If the oxygen content 
in the arterial blood drops below 66 per cent, body collapse will 
quickly occur. It has been mentioned already that the carbon- 
dioxide content of the blood must be maintained within certain 
limits. If the carbon-dioxide content becomes too low, the 
oxygen in the red blood cells will not pass into the body tissues. 
This may occur as a result of overbreathing caused, for example, by 
fear or anxiety. The reversibility of the chemical reaction be- 
tween the oxygen and the hemoglobin in the blood depends upon 
many factors. At the high partial pressure of the oxygen in the 
lung capillaries, the hemoglobin has a high capacity for oxygen; 
at the low partial pressure of the oxygen in the cell tissues, its 
capacity for oxygen is low. Thus the blood rapidly takes on 
oxygen when passing through the lung capillaries and rapidly 
unloads it when passing through the tissue capillaries. There is 
also a reciprocal relationship between the relative amounts of 
oxygen and carbon dioxide carried by the blood. Tests show 
that the acidity (pH factor) of the blood is primarily determined 
by the carbon-dioxide content; this affects the oxygen-carrying 
capacity of the hemoglobin in such a manner that the greater 
the amount of oxygen carried by the blood, the less will be the 
carbon dioxide transported by the blood. This effect also aids 
in the rapid exchange of the oxygen and carbon dioxide in the 
lung and tissue capillaries. There are other complicated effects 
beyond the scope of. this paper which are more thoroughly 
described in [3]. 

The “cardio’’ circuit is powered by the heart acting as a pump 
cycling at a rate of 70 beats per min. The heart normally 
requires no external stimuli for its rhythmic contractions and 
adjusts itself automatically to the loads imposed upon it. At 
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rest, the heart pumps slowly. During exercise, the heart 
automatically speeds up to pump more blood and thus ex- 
change more oxygen and carbon dioxide between the lung 
capillaries and the body-cell capillaries. If the heart should 
stop beating, death will occur unless beating can be restored 
within a matter of a few minutes. The brain is the most vul- 
nerable to a lack of oxygen. Consciousness may be lost within 
45 sec after complete lack of oxygen; irreversible damage to the 
speaking, thinking, and remembering functions of the brain 
may occur within 3 to 5 min and death shortly afterward.* 

We therefore have a pulmonary circuit (wherein oxygen gas is 
drawn from the atmosphere into the lungs by inhalation and 
carbon-dioxide gas is blown out to the atmosphere by exha- 
lation) and a cardio circuit (wherein the blood delivers oxygen 
from the lung capillaries to the body cell capillaries and returns 
with carbon dioxide). These circuits are coupled by several 
factors: (a) There is a physical coupling involving the diffusion 
of oxygen and carbon dioxide through the alveoli walls such that 
the oxygen gas tends to pass through the lung toward the blood 
capillaries and the carbon dioxide tends to pass in the opposite 
direction. (b) There is a coupling caused by the sensitivity of 
the respiratory center (which controls the behavior of the pul- 
monary circuit) to the carbon-dioxide content of the blood (cardio 
circuit). (c) Another coupling factor is that positive or negative 
pressures applied to distend or contract the alveoli will also 
produce significant reactions by nerve impulses carried to the 
respiratory center.* For persons in good health under normal 
circumstances, considerable deviations from the average values 
of the various parameters can be permitted without seriously 
affecting the successful operation of these two coupled circuits. 
The changes are normally reversible; i.e., a change in either the 
oxygen or carbon-dioxide content will tend automatically to 
induce countereffects to restore proper balance aided if necessary 
by the artificial administration of oxygen, carbon dioxide, drugs, 
pulsating pressures, and so on. Even such phenomena as the 
complete cessation of breathing or of the heart beat may still be 
considered as reversible if proper corrective techniques are 
quickly applied. However, if the deviations become excessive 
or are permitted to exist for long periods of time, the changes may 
become irreversible resulting in permanent damage to body 
tissues and may finally end in that most irreversible process 
known as death. 

Some common causes for the accidental cessation of breathing 
may be listed as follows: 

(a) Inhalation of air having an oxygen content below 16 
per cent. 

(b) Inhalation of gases such as carbon monoxide which have 
a tremendously greater affinity than oxygen for the hemoglobin 
in the red blood cells. 

(c) Inhalation of “‘irritant’’ gases such as chlorine. These 
produce an inflammation of the alveolar tissue and cause body 
fluids to enter the alveoli and interfere with the diffusion process 
through the alveolar walls [5]. 

(d) Inhalation of toxic vapor solvents such as carbon tetra- 
chloride which are carried by the blood to the brain and may 
impair the breathing center. 

(e) Suffocation, strangling, and drowning. These obviously 
prevent oxygen from reaching the lungs. 

(f) A-sharp blow to head or body. This may stop the func- 
tioning of the respiratory center in the brain or paralyze the 
nerve center (solar plexus) controlling the movement of the 
diaphragm and chest muscles. 

(g) Electric shock. This can paralyze or destroy the breath- 
ing center, produce a muscle spasm to stop breathing, and also 
damage the body tissues by burning. 


2 Reference [4], p. 44. 
* Reference [1], p. 108. 
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(h) Use of poisons or drugs that may depress the activity of 
the respiratory center or interfere with the exchange of carbon 
dioxide in the body cell tissues. 

(i) Cases of “heart attack” or of heart “fibrillation’’ where the 
heart is no longer effective in pumping the blood [4]. 


Resuscitation Techniques 


Many techniques for resuscitation have evolved as a result of 
practical experience and research. These techniques may be 
broadly classified as follows: 


(a) Forced pulmonary ventilation of the lungs. 

(b) Use of stimuli produced by forces or electrical impulses 
applied to specific external portions of the body. 

(c) Use of stimuli produced by drugs or by methods requiring 
minor or major surgery. 


This paper will be restricted to apparatus utilizing forced 
pulmonary ventilation of the lungs. Although there is at least 
one machine [6] commercially available at the present time for 
producing electrical stimuli, it is considered of limited value as a 
resuscitator by the author, particularly in cases where carbon 
monoxide and similar gases have been inhaled. In recent litera- 
ture issued by the manufacturer, he has eliminated the word “‘re- 
suscitator”’ in order to emphasize his recommendations for its use 
primarily on patients who are still breathing but who require 
additional breathing assistance. The use of stimuli produced by 
drugs or by methods requiring major or minor surgery involves 
procedures permitted only to doctors and other specialists and 
consequently are beyond the scope of this paper. 

Methods for producing forced pulmonary ventilation of the 
lungs may be further separated into two subdivisions. 


(a) Indirect methods; i.e., where the respiratory exchange of 
gases is induced by the rhythmic application of positive and/or 
negative pressures to external areas of the body, sometimes 
coupled with the movement of the victim’s arms or limbs. The 
object of these procedures is to force motions of the chest walls, 
diaphragm, and so on, similar to those in normal breathing. 
As the lungs are forced to expand, the alveolar pressure drops 
below atmospheric and inspiration will take place. Similarly, 
when the lungs are forced to contract, the alveolar pressure rises 
above atmospheric and exhalation occurs. Examples of this 
subdivision are the manual methods of Schafer and Holger- 
Nielsen; mechanical apparatus like the “iron lung’’ where the 
patient’s body (but not his head) is placed in a sealed cabinet 
and positive and/or negative pressures are applied to the air 
inside the cabinet but external to the patient’s chest; the “jacket 
model”’ similar to the “iron lung” but applied only to the chest; 
the “‘pulsator’’ which consists of a hollow elastic bandage placed 
around the chest and cyclically inflated by an electrically driven 
bellows. 

(b) Direct methods; i.e., where the respiratory exchange of 
gases is produced by directly blowing air or oxygen into the lungs 
of the victim and/or by sucking the alveolar gases out of the 
victim. Examples of this approach are mouth-to-mouth, 
mouth-to-mask, and those mechanical resuscitators producing 
intermittent-positive and/or alternating positive-negative pres- 
sures applied to the breathing passages of the victim. It may 
be noted that in this subdivision, inspiration is produced during 
the positive-pressure phase, i.e., with alveolar pressures above 
atmospheric; exhalation occurs during the negative-pressure 
phase, i.e., with alveolar pressures below atmospheric. This is, 
of course, opposite to normal breathing where inspiration, for 
example, is induced by muscular motions that produce an alveolar 
pressure below atmospheric. 


The question of the permissible pressures that may be applied 
to a patient’s lungs has been the subject of considerable research. 
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Safe values obviously depend on whether the pressure is main- 
tained at a constant value for long periods of time or whether the 
peak pressure is reached only momentarily. Normal shouting 
or coughing may produce peak positive pressures in the lungs 
amounting to 50 mm of mercury (095 psi) without damage. 
The American Medical Association in 1942 accepted as safe for 
automatic resuscitators [7] a value of 14 mm of mercury (0.27 
psi) above atmospheric for a cyclical positive pressure to inflate 
the lungs and a value of 9 mm of mercury (0.17 psi) below at- 
mospheric for a cyclical negative pressure to deflate the lungs. 
These values were permissible for infants as well as for adults and 
for administration by either medical or trained nonmedical 
personnel. 

It has been mentioned that a resuscitator may apply alternating 
positive and negative pressures to the patient’s lungs or only an 
alternating positive pressure. The latter method depends on 
the elastic recoil of the lungs to return the pressure toward zero 
prior to the next positive cycle. It is desirable at this point to 
compare the effectiveness and safety of these two methods. 
Tests have generally shown that either method will produce 
satisfactory pulmonary ventilation. However, it has also been 
shown that an important advantage of the positive-negative 
pressure cycle is that the negative phase aids the blood circulation 
by reducing the average constricting pressure applied to the veins. 
This aids the return of the blood to the heart so that it can be 
pumped back to the body cells. Reference [8] concludes that 
‘fn patients with respiratory and/or circulatory failure, intermit- 
tent positive-pressure type respirators may cause a depression 
of blood pressure and cardiac output of sufficient degree to 
threaten the life of the patient. The use of the alternating 
positive-negative pressure “ype respirators permits the ad- 
ministration of artificial respiration without endangering the 
circulation. Since the circulatory status of patients in need of 
artificial respiration is not uniformly good, it is recommended 
that a negative pressure phase be employed in mechanical 
respirators....’’ This conclusion is not accepted by all in- 
vestigators, particularly in the presence of ‘‘edema,’’ i.e., where 
irritation of the alveoli has been caused by inhalation of an 
irritant gas like chlorine [9]. This irritation causes body fluids 
to enter the alveoli and block the air passages to some degree. 
The argument is made that negative pressures applied to lungs 
in this condition will encourage the entrance of body fluids into 
the alveoli thus further reducing the effective alveolar area for 
gas diffusion. 

The desirable features of a mechanical resuscitator are: 


(a) It must be effective in eliminating or compensating for the 
causes of various asphyxial accidents; i.e., provide adequate 
pulmonary ventilation without adversely affecting the circulation 
of the blpod. It should be able to supply pure oxygen or oxygen 
diluted ‘with air or other gas as dictated by the victim’s needs. 
It should also have flow controls so that the rate of pulmonary 
ventilation can be adjusted to suit the patient regardless of his 
age or size (adult, child, infant). 

(b) It must be safe; i.e., cannot apply excessive pressures or 
suctions to the body and must not expose either the victim or 
operator to dangerous conditions. 

(c) It must be simple; i.e., it must require a minimum of 
training and intelligence from the operator. 

(d) It must be easily portable; i.e., of minimum weight and 
size so that it can be quickly brought to any location where 
needed. ; 

(e) It must require a minimum of time to be put into op- 
eration even though it may have been in storage and unused for a 
long period of time. 

(f) It should have an operating time amounting to several 
hours. Resuscitation efforts must be continued until the vietim 
recovers or is pronounced dead by a physician. 
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(g) It should be useful not only for victims who have ceased 
to breathe but also for those whose breathing is weak or spas- 
modic. It should include some means to minimize the pos- 
sibility that the patient who has just been resuscitated will 
“fight’’ the rhythm of the resuscitator. 

(kh) It should be able to function over a wide range of en- 
vironmental conditions.of temperature, altitude (including air- 
craft cabins after explosive decompression), toxic and oxygen- 
deficient atmospheres, and so on. 

(i) It should be possible for the operator to produce pressures 
higher or lower thar normal to suit special cases. 

(j) It should not deteriorate in storage and under conditions 
where it is not inspected or used for long periods of time. 

(k) The cost of purchase, operation, and maintenance should 
be a minimum. 


It is clear that these desirable features cannot all be in- 
corporated in any one particular design of resuscitator. The 
problem of the inventor and the engineer is to achieve a maximum 
number of these features consistent with the basic requirements of 
the design. 


Nonautomatic Resuscitators 


The methods of mouth-to-mouth resuscitation aided by 
mechanical devices such as airways, facemasks, and breathing 
tubes have become widely accepted in the United States within 
the past 2 years. This acceptance was stimulated by Red 
Cross approval [10] of simple mouth-to-mouth or mouth-to-nose 
resuscitation procedures which was in turn based on the unani- 
mous agreement on November 3, 1958, by members of the Ad 
Hoc Committee on Artificial Respiration, National Academy of 
Sciences, National Research Council, that the mouth-to-mouth 
(or mouth-to-nose) technique of artificial respiration is the most 
practical method for emergency ventilation of an individual 
of any age who has stopped breathing, in the absence of equip- 
ment or of help from a second person, regardless of the cause of 
cessation of breathing.’’ This procedure requires no mechanical 
equipment of any kind. The rescuer positions the victim’s 
head and body in a specified manner to obtain an open passage- 
way to the lungs and then places his mouth upon the mouth or 
nose of the victim and blows forcefully. He then removes his 
mouth from the victim, thus permitting the victim to exhale by 
passive recoil of the lungs. Significant contributions to this 
technique have been made by Peter Safer, M.D.; by James O. 
Elam, M.D.; and by Archer 8. Gordon, M.D. 

However, a number of objections have been raised to this 
simple method, particularly by individuals such as first-aid or 
rescue personnel who by virtue of their authority or training may 
be called upon more or less frequently to perform artificial 


respiration. These objections include: 


(a) The dangers of infection of the rescuer by the victim who 
may be suffering from a dangerous and contagious disease like 
meningitis, tuberculosis, and so on. 

(b) The reticence of the rescuer to place his own lips upon the 
face of a stranger who may be physically repulsive and covered 
with vomit, dirt, and so forth. 

(c) The difficulty of achieving an open passageway into the 
victim’s throat without the use of a special insert known as an 
“airway.” 

(d) The difficulty of obtaining a seal around the mouth and/ 
or nose of the victim. 

(e) The danger of damaging the tissues of the victim (par- 
ticularly in cases of young children and infants) by blowing too 
hard. 

(f) The limited time that the blowing process can be con- 
tinued by the operator and the danger that he will ‘“overbreathe”’ 
and thus become dizzy or unconscious. 
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(g) The extremely uncomfortable position that the operator 
must assume and one that is almost impossible to use in certain 
places, such as a rocking rowboat. 

(h) The inability of the operator to aspirate mucous or 
vomit from the victim’s throat and his dependence on dislodging 
such obstructions by use of his finger tips or by sharp blows 
applied to the victim’s back. 

(i) The impossibility of administering 100 per cent oxygen in 
those cases where it would be of great advantage (e.g., carbon- 
monoxide poisoning). 

(j) The lack of the negative (suction) phase. This results in 
an increase of the average pressure applied to the veins and 
seriously reduces the circulation of the blood [8]. 


Many devices have been developed to overcome one or more of 
these objections. The simplest is the mechanical “airway.’’ 
This is a curved breathing tube inserted through the mouth of 
the victim and reaching approximately to the base of the tongue. 
The airway eliminates direct personal contact between the 
rescuer and the victim, provides a mouthpiece for the operator, 
and insures that the tongue will not block the air passage to the 
lungs. A flexible flap is sometimes incorporated to produce a 
seal around the victim’s lips. Other devices include “mouth-to- 
mask’? where a mask with a soft sealing rim is placed on the 
victim’s face; airways with valves which prevent the victim’s 
exhalations from reaching the operator; ‘“‘bag-to-mask’’ or 
“‘bellows-to-mask’”’ units which substitute a flexible bag or 
bellows for the rescuer’s mouth; the ‘“mouth-to-mask’’ re- 
suscitator kit which contains a long flexible breathing tube, a 
flow valve that directs the victim’s exhalations away from the 
operator’s inhalation passages, a mask, an airway, and a squeeze- 
bulb type of aspirator; and a modification of the ‘‘mouth-to- 
mask”’ resuscitator kit so that the operator can provide almost 
pure oxygen to the victim. 

A recently developed ‘‘mouth-to-mask’”’ resuscitator kit with 
oxygen attachment will now be described in some detail because 
it contains many features of engineering interest. Fig. 1 is a 
view of this apparatus. Fig. 2 taken from [11] shows the me- 
chanical principles of the resuscitator portion. This kit can be 
separated into the following components: 


1 The mouth-to-mask resuscitator, which includes: 


(a) A facepiece molded of clear plastic to which is attached a 
rubber cushion rim. The transparent portion of the facepiece 
permits the rescuer to observe the color of the patient’s lips and 
watch for the presence of vomitus or mucous. The rubber rim 
provides an airtight seal over the patient’s face permitting flow 
through the patient’s mouth and/or nose. 

(b) A resuscitator valve body which contains an inlet valve 
with check for admitting fresh air or oxygen via the breathing 
tube to the rescuer’s lungs when he inhales, an automatic 
self-seating relief valve to vent to the atmosphere any pressures 
in excess of 24 mm of mercury (0.47 psi gage), and the control 
diaphragm which automatically prevents the patient’s exhalations 
from coming into contact with any portion of the resuscitator 
through which the gases pass for inhalation by the rescuer. 
The design of the valve body and control diaphragm is based on 
an invention by Henry Seeler (patent pending). In normal 
operation the only moving parts are the control diaphragm which 
deflects from one valve seat to an opposite valve seat and the 
inlet valve which opens when the rescuer inhales and closes 
when the rescuer exhales. The valve body is made of high- 
impact, high-temperature polystyrene; the control diaphragm is 
molded from silicone rubber; the inlet valve is molded of a 
hypalon natural rubber compound. 

(c) A breathing tube approximately 15 in. long with an in- 
ternal volume of 360 cc. This tube consists of vinyl reinforced 
by a coil of steel wire. The purpose of this tube is twofold: 
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Fig. 1 Globe “Samaritan” resuscitator in case 

(zi) The air blown into the patient has a bigher oxygen content 
than would normally be contained in exhaled air. When the 
operator inhales, this tube fills with fresh air due to the location 
of the inlet valve; when the operator next blows into the tube, 
it is this fresh air, relatively high in oxygen, that tends to be the 
first to enter the patient’s lungs. (77) The operator is auto- 
matically guarded against hyperventilation and dizziness because 
when he inhales, the air first drawn into his own lungs is the air 
he last exhaled which has a high carbon-dioxide content. 

2 A squeeze-bulb type of aspirator for removing mucous, 
vomitus, and other material that may clog the victim’s throat. 
This consists of a rubber squeeze bulb (with a ball check valve 
permitting air to flow only out of the bulb to atmosphere), a 
plastic crack-resistant jar, and a vinyl catheter of approximately 
7/3. in. ID. Squeezing of the rubber bulb several times will 
produce a suction at zero flow amounting to 4 in. of mercury 
(approximately 2 psi below atmospheric). 

3 A plastic airway which may be used by the rescuer for 
insertion over the victim’s tongue to prevent the tongue from 
blocking the air passage. 

4 A demand valve connected by a rubber hose to a pressure 
regulator attached to the outlet of a high-pressure oxygen cyl- 
inder. The cylinder pressure is 2015 psi when fully charged and 
at this pressure will contain the equivalent of approximately 13 
cu ft of oxygen at standard temperature and pressure. The 
regulator is a lightweight single-stage type that maintains a 
pressure cf about 20 psi at its outlet to the demand valve, regard- 
less of whether the cylinder is full or partially empty. The 
demand valve includes a fresh-air safety valve so that, if suction is 
applied to the demand valve when no oxygen is available, the 
safety valve will open and admit fresh air. 


Some of the ways that this apparatus can be applied in res- 
piratory emergencies are as follows: 
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Fig. 2 Principle of “Samaritan” resuscitator [8] (reprinted by permission) 


1 Asacomplete mouth-to-mask resuscitator with the oxygen- 
demand inhalator attached so that, at each inhalation by the 
rescuer, he draws pure oxygen into the breathing tube and then 
blows almost pure oxygen at a safe positive pressure into the 
lungs of the patient. 

2 As a simple mouth-to-mask resuscitator without the 
demand oxygen inhalator attached. At each inhalation of the 
rescuer, atmospheric air is drawn into the breathing tube to be 
blown, on the next phase of the cycle, into the lungs of the 
patient. 

3 Asa continuing aid to the resuscitated victim who has just 
begun to breathe “on his own.’’ The rescuer can help the 
victim’s labored breathing in several ways. The rescuer may 
continue his inhalation and exhalation cycle provided that he co- 
ordinates his blowing efforts with the patient’s inhalations. He 
may also cease his own blowing efforts entirely and instead press 
the demand valve push button to provide a flow of pure oxygen 
at a slight positive pressure into the patient’s facepiece. When 
the victim’s labored breathing improves to a greater extent, the 
rescuer can release the demand valve push button and force 
the patient to breathe more deeply in order to trip the demand- 
valve mechanism and inhale pure oxygen. These latter pro- 
cedures require the operator to seal his mouthpiece by use of his 
tongue or finger. 

4 Asasimple demand inhalator for a patient who is breathing 
but requires respiratory aid. The resuscitator portion may be 


Table 3 Performance data for Globe "Samaritan" resuscitator (demand 
valve not attached) 


Pressure drop through resuscitator valve, 
in. H.0 
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Patient 
exhaling 
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dispensed with entirely; the facepiece inlet may be slipped 
directly over the demand-valve outlet for this application. 


~ Table 3 presents engineering data showing the pressure drop for 

various flow rates through the resuscitator valve when the 
operator blows, when the operator inhales, and when the patient 
exhales. These data indicate that the flow resistances added by 
the presence of the resuscitator are very small in comparison with 
the peak positive cycling pressures of 5 to 8 in. of water usually 
utilized for resuscitation. 


Automatic Resuscitators. 


The next class of resuscitators to be discussed are the automatic 
type where oxygen or air stored in a cylinder at high pressure is 
used to operate a mechanism that delivers an automatically 
cycling pressure to the lungs for purposes of pulmonary ven- 
tilation. In this type of equipment, oxygen or air stored in a 
cylinder at about 2000 psi is permitted to flow through a pressure 
reducer and regulator assembly which maintains a preset 
pressure for the flow delivered to the resuscitator valve. 
Low-pressure blowers have also been used to eliminate depend- 
ence on charged high-pressure cylinders, but such applications 
have not been cetnmercially successful. 

The automatic resuscitator valve contains a mechanism for 
converting the steady inlet flow to an alternating flow at the 
resuscitator outlet. Practically all resuscitators of this type used 
for rescue purposes in the United States are ‘‘pressure sensitive’’; 
that is, the vaive automatically cycles from one phase to the 
other as soon as a preset pressure is reached. The volume 
of gas entering the patient’s lungs is therefore limited when the 
pressure caused by the flow reackes the preset pressure. Thus 
an adult will receive a large volume of gas before the preset 
pressure is reached; an infant will receive only a small volume 
before the same preset pressure is reached. This is in contrast 
to some older devices which were ‘“‘volume sensitive’; that is, 
they permitted a preset but adiustable volume to enter the 
patient’s lungs regardless of the resulting lung pressures. The 
resuscitator outlet is usually attached directly to the facepiece 
although sometimes a long breathing tube or tubes may be 
provided. Some resuscitator valves produce an outlet pressure 
that cycles between approximately atmospheric and a preset 
positive value; others produce an outlet pressure that cycles 
between a preset positive and a preset negative pressure measured 
with respect to atmospheric; others have means by which either 
pressure range may be applied to the patient at the option of the 
operator or means whereby the values of each of the cycling 
pressures may be adjusted within limits while the resuscitator is 
in operation. Some resuscitator valves have a manual override 
on the positive pressure phase so that a flow with a constant 
positive pressure can be steadily applied to the facepiece. If 
the facepiece is held tightly against the patient’s face, this positive 
pressure will build up to a value higher than the normal positive 
cycling pressure until a relief valve opens to protect the patient. 
Holding the facepiece slightly away from the patient’s face or 
opening a special outlet will permit sufficient leakage so that the 
use of the positive manual override will cause the resuscitator 
valve to deliver a constant flow of oxygen at a low positive 
pressure to the patient’s facepiece. One resuscitator valve has 
manual override on both the positive and negative sides. This 
permits the operator to overcome the rhythmic cycling of the 
valve simply by alternating the pressure of his finger tips when he 
desires te match the irregular gasping of a patient whose breathing 
is spasmodic. There are many variations that have been 
proposed and developed in this country, dating as far back as 
1908. Before describing any specific resuscitator, it would be 
advantageous to discuss several principles frequently used in 
resuscitator designs. 
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An important engineering design problem is to determine the 
required flow rates and means for achieving these flows. This of 
course must be based on physiological data concerning res- 
piratory rates and the inhalation volume per breath. Table 4 
contains a summary of such data computed by the author 
from data in reference [12]. These data show averaged values for 
the normal breathing of supine humans of various age groups. 
Considering the adult group, we find a cycling rate of 15.6 times 
per min. Each cycle will last 3.84 sec and each inhalation will 
require approximately half of this time or 1.92 sec. Since the 
design should accommodate the special patient whose lungs may 
require twice the average tidal volume of 380 cc, the resuscitator 
must be capable of producing a flow to the patient of 760 cc in 
1.92 sec. This corresponds to a flow rate of 396 cc per sec or 
23.8 liters per min (0.84 cfm). In order to provide for the wide 
variations in lung sizes, even for humans of similar age groups, 
we may somewhat arbitrarily specify a flow-rate adjustment 
which will achieve a minimum flow rate that is less than one 
half the maximum. A resuscitator design requirement for this 
age group might therefore be specified as a flow rate adjustable 
between 11.9 and 23.8 liters per min. The same method applied 
to other group categories listed in Table 4 would yield the results 
given in Table 5. These computations neglect the effective 
volume of the resuscitator body, the facemask, and so on. The 
corrections are relatively insignificant for the categories of large 
children and adults. They may be quite large for the infant 
classifications and may increase the tabulated flow rates for 
these classifications by substantial amounts. 

The desired flow rates may be obtained by various com- 
binations of orifices and gas inlet pressures. The flow adjust- 
ments can be achieved by varying the orifice size, by using a 
needle valve, and by varying the gas pressure of the flow delivered 
to the resuscitator by the regulator or the pump. The following 
two equations from [13] are fundamental and have been derived 
for an ideal gas flowing through a tube without energy losses 
and where the pressure changes are small as compared to at- 
mospheric pressure: 


(a) The equation of continuity which states that the amount 
of gas passing station 2 must be equal to the amount passing 
station 1. 

(b) The Bernoulli equation which states that the sum of the 
potential and kinetic energy of the gas at station 2 is equal to the 
sum of the potential and kinetic energy at station 1. 


Table 4 Respiratory data for supine humans 


Tidal Minute 
volume, ventilation, 

Classification ce cc/min 
Infants, premature, less 

than 14 days old.... 
Infants, normal, less than 

14 days old 

Children, 12 years old... 
Adults, 18-89 years old. . 


Respiratory 
rate, 
cpm 


508 41 


770 39 
4790 15.7 
5930 15.6 


Table 5 Desired fiow rates for automatic resuscitators® 


Desired range 
of flow rate, 
Classification 
Premature infants, less than 14 days old 
Normal! infants, less than 14 days old 
Children, 12 years old 
Adults, 18-89 years old 


* Assuming that complete flow from resuscitator is delivered 
into victim’s lungs. 

* These rates should be increased to correct for effective volume 
of resuscitator chamber, facemask, and so on, of the particular 
resuscitator components used. 
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Expressing these mathematically, we have 
V, = Vy Au/At (1) 


pe et = 1/,p (V2 as ¥ 


where 


V, = velocity of gas at station ¢ (throat) 
V,, = velocity of gas at station u (upstream) 
p, = absolute static pressure of gas at station ¢ 
p,= absolute static pressure of gas at station u 
A,= area of tube cross section at station ¢ 
A, = area of tube cross section at station u 
p density of gas 


A brief study of equation (1) will show that, if the area at 
station ¢ is small compared to station u, the velocity at station t 
will be greater than at station wu. However, from equation (2), 
the static pressure at station ¢ will then be less than at station u. 
This is the basis of the venturi tube where station u is usually an 
upstream station and station ¢ is a narrow throat having an area 
of approximately one fourth the upstream area. 

Applying these simple considerations to flow through a nozzle, 
it is clear that as the gas approaches the minimum cross section 
of the nozzle there will be a drop in pressure and an increase in 
velocity. As the pressure differential between the nozzle inlet 
and outlet is increased, the velocity will increase until it equals 
the speed of sound in the gas. Further increases in the pressure 
differential will not increase the velocity of the gas through the 
nozzle.‘ This critical pressure condition is reached for air or 
oxygen when: 


Po/p; = 0.53 (3) 


where 


pi = absolute static pressure upstream from nozzle where 
flow velocity is zero 


4 Reference [14] p. 333. 
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Fig. 3 Diagrammatic representation of jet ejector 
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p2 = absolute static pressure of chamber into which nozzle 
discharges 


For nozzle outlet pressures equal to approximately atmospheric 
(14.7 psi abs), this critical condition will occur when p; equals 
28 psi abs or about 13 psig. Consequently, different formulas 
must be used for computing the flow through a nozzle depending 
on whether the flow is subsonic (p,; substantially below 13 psig 
for a nozzle discharging to atmosphere) or if the flow is sonic at 
the throat (p; equal to or greater than 13 psig). 

The flow rate can be expressed by the following formula when 
p/p, is greater than 0.53 (subsonic case): 


sy CAspe 1 o Y Va 
w = 2.05 Tih ( Y ) (4) 


w = weight of gas flowing out of nozzle, lb per sec 
C = coefficient of discharge 
Az = area of nozzle at minimum section 
p~2 = absolute static pressure on discharge side of nozzle 
Y = (p:/p2)-*8* — 1 (reference [14], page 295) 
~—r absolute static pressure at upstream side of nozzle 
where V; = 
T, = absolute temperature at upstream side of nozzle where 
Vi = 0 


The flow rate is 
(5) 


when p2/7, is less than 0.53 (sonic case). 

Simple tables [15] can be used to determine the flow rates 
through nozzles and orifices discharging to standard atmospheric 
conditions. At the conditions of the maximum flow rate, the 
velocity of the gas passing through the throat, i.e., minimum 
section of the nozzle, is equal to the speed of sound and this 
speed cannot be exceeded anywhere in the nozzle unless the 
nozzle area increases downstream from the throat. A discussion 
of these complicated phenomena involving large density changes, 
shock waves, energy losses, and the like, are beyond the scope of 
this paper. The reader is referred to reference [16] for a more 
complete analysis including a discussion of nozzle designs to 
achieve supersonic flow speeds. 

An important element frequently used in automatic resus- 
citators is the ‘jet ejector pump,’’ where the momentum of a 
high-speed jet discharged from a nozzle or orifice is used to 
produce motion of the surrounding air and cause it to flow away 
with the jet through a mixing tube to be discharged at some 
other location. An area of reduced pressure is thus produced 
near the nozzle outlet. This reduced pressure may be utilized 
for many purposes, such as to produce the suction phase of the 
resuscitator cycle; to entrain atmospheric air into the oxygen 
delivered to the patient so that the operator can extend the 
available time of operation of the apparatus when using a limited 
supply of oxygen; and to aspirate (i.e., to suck) obstructions 
such as vomit, mucous, and so on, out of the patient’s throat. 
The jet ejector consists of three basic elements; i.e., a nozzle, a 
chamber, and a diffuser, Fig. 3. The nozzle converts the high- 
pressure gas to a high-velocity jet; the chamber provides a 
means for the induced flow to enter and to be accelerated by the 
momentum of the jet; the diffuser converts the velocity head of 
the combined flow to a static head so that the required discharge 
pressure can be achieved. The momentum of the jet depends on 
the product of the mass flow times the velocity. The mass 
flow is equal to the product of the gas density, the effective 
area, and the velocity. Consequently, the jet momentum will 


may 1961 / 113 





1@) 

44.1 psia (29. 7psig) 
TU’ Ff. 

147 psia (Ops.ig) 








RATIO OF SECONDARY TO PRIMARY MASS FLOW 


EJECTOR AREA RATIO 
Fig. 4 Typical jet-ejector performance 


depend on the square of the gas velocity issuing from the jet. 
This indicates the possibilities of increasing the jet momentum 
by use of the converging-diverging nozzle which can achieve 
supersonic speeds provided that the upstream pressure is ap- 
preciably above 13 psig [16]. The diffuser must have a minimum 
area sufficient to accommodate the flow rate of the jet plus 
the entrained air at the proper pressures and temperatures. 
For maximum efficiency, the diffuser should expand slowly from 
its minimum area (not to exceed a 7-deg included angle) in order 
to convert the velocity head of the flow mixture to a static head 
sufficiently great for discharge. The chamber must provide an 
inlet for the entrained air to enter without appreciable energy 
losses and an area for the jet to transfer some of its momentum 
to the entrained air. The chamber alsu provides means for 
aligning the jet and the diffuser accurately. Many experimental 
and theoretical studies have been made to permit the design of jet 
ejectors to achieve specific or optimum performances. Reference 
[17] includes a theoretical analysis and the results of many experi- 
ments. Fig. 4 shows some of the experimental data given in 
this reference. 


Typical Automatic Resuscitator Valves 
Several automatic cycling resuscitator valves used in the 
United States will now be described briefly to show their prin- 


ciples of operation. It is not intended to show the exact mecha- 
nisms used in production designs but rather to explain the means 
by which the desired automatic cycling is achieved. 

The Burns cycling valve [18] supplies oxygen to produce a 
preset peak positive pressure and then automatically interrupts 
the flow to permit the pressure to decrease toward zero thus 
causing the patient to exhale by passive recoil. The cycle is then 
repeated. No suction is applied to the facemask at any time. 
Fig. 5 is a sketch showing the operating principle of the Burns 
valve. The valve consists essentially of an inlet tube (1) ter- 
minating in a valve seat (2); an outlet tube (3) with a valve seat 
(4); an assembly (5) of two diaphragms which can move within a 
chamber from one valve seat to the other; a passage (6) leading 
to the patient’s facepiece; a passage (7) leading out to atmos- 
phere. When the diaphragm assembly is seated against valve 
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Fig. 5 Principle of Burns cycling valve 


seat (2), the inlet system applies a force of p,7ra* against diaphragm 
assembly (5) where p, is the inlet pressure. As soon as the dia- 
phragm assembly moves slightly off valve seat (2), this force 
increases suddenly to p,rb?. This quick increase in force produces 
a snap action upward movement of the diaphragm assembly so 
as to seal the upper diaphragm against valve seat (4) as shown in 
Fig. 5. Oxygen will now flow through passage (6) into the face- 
piece connection. As the pressure in the facepiece now increases, 
it produces the counterforce p,wc? where p, is the pressure in the 
facepiece. This counterforce will balance the force p;rb? when 
p; = pi(b/c)*. Due to the inertia of the flow, this value of p, 
is exceeded and the diaphragm assembly is pushed down off the 
seat (4). As soon as this motion is begun, the complete area of 
the upper diaphragm is exposed to p,; and the downward force 
suddenly increases from p,mc? to p,;md*. This produces a snap 
action of the diaphragm assembly downward against valve seat 
(2), thus shutting off the inlet flow and reducing the upward acting 
force to p;ra?, The mask pressure will now exhaust to atmos- 
phere through port (7) but as soon as the mask pressure decreases 
to a value below p,(a/d)*, the upward acting force p,7ra* will 
overcome the downward force p,md? and the diaphragm assembly 
will be forced upward to repeat the cycle. Thus the mask 
pressure will cycle between a minimum value of approximately 
p,(a/d)? and a maximum of p,(b/c)*._ It has been found experi- 
mentally that c can be only slightly greater than b for automatic 
cycling. In practice, the maximum mask pressure is about 80 
per cent of the inlet pressure (b/c = 0.9) and the minimum mask 
pressure is about 30 per cent of the inlet pressure (a/d = 0.55). 
Special characteristics of this valve are that: 


(a) The inlet flow is shut off during the exhalation cycle. This 
saves oxygen. 

(b) The inlet pressure must be limited to a value only slightly 
greater than the maximum permissible facepiece pressure. This 
normally requires an accurate third-stage regulator to maintain 
the inlet-flow pressure at approximately 10 in. of water, even 
though the cylinder storage pressure may vary from 2000 psi 
down to practically zero. ; 

(c) The pressure cycle is an intermittent positive pressure. 
No negative phase is present. 


A second commercially successful resuscitator is based on an 
invention by M. H. Goodner [19]. This resuscitator produces a 
positive-negative pressure cycle. Referring to Fig. 6, which 
shows the principle of operation, we have an oxygen inlet conduit 
(1) leading to a two-position valve (2) which is actuated by the 
motion of control diaphragm (3). The inner side of this dia- 


Transactions of the ASME 






































Fig. 6 Principle of Good 





phragm is connected to the equalizing chamber at the resuscitator 
valve oulet; the outer side is exposed to atmosphere. One 
position of valve (2) permits flow to positive jet (4); the other 
position of the valve, as shown in Fig. 6, permits flow to negative 
jet (5). Between the two jets, there is a dual ejector (6), posi- 
tioned as shown in order to be effective for flow from either jet. 
The negative jet chamber is connected to a manifold or equalizing 
chamber (7) which is in turn connected to the facemask (8) by 
two tubes, one being a positive-pressure conduit (9), and the 
other a negative-pressure conduit (10), each conduit having its 
own check valve. The negative phase of operation is shown in 
Fig. 6. The distributing valve (2) is positioned to allow oxygen 
to flow to negative jet (5). The momentum of the negative jet 
as it flows across the negative chamber “entraps’’ air originally 
at rest in the negative chamber and causes this air to flow along 
with the jet through ejector (6) into the positive chamber and out 
to atmosphere through opening (11). The motion of the air 
moving out of the negative chamber through ejector (6) produces 
a partial vacuum in the negative chamber. Air is drawn into 
this chamber from equalizing chamber (7), negative conduit 
(10), facemask (8), and ultimately from the patient’s lungs. 
When the vacuum reaches a preset value, the pressure differential 
on control diaphragm (3) causes the diaphragm to move and to 
shut off the flow to the negative jet. The oxygen now flows to 
positive jet (4) and across the positive chamber through the 
ejector (6) and into the negative chamber. Thence it flows to 
equalizing chamber (7) and into the patient’s lungs by way of 
positive conduit (9) and facemask (8). When this positive 
pressure reaches a predetermined value, it actuates the control 
diaphragm (3) to shut off the flow to the positive jet and once 
again directs the flow to the negative jet. It may be noted that 
when oxygen flows from the positive jet across the positive 
chamber, it will entrap air and create a partial vacuum in the 
positive chamber. This will cause atmospheric air to enter the 
chamber through opening (11) and dilute the oxygen in the flow 
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Fig. 7 Principle of Fox automatic resuscitator 


passing to the patient’s lungs. The amount of oxygen required 
to operate the resuscitator is thus reduced; however, if 100 per 
cent oxygen is desired, a check valve can be placed in opening 
(11) to permit flow only out to atmosphere. It can be seen that 
in contrast to the Burns valve, the Goodner resuscitator produces 
alternate positive and negative pressures at the mask. 

A third resuscitator of interest is based on the invention of 
Le Roy G. Fox [20]. The operating principle of this valve in the 
positive phase is shown in Fig. 7. Oxygen enters through inlet 
conduit (1) and passes through a metering orifice (2). It then 
flows through a side orifice (3) and into the chamber (4) and 
eventually to the patient’s lungs through outlet (5). The pres- 
sures in the chamber (4) and in the patient’s lungs gradually 
increase until they reach a predetermined pressure which, acting 
upward on the diaphragm (6), is sufficient to overcome the down 
load produced by springs (7) in the position shown. Springs 
(7) then snap into their alternate position (concave down), 
permitting diaphragm (6) to move upward and at the same time 
causing piston (8) to move upward to expose orifice (9). Oxygen 
will now issue as a jet from outlet (9) and flow across chamber (4) 
and out through ejector (10). Air in the chamber is entrapped 
by the momentum of the jet and will flow along with the jet out 
to atmosphere. This causes air from the facemask and the 
patient’s lungs to flow into the chamber thus creating a partial 
vacuum in the patient’s lungs. When the vacuum in the chamber 
becomes sufficiently large, the spring forces keeping the dia- 
phragm in the up position are overcome by the pressure force 
nowacting downward on the diaphragm, caused by the differential 
between atmospheric air and the chamber pressures. The spring 
snaps back to the position shown in Fig. 7, and the piston moves 
down to block off jet (9). The suction effects are now eliminated 
and the pressure in the chamber once again begins to increase as 
the oxygen enters the chamber through side orifice (3). 

A fourth resuscitator valve used in the United States is based 
on a patent issued to G. J. Sinnett [21]. Its operating principle 
during the suction phase is shown in Fig. 8. Oxygen at a pres- 
sure of approximately 15 psi passes through inlet tube (1) into 
the valve chamber and flows downward through the open valve 
(2) into conduit (3). It cannot flow upwardly into chamber (4) 
because valve (5) has sealed the entrance to chamber (4). The 
oxygen thus flows through metering orifice (6) and as a jet through 
conduit (7) causing entrained air to flow from chamber (8) 
through opening (9) and pass with the oxygen through the larger 
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Fig. 8 Principle of Sinnett 





orifice (10). The mixed jet issuing from orifice (10) entrains 
additional air from chamber (8) and passes out to atmosphere 
through the ejector (11). The partial vacuum thus created in 
chamber (8) causes air to flow from the patient’s lungs into the 
mask and thence into conduit (12) by way of chamber (13) and 
through the open valve (14). When the suction becomes suffi- 
ciently large, the pressure differential acting upward on dia- 
phragm (15) overcomes the elastic restraint produced by the 
toggle-and-spring mechanism (16). The diaphragm now moves 
up and forces the mechanism to snap to its alternate position 
(not shown). The resulting downward motion of the toggle 
ends causes valve (2) to be sealed by the tapered pin, valve (5) 
to open, and valve (14) to close. The oxygen must now flow 
upward through valve (5) and into conduit (17) which leads to 
the facemask. This produces a positive pressure build-up in the 
mask. When the positive pressure reaches a certain value, the 
pressure differential acting downward on diaphragm (15) over- 
comes the elastic restraint of the toggle-and-spring mechanism 
(16). Diaphragm (15) now moves down and the toggle ends 
snap upward to open valve (2) and valve (14) and to close valve 
(5). This again initiates the negative portion of the cycle. A 
particular feature of this design is that the oxygen which reaches 
the patient during the positive phase does not come in contact 
with any part of the mechanism through which the exhaled gases 
pass. The manufacturer claims that this simplifies the effective 
cleansing of the apparatus since only the facepiece needs to be 
disinfected after use. 

The fifth example of an automatic cycling resuscitator is based 
on inventions by Henry Seeler [22] and by Max Isaacson [23]. 
Its working principles are shown in Fig. 9. The resuscitator 
consists of a flow inlet (1), a chamber (2), a diffuser (3), a shutter 
(4) which is actuated by the lateral movement of shaft (5), two 
rectangularly shaped armatures (6) and (7) attached to the shaft, 
two permanent magnets (8) and (9) fixed to the valve body, 
diaphragm (10) with its center attached to the shaft and its rim 
attached to the valve body, and an outlet (11) to the patient. 
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Fig. 9 Principle of Seeler automatic resuscitator 


The right-hand side of diaphragm (10) is exposed to chamber 
pressure; the left-hand side is exposed to atmospheric pressure. 
Oxygen enters the chamber (2) as a jet from inlet (1) and begins to 
build up a positive pressure in this chamber and in the patient’s 
lungs via outlet (11). The resulting pressure force acting on 
diaphragm (10) attempts to move shaft (5) to the left but this is 
resisted by the magnetic attractive force produced by armature 
(7) in contact with magnet (9). However, the pressure eventually 
becomes large enough to overcome the magnetic force and causes 
armature (7) to move away from the permanent magnet (9). 
As soon as a small air gap develops between this armature and 
magnet, the magnetic force decreases suddenly and the shaft 
suddenly snaps to the left due to the unbalanced pressure now 
acting on the right-hand side of the diaphragm. The shaft 
motion is stopped when armature (6) contacts magnet (8). 
An appreciable magnetic force now exists to hold the shaft in this 
new position. This displacement of the shaft to the left also 
causes shutter (4) to move to the left, thus uncovering the entrance 
to diffuser (3) which is directly opposite the oxygen jet inlet (1). 
The jet now entrains air out of chamber (2) and the mixture 
flows out to atmosphere through the diffuser (3). This creates a 
partial vacuum in the chamber and also in the patient’s lungs via 
conduit (11). As the vacuum increases, the pressure differential 
(due to atmospheric pressure acting on the left-hand side of the 
diaphragm) will become sufficiently great to overcome the re- 
straining magnetic force caused by the contact of armature (6) 
against magnet (8). The shaft will then snap to the right. The 
shutter will cover the entrance to diffuser (3); the pressure in 
chamber (2) and in the patient’s lungs will begin to increase, 
thus initiating the positive cycle once again. 
Special features of this resuscitator valve are as follows: 


(a) The peak values of the positive and the negative cycling 
pressures can be easily and individually adjusted while the 
resuscitator is in operation. The adjustment of the peak nega- 
tive pressure from a specified value down to zero permits this 
resuscitator to produce a negative-pressure phase (as desired in 
cases where the adverse effects of positive pressure on the blood 
circulation must be kept to a minimum) or to eliminate the 
negative phase completely (as desired, for example, in cases 
where an irritant gas has been inhaled and edema may be present). 
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The adjustment may also be of particular value when the patient 
is beginning to breathe for himself. Lowered peak pressures will 
permit him to trip the valve by his own breathing pressures and 
reduce his tendency to “fight’’ the rhythmic cycling of the 
resuscitator. The adjustment is produced by means of a knob 
with an internal slot placed over each of armatures (6) and (7) 
so that each armature can be individually turned with respect 
to the fixed polarized diameters of permanent magnets (8) and 
(9). Thus when the armatures are oriented so that their long 
dimensions are parallel to the polarized axis of each magnet, as 
shown in Fig. 9, each magnetic restraining force will be a maxi- 
mum; consequently, each peak cycling pressure (positive as well 
as negative) will be a maximum. However, if either or both 
armatures is turned 90 deg around the shaft axis so that the long 
dimension of the armature is perpendicular to the polarized axis 
of the magnet, the corresponding magnetic force will be a mini- 
mum and the corresponding peak cycling pressure (positive or 
negative or both simultaneously) will bea minimum. In produc- 
tion models, the peak positive cycling pressure can be varied 
between 4 and 8 in. of water; the peak negative cycling pressure 
can be varied between 0 and 4 in. of water below atmospheric. 
Special models have been built for veterinary and research appli- 
cations where substantially higher peak pressures are desired. 

(b) The automatic cycling of the resuscitator valve can easily 
be overcome by pressure of the operator’s finger tip on either the 
positive armature (7) or the negative armature (6). This 
permits the operator to apply a positive or negative pressure 
higher than normal and to maintain this pressure for a longer 
period of time if he so desires. 

(c) The resuscitator valve can be made to cycle irregularly, if 
so desired by the operator, by the alternate application of his 
finger tips against armatures (6) and (7). This can be of special 
value in cases where the patient is breathing spasmodically and 
would fight the normal rhythmical cycling of the resuscitator. 


Conclusion 


Many other models of resuscitator valves have been proposed 
and built. Although some of these have very interesting engi- 
neering features, they have not been described in this paper due 
to lack of space. Engineering progress in this art is still possible 
as better engineering materials are developed and research is 
continued on the physiological aspects of resuscitation, respira- 
tion, and life. 
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DISCUSSION 
Gilbert Abbe: 


I think the author should be congratulated for having presented 
a very fine paper covering the physiology of resuscitation. 

I would like to suggest that while Table 1 and Table 2 both 
show water vapor being present in expired air, I doubt if most 
readers would get the significance of the volume present. In the 
normal average adult, the water present in the expired air will 
amount to a volume beyond normal expectation and, conse- 
quently, this water must be taken into consideration in the design 
of any mechanical apparatus used for resuscitation. This volume 
will equal approximately 1 ec every 2!/: to 3!/. minutes. As you 
can see, this could cause a freeze-up of any mechanical type of 
apparatus should the unit be used in low temperatures. 

In Paragraph 4, under “Mechanics of Respiration,’ the author: 
states, ‘‘Consciousness may be lost within 45 sec after complete 
lack of oxygen; irreversible damage to the speaking, thinking, 
and remembering functions of the brain may occur within 3 to 5 
min and death shortly afterward.’’ Again, I am afraid that the 
reader will not get the significance of the facts mentioned by the 
author, and the tremendous importance of speed in all resuscita~ 
tion work. We have formulated a rough table showing possible 
percentages of recovery as time, in minutes, goes by. This shows 
that, if resuscitation is started in the first minute, recovery per- 
centage may be 95 to 100 per cent; in the second minute, 95 to, 
90 per cent; in the third minute, 90 to 75 per cent; in the fourth, 
75 to 50 per cent; fifth, 50 to 25 per cent; and in the sixth 
minute, 25 to 10 percent. With this table we try to illustrate the. 
importance of quick action when resuscitation is needed. If we. 
can start within the first three minutes, we have a reasonable 
chance of saving a life, and in the second three minutes our chance 
of saving a life has diminished from 75 to 10 per cent, and beyond 
the sixth minute is under 10 per cent. 


John B. Dunne® 


The writer has read with great interest the paper ‘Engineering 
in Resuscitation.”’ Little can be added to this scholarly work, 
It should be said at the outset that such a paper is long overdue, 
Too much of the past engineering in this field has been “by guess 
and by gosh.” 

The equations and tables set forth in Mr. Smilg’s paper attest 
to the fact that he has done exhaustive work in this area which 





vol. 172, April, 1960, pp. 1888-1890. 
12 ‘ Handbook of Respiration,” Wright Air Development Center 
Technical Report 58-352, p. 43. 


Journal of Engineering for Industry 


5 Vice President, Southern Oxygen Company, Washington, D. C. 
® Manager, Therapy Products, Shampaine Industries, St. Louis, 
Mo. 


may 1961 / TIF 





has been needed. Trial-and-error engineering may be acceptable 
in some fields, but it should be ruled out when human lives are 
at stake. 

There are a few specific comments which might be in order. 
These, for the most part, should reinforce the paper rather than 
be critical of it: 

Early use of carbon-dioxide and oxygen mixtures was prevalent 
in this country for over forty (40) years. The theory behind this 
was that, since the respiratory center in the brain is affected by 
COs, causing a response from the respiratory organs, more of the 
gas dissolved in the blood should stimulate breathing. Re- 
searchers, including Hurley L. Motley, M.D., proved that use of 
these mixtures resulted in acidosis and an actual depressant effect 
on the breathing center. They pointed out that the patient al- 
ready had adequate acid reserve and that the chief problem was 
proper ventilation. 

Much work was done in the 1930’s to show that the first resusci- 
tators provided too little ventilation because of inadequate 
volumes. Cecil Drinker, M.D., made quite a point of this in his 
writings. Present-day resuscitators give more adequate volumes 
and do a better job of ventilating. The paper in question should 
do much to settle in the minds of clinicians and research people 
just how adequate ventilation can best be achieved. 

The writer feels that he should enlarge somewhat on the phe- 
nomenon of unconsciousness due to over-oxygenation. This is 
not well understood by the laity. Acapnia or the washing out 
of CO, can oceur through fright, be induced voluntarily, or 
brought on by use of a resuscitator without regard to patient’s 
needs. The use of resuscitation equipment to assist a person who 
is conscious must be approached with extreme care. It is ex- 
tremely difficult for a person whose respiration is embarrassed 
to know whether he is over or under. ventilated. If he has 
reasonably good control of his breathing, he should merely be 
provided with an oxygen enriched atmosphere and allowed to 
breathe on his own. If his breathing ceases resuscitation should 
be started again at once. 

The use of oxygen will ease the burden of the heart in cases of 
asphyxia. The normal heart beat of 70-80 times per minute can 
be more than doubled by exertion. 
cessation of breathing. 


it is also stepped up during 
The restoration of the normal heart rate 
in the conscious person can be achieved 3 to 5 times as fast by 
breathing oxygen. Resuscitation with oxygen achieves a similar 
effect on the apneic. or nonbreathing patient. The attempt 
should be to achieve an oxygen saturation in the blood of 100 
per cent. 


Mr. Smilg mentions devices other than oxygen resuscitators 
which may perform artificial respiration. One such device is de- 


pendent upon electrical stimuli to the diaphragm. Such a 
machine may cause the diaphragm to convulse. Another such 
unit relied on electrical stimulus of the phrenic nerve. Neither 
of these methods provided the patient with an oxygen enriched 
atmosphere and their use was not universally recommended for 
the layman. Such devices as iron lungs, diaphragm belts, and 
portable respirators will produce breathing not from within but 
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from without. Their use is pretty much limited to institutional 
care of nonbreathing patients. They are too cumbersome for 
actual emergency care of the asphyxiated patients. 

There is still a wide divergence of medical opinion as to whether 
positive pressure alone or positive pressure alternating with 
negative pressure is most efficacious. The investigators who con- 
demned the use of intermittent positive pressure were greatly in- 
fluenced by the only available valve at the time. This valve 
never allowed the patient to exhale completely and maintained 
20 per cent of the line pressure in the lungs even after exhalation. 
This constant elevated pressure was said to retard the return flow 
of the blood to the right side of the heart. Subsequent valves 
have obviated this fault and the pressure can return to zero. It 
should be remembered that mouth-to-mouth resuscitation relies 
only on intermittent positive pressure. Investigators should 
compare the use of positive and negative machines against 
mouth-to-mouth or pure intermittent positive pressure units 
which permit return to ambient pressure on exhalation. 

It is hoped that additional work can be done on practical 
commercially acceptable blowers. These, in combination with 
small oxygen cylinders, should provide very adequate ventilation 
with oxygen enriched atmospheres. 

In conclusion, we should like to commend this paper as source 
material for studies in respiratory physiology in every medical 
school. Providing efficient, safe means of automatic artificial 
respiration should be the joint interest of both the engineering and 
medical fraternities. This work is a giant step forward toward 
better understanding of the problems facing both doctors and 
engineers. 


Author’s Closure 


The discussions submitted by Mr. Abbe and Mr. Dunne will 
be of definite value to those interested in resuscitation. The 
danger of freezing of mechanical resuscitators at low temperature 
cannot be ignored. Mr. Abbe points out the danger of freeze-up 
due to the moisture in expired air. Luckily expired air is warm; 
when passing through the small confines of a resuscitator valve, 
this warm air tends to overcome freezing tendencies within the 
mechanisms. A danger of freeze-up also exists when equipment 
is not carefully dried before being stored at low temperatures. 
Even in such cases, freeze-up will be overcome by a few exhala- 
tions of the operator’s breath into the apparatus except 
under conditions so adverse that resuscitation attempts are not 
likely to be made. As pointed out in my paper, a mechanical 
resuscitator “should be able to function over a wide range of en- 
vironmental conditions of temperature, ...’’. 
careful design and a judicious choice of materials. 

Mr. Abbe’s numerical data showing the rapid decrease in the 
probability of successful resuscitation after the third or fourth 
minute following the cessation of breathing emphasizes both 
mathematically and dramatically the importance of “minimum 
of time to be put into operation. ....’’. The use of “mouth- 
to-mouth’”’ or other methods of resuscitation is highly recom- 
mended prior to the arrival of the mechanical resuscitator. 


This requires 
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A New Test Method for Determination 
RICHARD L. KEGG | Of Spinnability of Metals 


‘ Senior Research Engineer, The 

cane ei . Seer aoe A new test method is described whereby the spinnability, i.e., the ability to undergo 
shear spinning deformation, without fracture, of any material may be determined. 
Work done to date with this test method indicates that a good nonspinning criterion for 
estimating spinnability 4s the tensile reduction of area at fracture. Results of the spin- 
nability test suggest that a feature of this test be adopted in the design of production cone- 
spinning mandrels. A qualitative discussion of the effects of deviating from the sine 
law is presented. 


Introduction 


NE of the greatest applications of the shear spin- 
ning process is the forming of aircraft and missile components, 
many of which are of newly developed alloys having good high- 
temperature structural properties but limited room-temperature = reduction in thickness 
ductilities. In the past there has been no well-defined method original blank thickness 
whereby one might predict whether or not a particular material = final spun thickness 
could be shear spun to a particular shape without fracture. As 
a result, there has been considerable waste in development work 
by trial-and-error methods from which only vague conclusions 
could be drawn. Therefore it would be of value to use a simple 
and inexpensive test method to determine the ductility of a ma- 
terial under shear spinning conditions. 

Fig. 1 illustrates the familiar ‘sine law” as applied to cone 
spinning. This relationship simply states that the volume of 
material remains constant during spinning and that each incre- 
ment of volume must retain its radial distance from the center of 
rotation, a condition which must be imposed on the operation by 
making the proper machine settings. Although this sine law is 
only a geometric relationship which describes an ideal change of 
shape, experience has shown that it must be obeyed rather 
closely. While some deviation from this rule is possible, the best 
product is usually obtained at or near sine law conditions. 

Early research work in the area of shear spinning by the Physi- eat 
cal Research Department of the author’s company indicated that 
one of the greatest and most immediate needs of manufacturers Fig. 1 The sine law 
who employ this process would be to have some method whereby 
they might test the spinnability of their materials at a minimum 
cost. While many phases of the spinning process have been un- 
der investigation, emphasis was placed on spinnability, and the 
work reported herein was carried out as a facet of a long-range 
program of shear spinning research, but with an aim toward an 
expedient solution to this phase of the over-all problem. 
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Apparatus and Procedure 


A spinning mandrel was constructed in the shape of a half el- 
lipsoid as shown in Fig. 2. The ellipsoid was chosen since it is 
essentially a cone mandrel which varies infinitely in included 
angle between 180 and 0 deg. According to the sine law, a work- 
piece spun on this mandrel must vary gradually in thickness from 
its original thickness to zero. If reduction in thickness is defined 
as: ; 
© SPUN PIECE 
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Fig. 2 Spinning on the ellipsoidal mandrel 
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then the reduction on this mandrel must vary gradually from 0 to 
100 per cent. Obviously, all materials must fracture somewhere 
between these limits since 100 per cent reduction corresponds to 
infinite strain. 

This mandrel was mounted on a shear spinning machine of the 
type shown in Fig.3. The machine has two forming rollers, each 
of which has approximately 50,000 pounds force available parallel 
to the spindle center line and 50,000 pounds available perpendicu- 
lar to the center line. A 100 hp a-c motor drives the mandrel 
through a hydraulic variable-speed unit. The path of the rollers 
was controlled by two templates having the same shape as the 
mandrel, but shifted parallel to the axis of rotation by an amount 
equal to the original thickness of the workpiece. From Fig. 2 it 
may be seen that this condition satisfied the sine law, where the 
final part thickness measured parallel to the axis of rotation has 
a constant value equal to the original blank thickness. 

Test pieces of !/,-in. plate materials were shear cut to 12-in. 

squares. Strips were cut from the edges of each piece for me- 
chanical testing and a pilot hole was drilled in the center of the 
plate. Each piece was marked with a code number and the 
Brinell hardness was measured to identify the condition of the 
material. ; 

In spinning the specimens, three important factors were con- 
trolled by adjustment of machine variables in order that values 
obtained in the test would be applicable to spinning practice and 
comparable to each other: 


1 The wall thickness at each point was adjusted as nearly as 
possible to the value required by the sine law. This is very im- 
portant at the point of fracture since deviations from the sine law 
cause More complex states of stress and strain to exist under the 
roller. This variable was controlled by the template setting and 
movement of the tracer body by a.calibrated screw. 

2 It was necessary that the spun part fit well on the mandrel, 
first, because this is desirable in spinning practice and should 
therefore be a criterion of any spinning test, and second, be- 
cause when the part fits tightly on the mandrel it must have the 
same shape as the mandrel and this eliminates extensive meas- 
urement of spun parts. This factor was controlled by holding 
correct wall thickness and varying feed and rotational speed. 

3 For a good test, the unspun flange or undeformed portion 


Fig. 3 
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of the workpiece must remain plane. Often the flange will lean 
forward, toward the headstock unit, or backward, away from the 
headstock unit. This phenomenon is usually associated with de- 
viations from the sine law but it is known that even when the 
thickness is correct, certain combinations of the process variables 
may cause flange bending. This is to be avoided, since it ‘“‘pre- 
forms” the part and changes the thickness required by the sine 
law. 

The first specimen of each material was formed under condi- 
tions estimated from past experience, and was usually a poor 
part. Corrections were made, and the second part was spun. 
This procedure was repeated until a good part resulted and, at 
this set of conditions, the remaining test pieces of the particular 
material were spun. For each test, the machine set-up data 
were recorded, thickness at fracture and height of spun cup were 
measured. 

Tensile tests were performed on material from each spinna- 
bility test specimen. Testing was done on a 60,000 pound uni- 
versal tensile testing machine with a specimen of !/4 X !/;-in. 
gage section and 2-in. gage length. A constant cross-head move- 
ment rate of !/s in. per minute was used. The complete load- 
elongation curve was recorded for each specimen and the reduc- 
tion of cross-sectional area at fracture was measured. 


Results and Discussion 


With a description of the test mandrel, Fig. 4, the correct wall 
thickness at fracture for any height of cup may be read directly. 
Comparison of the correct thickness, obtained in this manner, 
with the actual value of thickness as measured revealed that few 
of the parts were spun exactly to sine law conditions. Typical 
data are shown in Table 1. In order to interpolate these results 
to standard sine law conditions, a parameter of deviation from the 
sine law was introduced as: 


(2) 


= measured thickness 
sine law thickness 


Hydrospin machine 
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When the actual reduction of wall thickness at fracture for each é : : 

test piece of a single material is plotted graphically against the Circumferential strain, ¢¢ = Te 

parameter K, a consistent relationship is seen which may be inter- 

polated to the desired value of reduction for K = 1. This is 

shown in Fig. 5. The value thus obtained is the average limiting > ; 

reduction for the particular material when spun according to the T, = T, = K:T, = K:T,sin a/2 

sine law. It may be noted from Fig. 5 that increasing K lowers then 

the maximum permissible reduction and decreasing it raises this 

value. This phenomenon is readily explained by considering the er = Ksina/2—1 

geometry of shear spinning. Fig. 6 shows the cross section of a he f 

blank of thickness 7’, and diameter 2R,, which is spun into a cone ae RS ean are ne 

of angle a having any height L, cos a/2 and any thickness T’,. (1 + ep)(1 + ez)(1 + ee) = 1 
The three components of strain are: 


L, sin a/2 


The parameter K is again used (equation 2). 


then 


Thickness strain, ep = = (K sin 0/2) (3) (& sin =”) ae 
/ Rs 
b 


L 
Length strain, e; = 
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FOR 0.250 BLANK Fig. 5 Spinnability versus deviation from sine law 
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Fig. 4 Ideal thickness versus height of spun cup Fig. 6 Geometry of deviation from the sine law 


Table 1 Spinnability test data for 6061-0 aluminum 


Part No. Spindle Axial Feed Thickness Height .of 


Correct 
RPM IPM 


at Spun Cup Thickness 
Fracture inches inches 
inches 





0, 038 ° 0. 057 
0. 049 ° 0, 052 
0. 044 e 0. 060 
0.059 ° 0.051 
0.055 ° 0. 050 


0, 054 0, 048 
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At the sine law K = 1 and eg = 0, but if K < 1 theneg > 0. 
This means that the part must undergo tensile deformation in the 
circumferential direction. If fracture does not occur imme- 
diately the unspun flange must also undergo this type of deforma- 
tion. As shown in Fig. 7 the resistance of the flange to this de- 
formation causes radial compressive stresses to act on the zone 
which is undergoing spinning deformation. It has been shown 
that the addition of a compressive component of stress to a plastic 
deformation process will increase the ductility of metals under 
the process [1].!_ Thus, when the wall thickness is less than that 
required by the sine law, tensile circumferential strains are 
caused in the unspun flange and ductility is increased. It can be 
shown by similar reasoning that, when the wall thickness is too 
great, compressive circumferential strains are imparted to the 
flange and ductility is decreased. 

The circumferential compressive strains in the flange due to 
too little reduction explain the flange wrinkling in extreme cases, 
since less energy is required to wrinkle the flange than to shrink 
it, as in deep drawing. On the other hand, when the part is over- 
reduced less energy is consumed by the flange leaning forward or 
backward than by growing in diameter in a radial plane. This is 
also consistent with experience in spinning of production parts. 


1 Number in brackets designates Reference at end of paper. 
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The values of limiting reduction which were obtained in this 
work are generally higher than those obtained in practice. This 
fact is believed to be due to two features inherent in this test 
method which are not extensively employed in spinning practice. 
One feature is the gradual change of cross-sectional area which 
the material undergoes on this ellipsoidal mandrel. It is a well- 
known design principle that sudden changes in section weaken 
structures and it seems that this may also apply to parts which 
are undergoing spinning deformation. The second beneficial 
feature of this test method is the fact that true shear spinning is 
maintained at each point during the operation. Fig. 8(a) shows 
how bending is introduced when a part is formed over a mandrel 
having a sharp edge from nose to wall. Fig. 8(b) shows that 
bending is still present when a radius is put on the mandrel. 
In Fig. 8(c) an improved design for cone spinning mandrels is 
shown where the wall thickness is tracer-controlled to decrease 
gradually from its original value to the value which the sine law 
requires for the desired cone. The sine law is maintained at each 
point according to the instantaneous mandrel included angle, i.e., 
the axial measurement of thickness is always equal to the original 
blank thickness. 

A plot of maximum thickness reduction in spinning against 
maximum reduction of area in the tensile test, Fig. 9, shows a 
rather consistent relationship between these two quantities. 
For materials having tensile reductions of 80 per cent or less, the 
limiting spinning reduction is equal to or greater than the limit- 
ing tensile reduction. Less ductile materials will fracture at 
greater cone angles where, it seems, a state of stress exists which 
is more conducive to large deformations than the tensile test. 
However, for more @guctile materials, which fracture at small 
cone angles, the state of stress at fracture seems to approach pure 
tension. This was confirmed by the observation that materials 
which withstood large strains and spun to low angles fractured 
behind the forming roller in tension [Fig. 10(a)] and materials 
which fractured at large cone angles failed under the roller at. 
some other deformation limit as in Fig. 10(6). 

The plot of tensile per cent elongation in two inches against 
maximum spinning elongation, Fig. 11, shows no trend whatso- 
ever. Therefore, per cent elongation by itself may not be used 
as a criterion for spinnability. This might be expected since the 
value of per cent elongation will vary considerably for various 
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gage lengths and by itself cannot be related to the maximum 
strain which took place in the tensile bar before fracture. Thus, 
it appears that the tensile test reduction of area is the best pres- 
ently known indicator of spinnability. The curve of Fig. 9 
may be approximated by the relationship: 


R= ee Pe (4) 
qd 
0.17 + — 
+ 100 
where 


R = limiting reduction of thickness in spinning, per cent 
q = tensile test reduction of area at fracture, per cent 


From this relationship one may estimate the maximum spinning 
reduction that a material will withstand, knowing only the tensile 
property of reduction of area at fracture. It is known that this 
value will vary for different tensile specimen geometries, however, 
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Fig. 9 Spinnability versus tensile reduction 


Fig. 10 Types of fracture; a right; b left 
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the specimen used in this work is convenient for use with plate 
and sheet materials and should be easy to duplicate. 

Table 2 lists the average properties obtained from tensile test- 
ing and the average ductility values obtained from spinnability 
testing. Examination of this table shows that there is no rela- 
tionship between spinning ductility and such properties as 
strength and strain-hardening rate as measured by the logarith- 
mic strain corresponding to the ultimate tensile strength. 

In addition to the materials listed in Table 2, two specimens 
each of René 41, a nickel-base alloy, and heat-treated 17-4 PH 
stainless steel were tested for spinnability and tensile properties. 
The results obtained did not seem to fit the curve of Fig. 9. 
However, two specimens do not permit a good plot of K versus 
per cent FR as in Fig. 5, and the values of spinnability obtained 
were questionable. Also, these materials exhibited very low 
ductility in spinning, in a direction at 45 deg to the apparent 
direction of rolling of the sheet. Since shear spinning has rota- 
tional symmetry, the least ductile direction is the one which will 
cause fracture, and tensile specimens were not available in this 
direction for a comparison of spinnability and tensile ductility. 
It was apparent, however, that these materials in the condition 
used in this work must be spun at elevated temperatures if a 
large amount of deformation is desired. Therefore, it is recom- 
mended that further spinnability studies be carried out with 
temperature as a variable. 


Conclusions 


1 The ellipsoidal mandrel can be used to test the spinnability 
of materials. 

2 The spinnability of most materials may be predicted from 
the tensile test reduction of area. This is possible through the 
empirical relationship given herein. 

3 The average per cent elongation from the tensile test can- 
not be used by itself to estimate spinnability. 

4 Greater deformation is possible when spinning to a thick- 
ness less than that required by the sine law and less deformation is 
possible with a thickness greater than sine law thickness. 

5 Greater reductions should be possible in the spinning of 
cones if a round-nosed mandrel is used and the thickness on this 
nose is controlled to obey the sine law at each point. This will 
eliminate bending and sudden changes in section which may be 
detrimental to the operation. 
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Table 2 Spinnability and tensile data 


BHN 
500/10 


Material True 
Breaking 
Stress 


PSI 


True 

Tensile 

Stress 
PSI 


Proportional 
Stress 
PSI 


% E 
in 2" 


Tensile 
Hardening %Rat 
Exponent Fracture 
Log Strain %E= $% + 
at UTS 100 


Strain 


Spinnability Spinning 
Elon “ee 


mR 





1100-0 

Aluminum 20 
PH 15-7 MO 
Stainless 143 
1100-H14 

Aluminum 35 
ETP Copper 
Annealed 38 
6061-0 

Aluminum 33 
304 

Stainless 133 
17-7 PH 

Stainless 143 
6061-T4 

Aluminum 58 
1020 Steel 89 
ETP Copper 

Cold Rolled 81 
4130 

Steel 130 
6061-T6 

Aluminum 93 
2024-0 

Aluminum 58 
Carpenter 

"C" - Lapelloy 262 
2024-T36 
Aluminum 107 
Cast Iron 114 


2,400 17,200 49,200 


39,500 179,000 216,000 


14,400 18,800 33,800 


4,900 47,200 76,700 


8,400 22,000 39,100 


44,200 131,200 175,000 


55,900 183,000 223,000 
16, 700 


34,900 


44,600 
63,200 


56,200 
128, 000 


36, 800 44,400 68, 700 


52, 100 84,500 122,000 


42,500 52,500 65,800 


11,800 43,500 51,600 


101,000 151,000 160,000 


55,300 
9, 700 


82,900 
15,300 


92, 700 
15,300 
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Mr. Kegg’s correlation of the limit of per cent reduction of 
metal thickness in spinning, with per cent reduction in area, in the 
tensile test, is logical and proper because per cent reduction in 
area is a true value. It would not be logical nor would he find a 
correlation with per cent elongation in two inches, for this com- 
bines both general and local elongations on the chance relation- 
ship of speed and local weakness. 

It was also logical that he would find a shear type fracture for 
the less ductile materials and a relatively higher reduction value 
than that indicated in the tensile test. It will be noted here that 
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0,285 566 


0, 242 455 


0,059 400 


0.372 400 


0. 166 400 


0, 446 354 


0, 176 354 


0. 199 
0,235 


0, 157 
0. 195 
0. 108 
0. 138 


0. 082 


0.151 
0. 006 


the angular relation of the work roll and the chuck contour were 
such as to involve more compressive working and less tensile 
strain than is the case in the area on the chuck where the more 
ductile metals failed. As was demonstrated in the work of Bridge- 
man, to which he refers, metals may be worked in compression 
considerably beyond the point of normal tensile failure. 
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It should be noted that while it is logical that reduction in area 
should be found to be a good indicator of spinnability and that 
per cent elongation in any gage length be found to be poor in 
this respect, it was the purpose of this research to obtain a 
quantitative relationship for the prediction of spinnability as in 
equation (4). 

The author would also like to point out that later work in 
this area by Kalpakcioglu [2] has shown that the angular relation- 
ship between the work roller and the chuck contour is not a 
quantity of great importance to spinnability. He has shown ex- 
perimentally that varying the swivel of the work roller has little 
effect on spinnability and analytically and experimentally that 
the mandrel angle has a great effect on the state of stress in the 
work material and thus on spinnability. 


Additional Reference 


2 §. Kalpakcioglu, “A Study of Shear Spinnability of Metals,” 
ASME Paper No. 60—WA-187, to be published in Trans. ASME, 
Series B, JourNAL or ENGINEERING FOR INDUSTRY. 


Transactions of the ASME. 





SEROPE KALPAKCIOGLU 


Senior Research Engineer, 
The Cincinnati Milling Machine 
Company, Cincinnati, Ohio 


On the Mechanics of Shear Spinning 


With the use of an idealized model of the shear spinning process some of the basic 
quantities tn the shearing mechanism have been defined and formulated, these being: 


shear strain, shear strain rate, specific energy, and tangential force (torque) in spinning. 
An experimental technique to study metal flow in shear spinning has been described. 
The results of analytical work have been compared with experimental data. 


Introduction 


ETAL SPINNING, like many other forming opera- 
tions, is to the present day still mostly an art, the techniques in- 
volved in manufacturing a good product having been developed 
through long experience by trial and error methods. Until a 
few years ago much of the industrial experience was in hand 
spinning but with the advent of power spinning, where large re- 
ductions are taken on materials, a new set of problems was 
created which, as in hand spinning, were again being approached 
principally by trial and error methods with little scientific back- 
ground. 

Because of the advantages of the power spinning process over 
other methods of manufacturing the same part and because of 
the success obtained so far in many applications and with ma- 
terials of widely varying properties, it is quite apparent that 
power spinning is a very promising process. Its main ad- 
vantages are that parts with rotational symmetry can be spun 
in a rather short time with hardly any waste of material and with 
greatly improved mechanical properties of the final product over 
those of the initial material. In recent years power spinning 
has been playing a very important role in the manufacturing of 
missile and aircraft components of various forms, with rigid 
specifications for dimensional accuracy, strength, finish, etc. 
While experience in manufacturing such parts could be gained 
through the same methods as were used for hand spinning, be- 
cause of the very different properties of the materials used in 
these parts and because of the great expense involved, it becomes 
evident that a trial and error type experience is hardly the most 
economical and efficient way to handle the problem. Thus, there 
is an urgent need for a basic understanding of the process of 
power spinning. 

This paper deals with an analytical study of the mechanics of 
the shear spinning process, i.e., cone spinning, as obtained from 
an idealized model of the operation. 


The Process 


There are many papers and articles on power spinning in 
literature, particularly in trade journals, describing in detail the 


Contributed by the Metal Processing Research Activity of the 
Production Engineering Division and presented at the Production 
Engineering Conference, Milwaukee, Wis., May 17-19, 1960, of 
Tue AMERICAN Society oF MecHANICAL ENGINEERS. Manuscript 
received at ASME Headquarters, February 18, 1960. Paper No. 
60—Prod-1. 


Nomenclature 


process, the machines, and general experience in spinning certain 
forms of certain metals [1-4].1 No attempt will therefore be 
made here to describe the subject in detail. It will be sufficient 
to present Fig. 1 as the basis of this study. A flat blank of thick- 
ness ¢ is held by a tail stock against the apex of a mandrel of a/2 
half-angle. A roller with a corner radius of p and in a plane 
making an angle § with the side of the mandrel feeds parallel to 
the side of the cone in such a manner that the axial thickness of 
the spun section is always equal to the original thickness ¢. This 
is called sine-law spinning, but deviations from it are possible and 
are practiced. Thus, we have: 


t, = tsin a/2 (1) 


If the process is carried out in this manner it will be found that 
the flange remains straight, except in thick blanks of about t = 
1/, in. and greater, and that the outside diameters of the blank 
and the finished part are the same. 

Ideally, the operation is a “simple shear’’ process, as seen from 
Fig. 1. However, as will be found later on, this spinning process 
is one of the more complex ones in metalworking and in order to 


1 Numbers in brackets designate References at end of paper. 
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Fig. 1 Shear spinning process 





D, cone diameter, in. 
D, roller diameter, in. 
f = feed per roller along cone side, 
in/rev 
F, = tangential force per roller, lb 
N mandrel rpm 
R = cone radius, in. 
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blank thickness, in. 
finished thickness of cone, in. 
= specific energy, in-lb/in.* 6/: 
mandrel half-angle, degrees 
= angle between roller and cone p 
side, degrees C 
simple shear strain T 


shear strain rate, sec™! 

tensile strain 

preformed blank half-angle, de- 
grees 

roller corner radius, in. 

tensile stress, lb/in.? 

shear stress, lb/in.* 


may 1961 / 125 





study the mechanics of the process to obtain expressions for the 
basic quantities, such as force analysis for prediction of power 
requirements, certain simplifications are inevitable. 


The Ideal Process 

The process will thus be idealized as shown in Fig. 2. The 
analysis is like the model of a deck of cards sliding over each 
other, so widely used in single point metal cutting. The difference 
here is that the elements in Fig. 2 are concentric cylinders sliding 
over each other axially and forming a cone while at the same time 
fulfilling the requirement of Eq. (1). It can easily be seen from 
this ideal picture that the shear strain is the distance an element 
moves axially divided by the thickness of the element, or 


Y = cot a/2 (2) 


for the case where the flange is straight, i.e., 9/2 = 90 deg. If the 
original blank is preformed such that the preform half-angle 0/2 
has a value between 90 and 0 deg then the expression for the shear 
strain becomes 

Y = cot a/2 — cot 6/2 (3) 


From equation (3) it can easily be seen that, for the same 


if 
mandrel angle a/2, the greater the preform angle the less the 


value of the shear strain. 























Fig. 2 The idealized shear spinning process 


The foregoing analysis is for the case where p = 0. It should 
be pointed out that in practice rollers are used where the corner 
radius is indeed very small such that the sharpness of the left side 
of the shear plane is not so idealized after all. However, the right 
side of the shear plane always has a curvature, similar to Fig. 1, 
no matter how small p is. If the idealized ‘picture of Fig. 2 is re- 
garded as a reverse metal-cutting process, with a rake angle of 
a/2, this curvature would be similar to a built-up edge on a single- 
point cutting tool. 

If closely examined, it will be noted that the axial thickness of 
the elements in this region changes. However, measurements on 
actual parts spun with different values of p have shown that this 
variation in axial thickness from the original blank thickness is 
within +10 per cent. At this point, it would be interesting to 
see how well the idealized process agrees with the actual flow 
pattern of a metal spun by this process. : 


Metal Flow Pattern in Shear Spinning —Experimental 
Technique 

The grid line technique has been widely used in other metal 
forming processes, particularly in extrusion, to determine the 
actual metal flow pattern. While this isa very useful technique 
and relatively easy to apply to other forming operations, its use 




















Fig. 3 Grid lines in spinning blank 
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Fig. 4 Metal flow in copper spun on a/2 = 35 deg; t = 1/4 in., p = 0.100 in. 
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in spinning has presented special problems for obvious reasons. 
However, the technique has been developed to such a degree that 
it is possible to apply it on copper parts. Figure 3 shows the 
detail of the method used. A square blank is cut in the middle 
and the interface abcd is milled to obtain a flat surface. With a 
V-shaped tool grid lines are inscribed on one surface, the other 


Fig. 5(a) Metal flow in copper spun on a/2 = 35 deg, tf = 1/2 in., 
p = 1/2 in. 
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mating surface being left as milled. A strip of silver solder, with 
a width equal to the thickness of the blank, is then placed be- 
tween the mating surfaces with flux and the two halves of the 
blank are clamped together securely. The part is then placed in 
a furnace and heated to about 1300 F until the solder melts com- 
pletely and fills the ““V’”’ grooves. After it is cooled the part is one 
solid piece in the form of a flat blank. It is spun just like any 
flat blank. When it is put again into the furnace the solder melts 
and the two halves can now be separated. The interface is then 
cleaned and polished. If done properly, it will be seen that a com- 
plete flow pattern is obtained. Such pieces are shown in Figs. 4, 
5(a and b). The following observations can be made from an 
inspection of the spun parts: 


(1) An original center line in the plane of the flat workpiece 
does not remain straight, it is curved. 

(2) There is circumferential flow, i.e., the surface abcd in Fig. 3 
is not a plane surface any more. 

(3) The grid lines at and near the mandrel surface are dis- 
torted more than the rest; this, however, is a relatively small por- 
tion compared to the rest of the spun section where it can be seen 
that the axial lines, i.e., lines parallel to the axis of rotation, have 
essentially kept their direction. 


Of these three points, the last one is the most important, since 
it is in the axial direction where the greatest distortion takes 
place, and the fact that the axial lines in the original flat blank 
remain essentially axial is encouraging because it justifies the 
simplification made in Fig. 2. The technique described above 
can be used in studying the influence of different process variables 
such as a/2, 0/2, B, p, ete., on the metal flow pattern. 

At this point it would be interesting to observe the hardness 
variation in the material as it is spun, since it will be a direct indi- 
cation of how much the material is strained. Figure 6 shows a 
cross section of the same part shown in Fig. 5(a). Using the 
Rockwell F scale, the hardness was taken at approximately the 


Fig. 5(b) Detail of copper part at mandrel apex 
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Fig. 6 Hardness distribution in spun copper cone shown in Fig. 5(c) with 
constant-hardness lines 
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Fig. 7 Top view of idealized shear zone 


same positions as shown in Fig. 6. The following observations 
may now be made: 


1 The material is gradually strained, i.e., reduced in thick- 
ness, until it reaches the dotted line where the process is com- 
pleted and no further hardness variation takes place. 

2 The rate of increase in hardness is greatest at the beginning 
of the deformation as seen from the distribution of the constant- 
hardness iines. This is of course to be expected since it is analo- 
gous to the true stress-true strain curve of copper, or any other 
strain-hardening material (see Fig. 8) where the strain-hardening 
coefficient decreases with increasing strain. 

3 The region near the roller contact area has higher hard- 
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Tabie 1 Experimental data on shear spinning | properties 
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Fig. 8 True stress-irue strain curves for various materials in conven- 
tional tension test at room temperature (The Cincinnati Milling Machine 


ness values. This is understandable in view of the fact that, as 


seen from Fig. 5(a), this region is worked more seriously due to the 
circumferential flow of the metal under the roller contact area. 

4 The reduction in thickness of this copper part is 43 per cent 
and the increase in hardness is approximately 45 per cent. It is 
interesting to note that the increase in hardness is about the same 
as the increase obtained by rolling, taking the same per cent re- 
duction in thickness. There are corresponding increases in 
strength and decreases in ductility due to thickness reduction as 
carried out in spinning. Table 1 gives some values of mechanical 
properties for three different materials. (Note that roller swivel 


has no influence on the final mechanical properties of the spun 
material. ) 


Shear Strain Rate 


Since strain rate has, in some cases, important influence on the 
behavior of metals in mechanical deformation, it would be both 
interesting and also necessary to formulate this basic quantity. 
The ideal model will again be used in the derivation of this strain 
rate in spinning and the distortion of the flange will not be con- 
sidered. While Fig. 2 shows a side view of the ideal shear zone, 
Fig. 7 shows the top view where a roller with p = 0 and diameter 
D, is displacing the flange by an amount of f cos a/2. The ele- 
ment aa will be moved to the right and downward until it coin- 
cides with bb where the shearing process is completed. Assuming 
that aa and bb are at the same cone radius D,/2, we see that the 
shear strain rate is simply the ratio of the shear strain (Eq. 1) to 
the time it takes to complete the shearing process. This is an 
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average shear strain rate because lines ab are assumed to be 
straight. This assumption is not too incorrect because D,/2 >>. 
Also, theoretically, the strain rate at ‘‘a’’ is infinite, but in actual 
spinning lines ab do not meet the flange at aa so sharply; there- 
fore, this is a point of no great concern. Furthermore, what is of 
interest here is the order of magnitude of the strain rate, not 
necessarily the exact value. 
The distance 1 is easily seen to be 





l= Vif cos a/2)(D, — f cos a/2) 


l= Vf-D,- cos a/2 
The time it takes for line aa to move to bb is simply 
1 _ Vid,enal 
velocity aND, 
The ratio of Eq. (1) to (5) is the shear strain rate. Thus 
aND, cot a/2 
= Ber 60 /fD, cos a/2 sec~! (6) 


To get an idea about the magnitudes of y and 7, it will be in- 
teresting to obtain some numerical values for a typical straight 
cone spinning operation. 

Let a/2 = 21 deg 0/2 = 90 deg 

0.030 in./rev per roller 
14 in. 

= 10 in. 

= 300 rpm 


From Eq. (2) we obtain 


time = 





Y = cos 21 deg = 2.6 
From Eq. (6) we obtain 
: (w)(300)(10 (2.6) 
Y * 60 (0.030)(14)(0.934) 
= 0.65 & 10 sec! 
As expected, this is a high rate of strain of about the same order 
of magnitude as impact loading. 
From Eq. (6) it can be seen that, since no variable in the ex- 
pression has an order greater than 1, even a large variation in the 


magnitude of the variables involved will not influence greatly the 
order of magnitude of the strain rate. 








Tangential Force 


A most important quantity in the shear spinning process is the 
power required to carry out a certain spinning operation. It 
has been experimentally observed that, while the axial and radial 
forces in spinning are much larger than the tangential force, i.e., 
torque, it is this last force that is responsible for most of the power 
consumption in the process. 

While similar attempts have been made by others to arrive at 
an expression for power consumed in shear spinning [1, 2, 4, 5, 6] 
another attempt is made here to obtain a useful and simple 
derivation of tangential force in shear spinning. 

Since the operation is a shear process and because of the geome- 
try of the system, which can be considered as a plain strain prob- 
lem, we see that the energy per unit volume of metal sheared will 


be 
cot a/2—cot 6/2 
u= f, rdy (7) 


For a strain-hardening material 7 will be a function of y. 
Furthermore, since 7 versus y curves of materials are more 
scarce than o versus € curves, it would be better to change equa- 
tion (7) to the following 
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u= fi ode (8) 


where the relationship between yy and € can, from the distortion- 
energy theory, be written as 


y= V3« (9) 


y 
€=.—> 


1 
V3 = 3 a/2 — cot 6/2) 


where € is the principal true strain in a tensile test. uw is now the 
area under the trve stress-strain curve in tension (Fig. 8) cor- 
responding to y from Eq. (3). 
Power consumed during the process will be the product of 
specific energy and the volume spun per unit time, 
d vol 


=F 


dR 
= 27tR — 
nk 


= 2ntRNf sin a/2 


(10) 


Hence 


P= 


nif ND, sin 0/2 f; ode tn. Th/min 


Torque = = ({D, sin a/2 f, ode in. lb 


and the tangential force 


Fr = tf sin a/2 fy ode Ib (13) 


Discussion 


In the foregoing equations all the quantities are known once the 
process variables are fixed and the integral is the area under the ¢ 
versus € curve for the particular material to be spun. Fig. 8 
shows the true stress-true strain curves of some materials at room 
temperature and at ordinary low strain rates obtained in the 
author’s Company. 

Figs. 9 and 10 show experimental data with 1100-F aluminum 
as work material. In spite of the scatter of data points, there is 
good agreement between theory and experiment. However, the 
fact that this correlation is good does not necessarily mean that 
the analytical expression for the tangential force is conclusive. 
Not only is the process idealized for the analysis, but the values 
of u inserted in Eq. (13) are those from conventional tensile test 
data, whereas it was shown above that the strain rate in spinning 
is quite high. This will certainly influence the flow stress of the 
material. It should be remembered, however, that there is also 
considerable temperature rise in spinning and it is possible that 
the influence of increased strain rate on the stress-strain curve 
may be canceled by the opposite influence of increased tempera- 
ture. A discussion of the role of the strain rate in metal cutting 
is given by Kobayashi and Thomsen [7], where good correlation 
is obtained between metal-cutting data and conventional proper- 
ties of the workpiece irrespective of the high strain rate. While 
similar discussions could be made for the case of shear spinning, 
it appears that the correlation cannot be fully explained at this 
stage. The good correlation seen in Figs. 9 and 10 is quite en- 
couraging, particularly for designers of power spinning machines 
and for those interested in the practice of spinning. 

In connection with Eq. (8) a further comment may be in order 
here. Kobayashi, et al. [8], suggest that in metal cutting the 
actual sequence of events are such that the specifie energy u is 
likely to be 
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Fig. 9 Theoretical and experimenta! force data. Material: 1100 F 
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and coolant used. 











60 


TANGENTIAL FORCE — LBS 
= 
pw ew See See ERS ee Oe 
| | | 
| 
i | 
| | | } 
EXPERIMENT | | 
" |#*.028 —.035"/rev 








| 

i i 1 lL i l 

10° 20° 30° 40° 50° 60° 70° 80° 90° 
MANDREL HALF -ANGLE — @/2 





Fig. 10 Same data as in Fig. 9 


u= Cre (14) 


where o is the stress corresponding to €. The value of this dy- 
namic energy is higher than the one given by Eq. (8) for strain- 
hardening materials. Since the order of strain rate in spinning 
is comparable to that in metal cutting, Eq. (14) was included in 
Fig. 9 for comparison. With this limited data, it is observed that 
there is somewhat better agreement with Eq. (14). Kobayashi, 
et al., also found better agreement with this dynamic energy for 
SAE 1112 steel in metal cutting. 


130 / may 1961 


It would also be interesting to see how Eq. (13) changes when 
o is given a constant average value oo for any given material. 
Thus for 6/2 = 90 deg, 


Fr = tf sin a/2o€ 


= tf sin a/20 cot a/2 


1 
V/3 


(15) 


1 
a wa tfoo cos a/2 


Hence the tangential force will be a function of a/2 in Fig. 10, 
the theoretical curve being a true cosine curve with Fp = 0 at 
a/2 = 90 deg and Fy a maximum at a/2 = 0 deg. This is the 
same type of curve given by Avitzur and Yang [6]. For strain- 
hardening materials the curves given by Equations (13) and (15) 
will be different at low mandrel angles. It should be added, how- 
ever, that the region of the curves below a mandrel half-angle of 
about 15 deg becomes somewhat unimportant due to the fact that, 
as experimentally observed by Kegg [9] metals fracture in ten- 
sion behind the roller when they are spun from a flat blank to a 
mandrel half-angle of 15 deg or less in one operation. This cor- 
responds to a reduction in thickness of about 75-80 per cent. 


Conclusions 


The shear strain, shear strain rate, specific energy, and the 
tangential force in shear spinning have been formulated for an 
idealized process. 

For 1100 aluminum good agreement has been obtained between 
theory and experiment. 

The technique, described herein, to study metal flow in spinning 
can be employed to find the influence of process variables on the 
flow pattern. 
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Precision Grinding Operations 


The concept of random variables as used in the theory of probability is applied to machin- 
ing operations, in which the input stock, hardness, stock distributions, etc., vary. Out- 
put errors are calculated in terms of input variations and machining time, specifically 


for grinding operations. 
variations as well as variations of wheel sharpness. 


In particular, output size errors are related to input stock 
Variations in runout or ecccen- 


tricity are related to the initial runout and stock. A dimensionless variable for comparing 
metal-cutting machine tools is also introduced which permits an estimate of elastically 


produced errors. 


Introduction 


N MANY production lines where a series of machining 
operations are performed on workpieces, the accuracy of precision 
finishing operations often depends, in part, on the accuracy 
of the preceding roughing operations. For example, in the pre- 
cision grinding of holes, large random variations of stock left 
after the roughing operation result in small but perceptible varia- 
tions in the finished work. In addition to stock variations, other 
factors also affect the quality of the precision finishing operation. 
In order to study the relations between the output quality of a 
machining unit and the input quality to the unit it is convenient 
to consider input variables X; and output variables Z, as il- 
lustrated in Fig. 1. The input variables may consist of the 
amount of initial stock X,, the initial eccentricity or “runout’’ X2, 
the initial taper X;, the workpiece hardness X,, and perhaps 
others. The output variables represent the final or finished size 
Z,, the final runout or eccentricity Z2, the final taper Z;, the final 
hardness Z;, and perhaps others. Associated with each of these 
variables is a probability distribution function. Such variables 
are called random variables and are treated in many texts [1]! 
on the theory of probability. Each of the input random variables 
X ; possesses a mean #; and a variance %,?.. Each output random 
variable Z, possesses a mean %, and a variance 2,2. The variance, 


1 Numbers in brackets designate References at end of paper. 
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Engineering Conference, Milwaukee, Wis., May 17-19, 1960, of THE 
AMERICAN Society OF MECHANICAL ENGINEERS. Manuscript re- 
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Nomenclature 


Transient forces on grinding wheels are also considered. 


as is well known, is a measure of the dispersion or spread about 
the mean. 

Referring to Fig. 1, the quality of the output generally de- 
teriorates as the machine is set to higher production rates. For 
example, again in the precision grinding of holes, as the machine 
is adjusted to operate more rapidly the quality of the output 
generally becomes poorer, i.e., the finished size variance 2,%, the 
final runout variance 22%, the final taper variance 2;? increase. 
Consequently, the output variances are functions of the input 


INPUT 
RANDOM 
VARIABLES 
ee 


OUTPUT 
RANDOM 
VARIABLES 





MACHINE 
TOOL 
xX; UNIT Zp 











MACHINE 
ERRORS 


y. 


Fig. 1 Block diagram illustrating a machining unit taken from a produc- 
tion line. The input and output random variables may be 

amount of initial stock X; = initial taper 

initial runout X; = initial hardness 

final size Z; final taper 

final runout Z; = final hardness 

achine errors Y; may be for example 

repetitive positioning of a slide 

closing position of switch 
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mean %,; and variance f,? 
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size error 
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initial runout 





= normal force density (force/ 
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wheel depth of cut 
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&(2, t) = deformation of 


grinding constant 


local wheel depth of cut 
normal force density 





width of contact 


influence coefficient giving de- 
flection at x = 0 due to unit 
force at 


¢(x, t) = displacement of wheel due to 


spindle deflection (see Fig. 8) 


wheel (see 


Fig. 8) 


Journal of Engineering for Industry 


normal force density 
local wheel deformation p(x, t) = radius of workpiece 
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variances as well as the cycle time ¢, or rate of production, thus 
for example 


212 — A(R, R22, ,%, t) (1) 


The variance 2,? is the finished size variance due to variations of 
the input variables only and will be designated as the size variance 
of propagated errors. To this must be added the errors caused by 
variations in the machine unit itself such as variations in slide 
positioning, variations in electrical contact closure, etc. When 
these are independent random variables, the over-all variance 
is equal to the sum of the individual variances thus 


m= B+ ht + htt... (2) 


where 7’, Js?, . . are the variances due to machine errors, and 2,*? 
is the over-all finished size variance. 

In cases where the machine errors are small compared to the 
propagated errors, improved quality can be obtained in two 
ways. The cycle time ¢ can be increased, thereby reducing the 
propagated error variance 2,?, or the input variances %,%, ¥.?, . . can 
be reduced. Clearly, a lengthening of the cycle time is unde- 
sirable since it lowers the production rate of the machine unit. 
Improving the input variances may also be uneconomical since it 
may require more time or equipment in the preceding operations. 
The problem is to adjust each machining unit in the production 
line so that the group of units as a whole operate in the most 
economical way for a given output quality. 

In order to approach this problem it is necessary to have 
analytical performance characteristics for each machining unit in 
the production line. The set of quantitative analytical relations 
between the output variances 2,3, the input variances #,?, and 
the time of operation ¢, as illustrated by Eq. (1), describes the 
performance of the machining unit and may be referred to as 
“analytical machine tool performance characteristics.’’ 

The object of this paper is to present analytical relations be- 
tween the propagated output errors and the input errors for in- 
ternal grinding machines. However, some of the relations with 
proper interpretation, apply to external plunge grinding and to 
certain other machining operations where variable elastic effects 
cause inaccuracies in the machined workpiece. 


Random Sizing Errors Resulting From Elastic Deformation 

In many precision grinding operations the finished workpieces 
are not all precisely the same, the errors being randomly dis- 
tributed about a mean value. These errors may be caused by 
variations in the amount of stock to be removed, variations in 
the hardness of the workpieces, or variations in the grinding 
efficiency of the grinding wheel, and are produced by variable 
elastic deformations of the machine tool. Since internal grinding 
machines are inherently less rigid than other types, variable elas- 
tic deformations are especially noticeable. The analysis in this 
paper applies directly to plunge grinding on internal grinding 
machines, however, the principles may be applied in a similar 
manner to other types of plunge grinding operations and even 
certain other metal-cutting operations. 

Fig. 2 shows the elements of a typical internal grinding 
machine. The grinding wheel is mounted on the free end of the 
wheelhead spindle, which projects cantileverwise from the wheel- 
head body. The wheelhead body is mounted on a cross slide 
which feeds the grinding wheel into the revolving workpiece. At 
the initial instant of contact between wheel and work the grind- 
ing force is zero and the spindle is undeflected. However, as the 
cross slide feeds, more and more spindle deflection is produced 
until enough force is developed at the grinding wheel to cause it to 
remove stock at a sufficient rate to keep up with the cross slide 
feeding motion. Fig. 3 shows a plot of the instantaneous cross 
slide position as well as the position of the grinding wheel. Here, 


132 / may 1961 


the cross slide is fed at a constant rate from O to D then the slide 
dwells from D to E. The wheel position takes the path OC during 
the feed interval and then CF during the dwell. The vertical 
distance between the curves ODE and OCF represents the spindle 
deflection. At point E the cross slide is rapidly withdrawn from 
the workpiece and grinding ceases, the workpiece having a bore 
diameter corresponding to the extreme cross slide position DE 
diminished by the amount of residual spindle deflection EF. 

In the event that the next workpiece to be ground has a lesser 
amount of stock, the grinding wheel will contact the workpiece 
at the point O’ instead of at O and the wheel position will follow 
the course O’ C’ F’, resulting in the error €. 

In order to calculate € it is necessary to formulate the curve 
OCF and O’C’F’. 

The velocity of cutting of the grinding wheel is proportional to 
the normal force between wheel and workpiece thus 


“ = InK[Vi — y] O<t<e, (3) 


where I is a grinding parameter representing the rate of change 
of wheel depth of cut with respect to normal force, per revolution 
of the work. Here I is considered to be constant; however, it 
will be shown that under transient grinding conditions I’ is not 


necessarily constant. The normal force is given by K[Vt — y] 
where K is the effective spring constant 


i K,K, 
geet os > 
Integrating Eq. (3) to obtain the curve OC and using the initial 
condition y(0) = 0 gives 
y= Vt- ha [1— ee (4) 
an 


where a = IK, a dimensionless parameter indicating the 
rigidity of the machine tool relative to the machining process 
which will be referred to as the machining-elasticity parameter. 


V 1 
From Eq. (4), a is the steady-state spindle deflection and si) 


is the time constant. 
Reapplying Eq. (3) to the dwell period DE and using the initial 
condition 


V 
uO) = Vtg — — [1 — e~2™4] 
an 
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Fig. 2 Illustration showing the elements of an internal grinding machine 
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gives 


\ 
y = Vt, ages = {1 hea e— antd) ¢ — ante 
an 
where 
t, = feeding time 


t, = time interval of the dwell 


Now, if the initial stock in a subsequent workpiece varies by 
— Ay, the feeding time is reduced to 


_ Ay 


t 
Sees 


(6) 
From Eq. (5) the wheel position at the time of retraction (point 
F’ Fig. 3), relative to co-ordinate axes at 0’ is: 


V , 
y’ = Vt,’ a re {1 dias e— antd | —¢— ante (7) 
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Fig. 3 Ilustration showing the instantaneous position of the cross slide 
and of the grinding wheel. The error « at the end of the grind due to a 
variation of the initial stock is shown. 


The size error € is given by 
e=(y’ + Ay) -y 


After making use of Eq. (5) and (7) the size error becomes 


Ay 
BA e~ an(te+td) Fu ia | (8) 


an 


€e= 


Equation (8) gives the output error € in terms of the input 
stock variation Ay. $ 

Output errors can also be caused by variations of workpiece 
hardness or variations of wheel sharpness, either of which cause 
a variation of I’ and therefore a. If a changes to a + Aa the 
output error, using Eq. (5) becomes 


a A e~ ante e7~antd _ 1 
an 


an 


POE 2 vain AS —Aante _ ,—antd— Aan(td+te) 
+ sie Beas re | (9) 


With the aid of Eq. (8) the random output size variable Z,, 
described earlier, can be expressed in terms of the random input 
stock variable X, by 


an .. 
Z, = V -anetia | ¥  _ 4 | 
an 


(10) 
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Taper Variations and Angular Deflections 


From Fig. 2 it will be noted that there occurs an angular deflec- 
tion of the grinding wheel in addition to the lateral deflection. 
In practice the work supporting member may also deflect angu- 
larly. These deflections often result in unwanted tapered work- 
pieces. Since these angular deflections are directly proportional 
to the grinding force, they change on successive workpieces as a 
result of random stock variations or variations in the machining- 
elasticity constant a. The work spindle may be set at a small 
angle 7’ to make the mean taper at the time of retraction equal to 
zero. 

The instantaneous angular deflection @ of the terminal slope of 
the grinding spindle relative to the terminal slope of the work 
center line is given by 


@ = (B, — B,)F (11) 


where £, and #,, are the angular compliances of the spindle and 
work support, respectively, and F is the grinding force. The 
actual radial taper y in the workpiece is 


¥=0-T=(8,-8,)F —T 


where 7’ is the fixed taper setting of the work support. The set- 
ting 7 is chosen so as to make the mean final taper zero. The 
grinding force F during the feed portion of the cycle may be found 
from 


(12) 


F, = K[Vt — y] 
Using Eq. (4) gives 
KV 


P, = — (1 —_ e7 ant) 
an 


0<t<t, 


Similarly, the grinding force during the dwell period is 


KV 
F, = 


6! —= eo antd)e —ante 


(14) 
an 


where ¢, is the time of dwell. By using Equations (13) and (14) 
in connection with Eq. (12), the taper y at any time during the 
cycle may be found. Taper variations at the end of the dwell 
period due to initial stock variations or variations in @ may be 
found from 


Ay = (8, — 8,)Ke 


where € is given by either Eq. (8) or (9). In this way random 
taper variations can be related to random variations of initial 
stock, hardness, and machining-elasticity constants. 


(15) 


Runout and Rounding-Up Errors 


The initial stock distribution, to be removed by grinding is 
seldom uniformly distributed around the circumference of the 
workpiece, i.e., it is usually eccentric or runs out. Because of the 
flexibility of the grinding spindle and work support this runout 
is not corrected immediately at the start of the grind and a certain 
time is required to bring the runout to an acceptably low or im- 
perceptible level. It may happen on fast high production cycles 
that the stock is removed before the runout is corrected, resulting 
in unround and inaccurate work. It is of interest to consider the 
time required to eliminate the initial runout. 

It will be assumed that the grinding wheel is in continuous con- 
tact with the workpiece and that the spindle flexes enough to 
follow the runout, although in the early stages of many grinding 
operations the contact is intermittent, the wheel hitting only the 
high spot. In Fig. 4 is shown the instantaneous radius of the 
workpiece as well as the cross slide position. The deflections, of 
course, are highly exaggerated for illustration purposes. The 
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initial mean radius of the hole is yo and a is the runout amplitude. 
The instantaneous wheel depth of cut is given by 


x7) — x7 — 1) 


where 7 is the time in terms of the period of work rotation. On 
the assumption that the instantaneous wheel depth of cut is 
proportional to the instantaneous force there results 


y(t) — y(t — 1) = TR[Vr — yr) + wl (16) 


where 
Yo y(0) 
I’ = rate of change of depth of cut with respect to force 
K effective spring constant 


tt is assumed that V > 27a so that continuous contact is main- 
tained. Solving Eq. (16) for y(r) and using y(t — 1) = yo + 
a sin 2r7 there results 


asin 2rr + aVr 
y(t) = G0<r<1 (17) 
For the 
generated during the 
, becomes y(t — 1) and there results 


where a = IK is the machining-elasticity constant. 
second revolution, 1 < + < 2, the surface 
first revolution (Eq. 17) 


avr 


a sin 2x7 + aVr L 
(1+ l+a 


Lae <2 


Repeating this process gives for the ith revolution 


j=i-1 


u(t) = yo + a (18) 
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Fig. 4 Diagram showing the cross slide position, the wheel position, and 
the runout of the bore during the first revolution 
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The last term of Eq. (18) represents the steady advance of the 
wheel through the workpiece. The second term represents the 
runout during the ith revolution. The ratio p of the runout 
during the ith revolution to the initial runout is 


= (1 +a)“ 


From Eq. (19) it is seen that the runout diminishes as a geo- 
metric progression. The common ratio may be called the 
geometric decrement. 

It is desirable to relate the runout to the amount of stock. 
This can be done approximately by considering the stock removed 
S (under steady-state conditions) to be 


S =IFnT 


(19) 


Then, since t = nt, Eq. (19) may be rewritten as 


er 
=(1+a) TF (20) 


and taking logarithms gives 


_ jog (1 + @) § 


IF (a1) 


log p = 
which shows that p plotted against S on semilog paper gives a 
straight line relationship. 

The oscillogram in Fig. 5 shows the instantaneous runout of a 
workpiece during grinding, the runout signal being generated by 
a pair of resistance wire strain gages on a cantilevered finger con- 
tacting the ground surface. The constant amplitude portion at 
the left shows the runout (0.002 in.) before the grinding com- 
menced. 

From oscillograms such as Fig. 5 the geometric decrement may 
be obtained. Fig. 6 shows a plot of the experimentally deter- 
mined runout ratio p against the stock removed and it will be seen 
that the experimental points do indeed follow very closely a 
linear course against semi logarithmic axes. 

From Eq. (20) the final runout random variable Z, described 
earlier may be written as 

xX 


=(l+a) lx, (22) 


where X, is the initial runout random variable and_X;, is the initial 
stock random variable. 


The Machining-Elasticity Constant 

It will be noted that the machining-elasticity constant @ ap- 
pears in the rounding-up problem just described, in the taper 
problem, and also in the size error problem. This constant is a 
dimensionless constant and relates the elasticity of the machine 
tool to the machining process being carried out. It may be ap- 
plied to metal cutting machines as well as grinding machines. 
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Oscillographic record of the instantaneous runout of a hole during rounding-up. Amplitude of initial runout = 0.001 in. 


== 30,000 Ib/in. 


T = 0.45 X 10~*in/ib @ 1800 rpm workspeed 


a == 0.0135 


Wheel: SOL 1'/2 X 1'/2 X °/ work: SAE 4150 55 R. 2'/, bore X 1'/, wide; wheelspeed: 17500 rpm 
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Fig. 6 Semilogarithmic plot of the runout ratio p against the stock re- 
moved 


Machines of high rigidity and cuts having a large rate of increase 
of depth of cut with respect to force (I') correspond to large 
values of a and vice versa. Typical values of @ for internal grind- 
ing operations run in the neighborhood of 0.02. 

It is interesting to note that a@ is also an important factor 
governing the chatter behavior of machine tools. It has been 
shown [2] that the occurrence of regenerative grinding chatter 
depends on a. Galloway [3] has shown that regenerative vibra- 
tions in drilling depend on a. Plainevaux [4] has studied the 
causes of multilobed work in centerless grinding and has shown 
also that the stability of the system depends on the machining- 
elasticity constant a. Therefore it appears that this dimension- 
less constant enters into many machine tool considerations where 
elastic effects are involved. 


Transient Nonuniform Force Densities 


In the preceding sections it was assumed that the grinding 
parameter I’ was constant and that the force was uniformly dis- 
tributed along the face of the grinding wheel. Since the actual 
width of contact between the grinding wheel and the workpiece, 
as well as the distribution of force density, can vary during 
transient conditions, the grinding parameter I is not always con- 
stant. Fig. 7(a) illustrates a grinding wheel about to contact a 
workpiece. At the instant of contact the grinding force starts to 
build up and causes the effective width of contact to change be- 
cause of the angular deflection of the wheel. For the situation 
shown in Fig. 7(a and b), a rapid increase of force causes a reduc- 
tion in the length of contact along the width of the wheel. Conse- 
quently, it will be seen that the density of force o (force per unit 
length along wheel face) may vary along the line of contact. 

Fig. 8 shows a highly enlarged representation of a grinding 
wheel in the early stages of engagement with a workpiece. It is 
necessary to consider the wheel and workpiece to be nonrigid 
materials in order to avoid infinite stresses.2_ The line A-A in Fig. 


? There is increasing evidence that the elastic properties of grinding 
wheels are important factors governing grinding wheel action. The 
change in cutting action as the ratio of wheel curvature to work curva- 
ture changes has been explained [5] on the basis of elastic deflections 
of the grinding wheel. Also, measurements of the effective circum- 
ferential spacing of grits [6] indicate elastic behavior of the wheel. 
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Fig. 7 Illustration showing the change 
in width of contact between wheel and 
work due to angular deflections under 
transient conditions 
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Fig. 8 Exaggerated sketch showing the deflection of the grinding wheel, 


the local deformation of the grinding wheel, and the local wheel depth of 
cut under transient grinding conditions 





8 represents the unstressed wheel position, line B-B represents 
the general wheel surface under load, line B-C represents the 
locally deformed wheel surface caused by the force density o. 
The local depth of cut, n(z, t), is seen to vary from a maximum at 
CD to zero at B. 

It will be supposed that the force density o(z, t) produces the 
local wheel deflection £(2, t) according to 


a(x, t) = Zé(z, t) (23) 


where & is an elastic constant of the grinding wheel. It will also 
be supposed that the local depth of cut »(z, t) is proportional to 
the force density o(, t) thus 


n(x, t) = Qo(z, t) (24) 


where {2 is a machining constant and is related to the grinding 
parameter I discussed earlier by 


Q = vo (25) 


MAY 1961 / 135 





By using the elasticity Eq. (23) of the grinding wheel to elimi- 
nate o(z, t) from the machining Eq. (24) there results 


nz, t) 
= = £Q 
&(z, t) 


The product ZQ or @’ is a dimensionless parameter analogous 
to the machining-elasticity parameter a described in the preced- 
ing section. Here a’ relates the machining process to the elas- 
ticity of the grinding wheel or, if the workpiece is also elastic, to 
the effective elasticity of the combination. 

It is apparent that the force density along the line of wheel- 
work contact under plunge grinding conditions must eventually 
become uniformly distributed, for otherwise certain portions of 
the wheel would cut at a faster rate than others. It is to be ex- 
pected that the time required for a nonuniformly distributed 
force density to reach a uniform steady-state distribution will be 
governed by a’. When a’ is large compared to @ the assumption 
of a uniform force density is appropriate. 

The grinding force F,,, developed, is given by 


Ti 
F, = fi odx 
0 


and its position is located at z = * where 


Ti 
ozrdz 
0 


=a’ (26) 


Pal zr 
fi odz 
0 


The elastic force of the spindle F, is related to the wheel posi- 
tion and slope by 


(28) 


§(z, t) = F(t)[aoz + Bsr] (29) 


and for z = 0 


fo = F,(t)aoz (30) 


where Q¢z is the influence coefficient giving the deflection {> at 
zx = 0 in terms of a unit force applied at x = #, and 8; is the 
angular compliance due to a unit force at r = %. (¢(2, t) is the 
deflection of the wheel from its unstressed position. 

A relation determining the depth of cut nz, t) might be found 
by equating the grinding force F,,, given by Eq. (27) to the elastic 
force of the spindle F, given by Eq. (29). However, it will be 
noted that the limit z, of the integral in Eq. (27) is not con- 
stant but is the root of the difference equation 


p(x, t on T) se (2, i y(t) = 0 (31) 


where p(z, t — 7) is the radius of the hole at time (¢ — 7), 7 being 
the period of work rotation. Furthermore since 


n(x, t) = plz, t) — p(x, t — 7) (32) 


o(z, t) = “ 


1 
~ n(x, t) = Q [p(z, t) — p(z,t —7)] (33) 


the evaluation of the integral in Eq. (27) becomes very cumber- 
some after a few revolutions. In view of these considerations an 
iterative graphical method will be used to determine the depth 
of cut and force density. 

In Fig. 9 is shown a series of positions of the grinding wheel en- 
gaged with the work. Suppose, for example, on the first revolu- 
tion after contact has been made the cross slide has fed 0.0001 in. 
to the position A-A. The spindle force F, corresponding to this 
position is zero. The spindle force corresponding to the deflected 
whee] positions shown by the dotted lines may be plotted against 
fo, the increasing slope of these positions being governed by 6 of 
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FIRST REVOLUTION 


Fw 


° 
-6 
20 x 10 
-6 
25x 10 


4.4 


11s 3.07 


-6 
30X10 65 2.27 


-6 
40x10 .50 1.33 
Fig. 9 Example illustrating a graphical method for finding the equi- 
librium between the spindle force and the grinding force. The illustration 
shows the wheel in engagement with the workpiece at the end of the first 
revolution. 


Workspeed n = 600 rpm; feed rate V = 0.001 in/sec; (radial feed 
per work rotation = 0.0001 in.) 
a’ = 0,25 
10 X 10+ in/ib 
50 X 10-* RAD/Ib 
1.5 X 10-* in?/ib 
vertical scale before reduction; 1 in. ~ 80 X 10~° in. 
horizontal scale before reduction; 1 in. ~ 0.25 in. Grinding 


. _@'S Sh = 2 
force scale factor; +a 2.67 Ib/in. 





4 
50 
DEFLECTION ©(IN) 





Fig. 10 Graph showing a plot of the spindle force versus wheel deflec- 
tion and a plot of grinding force versus wheel deflection for the condi- 
tions given in Fig. 9 
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Eq. (29). In this way the spindle characteristic line is drawn in 
Fig. 10. 
The grinding force F,, corresponding to various values of fo, 


may be found by graphically determining the integral in Eq. 
(27) which becomes 


om [- ele, tbe (34) 
Q J0 


But 
m2, t) + &, t) = y(t) — F(x, t) — pa, t — 7) 
which, after making use of Eq. (26) reduces to 


(2, t) = <s (ult) — $(2, t) — pl2,t — 7)] 
Then 


a’ z 
F _ Mites ae _ _— — e 
«= 94 an y(t) — §(2, t) — plz, T)]dz (35) 


In Eq. (35) the integral is the area bounded by the undeformed 
wheel surface and the contour of the workpiece as illustrated by 
the triangle BBD in Fig. 8. Therefore, using graphical integra- 
tion, a grinding force F,,, corresponding to each assumed value of 
$> can be found and may be plotted against {5 to give the grinding 
force lines shown in Fig. 10. The point of intersection with the 
spindle characteristic is the desired value of F’,, which is in equilib- 
rium with the spindle force F,. From this equilibrium con- 
figuration the maximum depth of cut and maximum force density 
can be determined since 
a’ 
(2, t) it 1+ a’ [p(z, t) ” p(z, t T)] 


(36) 
By repeating this process for each successive revolution the 
transient behavior of the force density can be followed as well 
as the actual profile of the ground surface. Figs. 9, 11, and 12 
show, by way of an example, the progressive changes occurring 
during the first few revolutions of grinding. 

It should be apparent that the occurrence of eycessive force 
densities during the early stages of grinding may cause nonuni- 
form wheel wear or local wheel breakdown which in turn will lead 
to form-errors in the finished workpiece. The relations between 
wheel wear or breakdown and force density are yet to be ob- 
tained. 

-« 











SECOND REVOLUTION 


So Fw 


-6 
40X10 2.80 7.5 


-6 
$0X 10 1.98 


-6 
60x 10 1.40 


3.3 
3.74 


Fig. 11 Illustration showing the wheel depth of cut at the end of the 
second revolution 
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Transient Uniform Force Densities 


In the preceding section a graphical analysis was presented for 
the case where the force density was nonuniformly distributed 
over the variable width of contact. If a’ is large thie assumption 
of a uniform force distribution over the width of contact is ap- 
propriate. Using this assumption Eq. (3) can be rewritten as 

dy 


oa 2 OKIVe — y) 
2 


Zu (37) 


where z is the width of cut at time ¢. This equation applies to 
the interval during which the actual width of contact increases, 
approaching ultimately the width of the workpiece or wheel. 
Since the width of cut z, in Fig. 13, is given by 


y 0 


t= — += — 


m+ (38) 
and since 

6 = BK(Vt — y] (39) 
where £ is the effective angular compliance, Eq. (37) becomes 


dy -: BQnK[Vt — y]? (40) 


ve 








THIRD REVOLUTION 


bo AREA 


Fw 


-6 
50X10 5.4 14.4 


-6 
60 xX 10 4.3 WS 


-6 
70X 10 3.02 8.1 


-6 
80x iO 1.23 3.29 
Fig. 12 Mlustration showing the wheel depth of cut at the end of the third 


revolution 


Sere * 
(Vt-y) 











Fig. 13 Ulustration showing the width of cut during the early stages of 
grinding 
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6.6 = ae % Se RON 





Fig. 14 Isoclinic plot of the solutions of 


Swede wi &. 


dr t T 


Dividing by V and introducing the dimensionless variables z = 


¥ t ‘ : 
v7 and tT = 7’ where 7, = BQK2n gives 


a 


41 
dr - 


Solutions of this nonlinear first order differential equation, us'ug 


the method of isoclines are given in Fig. 14. 
(38) and (39) gives the width of cut 


Combining Ex;. 


z 
pe oo (42) 
BK(1 — z) 
When the width of cut equals that of the wheel or workpiece, w, 
let z = 2. Then from Eq. (42) 


(43) 


Therefore as grinding proceeds, z increases and finally reaches 
some value z,, at which point Eq. (41) ceases to apply. 
During this interval of increasing width, the force density o is 


r — 
= o i iss - 2) (44) 
It will be seen that since the force is increasing as well as the 
width the possibility exists of the occurrence of high force densi- 
ties in the early stages of grinding. However, 2 plot of Eq. (44) 
in Fig. 15 shows the density apparently increases monotonically 
in this case and therefore local wheel breakdown during the 
early stages of grinding should not occur under the assumptions 
involved here. 

By making use of Eq. (43) and Fig. 14, the wheel displacement 
y, at the instant when the full width of cut w is attained, can be 
found. This value can be used, as the initial condition on 
Eq. (3), which then can be solved again as described earlier. In 
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Onn 
Vv 


DIMENSIONLESS FORCE DENSITY 








- 


DIMENSIONLESS TIME 


Fig. 15 Plot of the dimensionless force density during the interval of 
increasing width of cut 


this way the influence of the variation in width during the early 
stages of grinding can be taken into account. 


Conclusion 


The total output error of a machine tool is composed of a group 
of component errors, some of a random nature and some in the 
form of drift of systematic error. The correction of the drift 
error is difficult if large random errors are superposed upon it. 
The random output errors can be decomposed into two distinct 
categories, the first being caused by random variations in the in- 
coming workpieces and the second by errors in machine repetition. 
Both of these errors may be affected by the production rate or the 
speed the machine is set to run. Some knowledge of how these 
errors vary with production rate should be helpful in obtaining 
the optimum adjustment of each machining unit in a production 
line. 

From a knowledge of the machine and cutting parameters it is 
possible to calculate random size errors due to stock variations 
and hardness or wheel sharpness variations as well as runout. By 
considering the instantaneous local force densities on the wheel 
it is possible to study errors in the cylindrical form of the work 
due to local breakdown or excessive wheel wear. More knowledge 
is needed regarding the permissible force density as well as the 
relation of the rate of wheel wear to force density. 

Finally, from a consideration of this material it should be 
possible to predict the total output error from its component 
errors and thus to analyze the performance of a specific grinding 
unit. 
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DISCUSSION 
Janez Peklenik* 


The problems shown in this paper are of particular importance 
when manufacturing within close tolerances required in single 
part production or automatic production. In this connection 
statistical laws can be successfully applied. The author has 
shown this when analyzing internal grinding operations. 

The effect of the machining allowance on the accuracy achieved 
on the workpiece has been discussed by analyzing the elastic 
deformations of the system “spindle-grinding wheel-workpiece.”’ 

A most important factor affecting the accuracy of the work- 
piece ground and the dispersion of the tolerances measured after 
grinding process is temperature. Some results presented in Fig. 
16 show that the position of the grinding wheel and thereby both 
the diameters of the bores and their dispersion are affected owing Fig. 17 
to a systematic error and the accidental fluctuations. 









































distributed the range of confidence of the errors affecting the 
Werkstichspindelachse accuracy of the workpiece may be determined by equation (48) 


e+ t—— (48) 
VN 
t = distribution, s = dispersion, N = number of experimental 
Mittelwert fir M 2 values 
Another factor which is of influence on the workpiece accuracy 
is the shrinkage of the workpiece cooling off. In Fig. 18 some 
results of grinding experiments are presented. The dispersions 
in the dimensions of the workpieces measured immediately after 
the grinding process are caused by different machining allowances 
of the blanks turned. 


thermische Verlagerung yp 


* 5 8 Stunden 
Betriebszeit te 


Fig. 16 


The displacement resulting from the heating up may be de- 
termined by equation (45): 


q dt, = EAT dt, + cG dT (45) 


Assuming that the displacement y, occurs proportional to the 
change in temperature the solution of the differential equation 


(45) reads: 


Ye = Yo(l — e~**) + yae (46) : <a x ff 
° bo oo 90,00 0 00K © 20 ier 
with i > pe oo 3 i Eee 


° 





amount of heat generated per time unit 
time of warming up 
heat-transfer coefficient 
area penetrated by the thermal flow Fig. 18 
temperature of work spindle head 
specific heat 
xk A The error owing to the shrinkage of the workpiece may be cal- 
~= er: culated by equation (49): 


e, = 2m 3 AT,(r)dr — Dae AT> (49) 


The mean value of the error changing the dimensions of two work- 
pieces ground successively may be calculated by equation (47), 
Fig. 17 = linear coefficient of dilation (workpiece) 
linear coefficient of dilation (measuring device) 
€, = ye — Yu = Yo(eW Mt — e~ He) (47) difference between workpiece temperature and tem- 
perature of the surroundings 
difference between measuring device temperature and 
temperature of the surroundings 
= diameter of workpiece 


The displacement y, of the spindle resulting from the heating of 
the workspindle head also fluctuates. Assuming that the dis- 
persion is constant during time and the deviations are normally 


3 Aachen, Laboratorium fiir Werkzeugmaschinen und Betriebslehre : 
der Technischen Hochschule, Germany. two errors caused by thermal effects must be taken into 
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consideration when studying the workpiece accuracy and its dis- 
persions. They are of direct influence on the workpiece diameter. 

When discussing the effects of the elastic wheel spindle defor- 
mations on the workpiece accuracy Mr. Hahn has taken into 
account the elasticity of the grinding wheel. The mathematical 
analysis is of substantial importance for understanding the elastic 
behavior of the system ‘“workpiece—grinding machine—grind- 
ing wheel.” : 

In this connection some new results may be contributed. The 
load on the grinding wheel results in a deformation of the bound- 
ing bridges between the grinding grains. This deformation is 
tangentialiy to the wheel surface substantially greater than per- 
pendiculary to it. 

For the 60 H grinding wheel tested the following correlation 
between the load Py, and the deformation 6, has been found: 


Py = 704 + 8.27(6, — 54.5) (50) 


and for the 60 Q grinding wheel: 


Pg = 1514 + 16.3(6, — 71) (51) 


In Fig. 19 the graphs according to equations (50) and (51) are 
plotted. 

At a lead of 285 pounds per grain the deformation of the 
bounding bridges normal to the wheel surface amounts for the 
60 Q wheel 6,, = 6.5, for the 60 H wheel 6, = 8.54. The tan- 
gential deformation of the bounding bridges is at the same load 
for the 60 H wheel 6, = 37y and 6, = 18y for the 60 Q wheel, re- 
spectively. 


2600 — ; ; 
Py = 706 + 827 (5 ~ 56,5) 
200: a= 15% +16,3 ( 5- 71) 
Pond Scheibe 50H 


2200 — Scheibe 60@ 


= dy 
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These experimental results may convey an idea of the amount 
of deformation resulting from the elastic behavior of the grinding 
wheel and may confirm Mr. Hahn’s theoretical investigation 
which showed how the grinding wheel elasticity influences both 
the width of contact and the change of the force acting normally 
to the grinding wheel surface. 


M. Sadowy* 


The paper represents one of the very first applications of sta- 
tistical methods to machine tool operation research. The author 
applies the theory of variance which is a powerful statistical tool 
in analyzing sources of variation. 

A proper application of statistics to a group of data presup- 
poses, as is well known, the knowledge of how these data have been 
obtained. In this respect the author’s theory is to be con- 
sidered as a highly valuable basis for application of statistics to 
machining problems. In spite of the complexity of the problems 
involved this theory is elegantly simple with respect to mathe- 
matical treatment. The theory also yields valuable results for 
the machining practice and it has been proved experimentally 
that these results are applicable (Fig. 5). The theory can be ex- 
tended to deal with more complicated grinding processes, and 
also basically applied to other machining operations. 

In discussing random size errors as caused by elastic deforma- 
tions the author considers the spring constants of the cutting tool 
and of the workpiece separately at first and then applies both 
values in series in equation (3). At this point it seems to be 
possible to apply the relative spring constant between the cutting 
tool and the workpiece from the very beginning. This latter 
term would be identical with author’s effective spring constant K, 
and it seems to offer some advantages from the viewpoint of 
measurement. 

In the most general case the relative spring constant will be 
affected not only by the elasticities of the cutting tool and of the 
workpiece, but also by the elasticities of other machine tool 
members in the path of the flow of the cutting forces. 

The relative-spring-constant concept is entirely a static one. 
Here again arises the question whether it would be advantageous 
and practicable to extend this concept in the direction of machine 
tool dynamics and to employ in such a case the relative dynamic 
stiffness. This latter step would strongly interrelate the deforma- 
tions used in the author’s theory with deformations measured 
during dynamic investigations of machine tool structures. Ap- 
plying this concept the angular displacements of the workpiece 
and of the cutting tool as used in the paper could be derived from 
the mode of vibration of the machine tool, and the author’s 
angular compliance could be considered in terms of transfer 
rigidity of the machine tool. 

The dynamic stiffness values of the machine tools scatter rather 
strongly, and the introduction of these values into the author’s 
theory would result in some complications. One of the most 
effective remedies would be the randomization of the dynamic 
values of the machine tools. 

The author elegantly eludes such a complication by a limiting- 
case approach in which the machine tool errors are considered 
small compared to other errors under investigation. This ap- 
proach should be entirely satisfactory in the case of most grinding 
machines. 

In precision machining statistics have been used for many years 
as a means of quality control. The author goes a step further and 
applies statistics not only in order to discuss the product qual- 
ity but also to analyze factors responsible for changes of this 
quality. 

The interpretative function of statistical analysis should be 


* Marquette University, College of Engineering, Milwaukee, 
Wisc. 
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especially advantageous in the machine tool operation research 
where experimental results are not only frequently involved but 
also seem to elude the normal interpretation in many cases. 

In this respect it is worth while to recall the well-known fact 
that a correct and efficient application of statistics must be based 
on detailed knowledge of the procedures employed in the investi- 
gation. The major objective of the investigator should be, there- 
fore, the proper designing and planning of investigations in order 
to obtain the maximum of reliable information. The author is 
to be highly commended for setting up one of the theories for such 
a priori application of statistics. 


Author’s Closure 


The author would like to thank Dr. Peklenik for his discussion 
which brings out some important points. 

It is of course true, as Dr. Peklenik points out, that thermal 
expansion may cause significant errors which may be broken 
down into systematic errors or drift, and random errors. These 
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errors must also be considered in analyzing the performance of 
grinding machines. 

The work done by Dr. Peklenik on the measurement of the 
elastic characteristics of grinding wheels is very interesting and is 
in accord with the author’s experiences. Greater recognition of 
the elasticity of grinding wheels should come about from this 
work, 

The author thanks Dr. Sadowy for his remarks. As Dr. 
Sadowy points out, there is an important area in connection with 
production lines where operations research can be helpful. 

Dr. Sadowy suggests the use of the dynamic stiffness in place of 
static stiffness. Since it is usual to operate grinding machines 
at such low values of work speed, force pulsations in the rounding 
up process occur at frequencies well below any natural frequencies 
of the machine so that the use of static stiffness is appropriate 
in this case. It is important, however, to be alert to the possi- 
bility of dynamic effects. Vibrations at higher frequencies do 
affect accuracy and must be taken into account in certain cases. 
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Machinability of Nodular Cast Irons 
Part | Tool Forces and Flank Adhesion’ 


Three grades of nodular cast iron (60, 80, and 100) were tested to determine the cutting 
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phenomenon. 


and feed forces required to machine the materials, to determine the performance of 
several grades of carbide and oxide cutting tools, and to investigate the flank adhesion 
Cutting characteristics for grade 80 and grade 100 were found to be the 
same as for high-strength gray cast trons with similar Bhn values. 
with accompanying sharp increases in cutting force values, was encountered only when 
grade 60 was machined with carbide tools. 


Flank adhesion, 


An attempt was made to correlate tool com- 


position and flank adhesion. 


Introduction 


ia (ductile) cast iron is a relatively new ma- 
terial, developed as recently as 1948. Because it can be pro- 
duced as easily as cast iron but has physical properties similar to 
those of cast steel, nodular cast iron is finding increased use as an 
engineering material. 

In general, the material is not difficult to machine. The 1950 
United States Air Force Machinability Report [1]? states that 
nodular iron, depending on its strength, has tool life values cor- 
responding to or exceeding those for gray cast iron of considerably 
less tensile strength, and that tool life for machining nodular iron 
is about equal to that for machining cast steels of similar hard- 
ness. 

Because nodular iron is new and is not difficult to machine, 
relatively little of a quantitative nature, especially as it concerns 
the different grades of nodular iron, has been published on the 
machining of the material. In 1952, Trigger, Zylstra, and Chao 
[2], reporting the results of tests to determine tool forces in 
machining nodular cast iron, noted an adhesion (build-up) on the 
flank of carbide cutting tools at a certain critical speed. The 
build-up was characteristic of only carbides generally classed as 
cast iron grade, and did not occur with steel grades of carbide. 
Annealed nodular cast iron showed build-up for both steel and 
cast iron grade carbide at a certain critical speed. In the case 
of cast iron grade carbide, however, an increase in speed beyond 
the critical speed resulted in a gradual decrease in cutting force. 
At a speed slightly in excess of the critical speed, the steel grade 
carbides showed a sudden decrease in force, returning to force 
values that prevailed before the sudden increase. 

The purposes of the investigation here reported were to deter- 
mine the forces (cutting and feed force), horsepower for three 
grades of nodular iron (60, 80, and 100); to determine the per- 
formance of several grades of carbide and oxide cutting materials; 
and to study the adhesion phenomenon reported by other in- 
vestigators. 

Further investigation is planned to determine tool life and pro- 
duction data for machining grades 60, 80, and 100 of nodular cast 
iron. 

The paper is based on data obtained from tests conducted in 


1 This is the first report of an investigation of the machining of 
nodular cast iron. It will be followed by Part II, reporting tool life 
and production data. 

2? Numbers in brackets designate References at end of paper. 

Contributed by the Production Engineering Division and presented 
at the Production Engineering Conference, Milwaukee, Wis., May 
17-19, 1960, of THe American Society oF MECHANICAL EN- 
GINEERS. Manuscript received at ASME Headquarters, February 1, 
1960. Paper No, 60—Prod-8, 
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an engine lathe using a single-point cutting tool. For the most 
part, the data are based on short-run tests. Two components of 
force (cutting and feed) were recorded, and the condition of the 
cutting tool was observed. 


Test Equipment 


The test lathe used for the investigation was a Lodge and Ship- 
ley lathe equipped with a Reeves variable-speed drive, a tachome- 
ter for measuring spindle speed, and an indicating wattmeter for 
power measurement. Tool forces were measured with a strain- 
gage-type dynamometer and a two-channel Sanborn amplifier 
and recorder. 

The tests were run on nodular cast iron billets 19 in. long and 
6'/; in. in diameter, with a cored hole of 3 in. diameter. The bil- 
lets were poured from standard production heats and subject 
to standard production heat-treatment. The composition, 
Brinell hardness, and heat-treatment of the three grades are given 
in Table 1. 

The microstructure of the three grades of iron is shown in Fig, 1. 
The microphotographs show the characteristic spheres of carbon, 
the essentially ferritic structure of grade 60, and the pearlitic 
structure of grades 80 and 100. 


Table 1 Composition, hardness, and heat-treatment of nodular cast iron 





Description Grade 


80-60-03 





60-45-10 100-70-03 





Composition 
Graphitic carbon" 3.06 
Combined carbon* . 46 
Total carbon* : 3.52 


Silicon 
Manganese 
Phosphorus 
Sulfur 
Copper 
Nickel 
Chromium 
Molybdenum 
Vanadium 
Magnesium 


Brinell hardness 
Range 145-156 204-232 229-248 
Mean 150 214 237 


1000 F for 
2hr., 

furnace 
cooled 


1625 F 
for 2hr., 
air cooled 
1000 F 
for 4hr., 
furnace cooled 


Heat treatment 1625 F for 2hr., 


furnace cooled 





“ Based on analysis of as-cast material (not a chill). 
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X500 


-c-| c-2 


Fig. 1 Typical photomicrographs of nodular cast irons tested: (a-1) grade 60-45-10, uneiched; (a-2) grade 60-45-10, etched; (b-1) grade 
80-60-03, unetched; (b-2) grade 80-60-03, etched; (c-1) grade 100-70-03, unetched; (c-2) grade 100-70-03, etched 
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The Brinell hardness readings were taken at intervals along 
the length of the billets after they had been machined to remove 
the as-cast surface. A flat was milled the length of the billets for 
the Brinell indentations. 

All the tests were run dry with the tool on center, using a clamp- 
type tool holder and square throw-away carbide and oxide inserts. 
The hardness and composition of the carbide and oxide inserts are 
given in Table 2. Tool geometry and insert dimensions were: 


Description Carbide Oxide 
Back rake angle, deg —5 —5 
Side rake angle, deg —5 —5 
End relief angle, deg 5 5 
Side relief angle, deg 5 5 
End cutting edge angle, deg 15 15 
Side cutting edge angle, deg 15 15 
Nose radius, in. 
C-11, C-22, C-33, C-44, C-77, C-88  4/s 
1/ 


/16 


/s2 
. . 22:9 1/16 
Tool holder size, in. 8/, 3/, 
Insert dimensions, in. 
(square) 1/2 X1/s 
Tests were run under the following conditions, but not all 
materials were tested under all conditions. 


Depth of cut, in. 0.050 0.065 0.080 0.100 0.120 

Feed, in. per revolution 0.003 0.005 0.007 0.010 0.015 

Speed, ft per min 
Carbide 100, 200, 
Oxide 300, 500, 


1/2 X 3/16 


300, 400, 500, 600, 9800, 
700, 900, 1000 


1000 


Because of the flank adhesion which developed when cutting 
grade 60 nodular cast iron with carbides, additional tests were 
conducted in the speed range at which build-up occurred. These 
tests were run at speed increments of 25 fpm. 

A new cutting edge was used for each test. The inserts were 
precision ground and were used as obtained from the manufac- 
turer. The tests were usually of short duration, 15 to 30 sec; 
however, some tests ran for several minutes. Cutting force and 
feed force were continuously recorded by the recording equipment. 
In addition, electric power used by the lathe (no load and cut- 
ting) was read for each test from an indicating wattmeter. 
Cutting speed was set with a surface speed indicator and was 
monitored for change by means of a tachometer mounted on the 
spindle of the lathe. 


Grade 100-70-03 
The tests on grade 100 nodular cast iron were run with two 


Table 2 Chemical composition and properties of cutting tools 





Density, Hardness 


Tool g/cm (R,) 


Composition (per cent by weight) 





Carbide No. 








4.5 

14.95 6.0 
Ceramic No. SpGr Major Ingredient 
oe 92.1 Aluminum oxide 
Aluminum oxide 





* Also contains 10 per cent Ni and 10 per cent Mo. 
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grades of carbide, C-11 and C-22, and two grades of oxide, O-11 
and 0-22. The results of tool force and power measurements are 
shown in Figs. 2 to 7. Tool forces for carbide C-11 are given in 
Fig. 2 and oxide O-11 in Fig. 3. Tool forces for carbide C-22 are 
not shown, since they are practically the same as for C-11. 

As indicated by Figs. 2 and 3, both the tangential and the feed 
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Fig. 2 Effect of cutting speed on cutting force, nodular cast iron 100-70- 
03 with carbide C-11. F. is tangential (cutting) force, F; is feed force. 
Cutting conditions: depth of cut, 0.100 in.; feed, © = 0.005 ipr, A = 
0.010 ipr, V = 0.015 ipr; dry. 
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Fig. 3 Effect of cutting speed on cutting force and feed force, nodular 
cast iron 100-70-03 with oxide O-11. Cutting conditions: depth of cut, 
0.100 in.; feed, O = 0.005 ipr, A = 0.010 ipr, V = 0.015 ipr; dry. 
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Fig. 4 Effect of cutting speed on cutting force, nodular cast iron 100-70- 

03 with carbides C-11 and C-22 and oxide O-11. Cutting conditions: 

depth of cut, 0.100 in.; feed, 0.005 ipr, 0.010 ipr, 0.015 ipr; dry. 
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forces decrease as the cutting speed increases, except at a feed of 
0.005 ipr where there is some increase between 100 fpm and 200 
fpm with both C-11 and C-22 carbide tools. Similar phenomena 
have been reported by Trigger, Zylstra, and Chao [2] and by 
Ham, Roubik, and Bunce [3]. 

In general, the forces were slightly higher than for high- 
strength gray cast irons [3] under the same cutting conditions. 
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Fig. 5 Effect of feed on cutting force and feed force, nodular cast iron 
100-70-03 with carbides C-11 and C-22 and oxide O-11. Cutting condi- 
tions: depth of cut, 0.100 in.; cutting speed, 300 fpm for C-11 and C-22, 
500 fpm for O-11; dry. 
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Fig. 6 Effect of depth of cut on cutting force and feed force, nodular 
cast iron 100-70-03 with carbides C-11 and C-22 and oxide O-11. Cutting 
conditions: feed, 0.010 ipr; cutting speed, 300 fpm for C-11 and C-22, 
500 fpm for O-11; dry. 
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Fig. 7 Effect of cutting speed on net horsepower, nodular cast iron 100- 
70-03 with carbides C-11 and C-22 and oxides O-11 and O-22. Cutting 
conditions: depth of cut, 0.100 in.; feed, 0.005 ipr, 0.010 ipr, 0.015 ipr; 
dry. 
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The feed force is 40 to 60 per cent of the cutting force. The effect 
of difference in cutting tool materials for this type of nodular 
cast iron is negligible. Although oxide tool O-11 shows slightly 
less cutting force than carbide tools C-11 and C-22, the difference 
is small and not significant (see Fig. 4). 

The typical influence of feed and depth of cut on cutting force 
is shown in Figs. 4 through 6. The forces increase with an in- 
crease in feed (Fig. 5) and an increase in the depth of cut (Fig. 6). 
Almost linear relationships can be noted between cutting forces 
and feed, and depth of cut. Carbide tools C-11 and C-22 and 
oxide tool O-11 show very small difference in feed force with re- 
spect to the change of feed and depth of cut. Oxide tool O-11 
shows less cutting force and higher feed force values than those 
for the carbide tools. 

The empirical formulas indicating the relationship between 
cutting force and feed and depth of cut are 


At cutting speed 300 fpm: 
C-11 carbide F, = 
C-22 carbide F, 
At cutting speed 500 fpm: 
O-11 oxide F, = 48,900f°-%d°-98 


43, 100f°-%!d0-92 
42, 100f°-®1d9-92 


c 


Net horsepower (Fig. 7) increased in almost direct proportion 
to cutting speed and also increased as feed increased, but in less 
than a direct proportion. Oxide tool O-11 stood up under the 
heavy cutting condition (depth of cut, 0.100 in.; feed, 0.015 ipr) 
and showed consistent values of force and net horsepower, 
whereas O-22 failed rapidly under the same cutting condition and 
showed scattered values at higher cutting speeds. 


Grade 80-60-03 


Grade 80-60-03 nodular cast iron exhibited a force pattern 
(Fig. 8) similar to that for grade 100-70-03. The forces are 5 to 
10 per cent lower, however, than those for grade 100. The force 
values for grade 80 were about the same as those for high-strength 
gray irons [3]. 

Carbide tools C-11 and C-22 and oxide tool O-11 exhibited 
almost the same force values. As in the case of grade 100, the 
oxide tool showed slightly lower tangential force and higher 
feed force than the carbide tools, but the differences are almost 
negligible. The feed force is about 50 per cent of the cutting 
force. 


Cutting Characteristics, Grade 80 and Grade 100 


The type of chip and other cutting characteristics for grade 80 
and grade 100 nodular cast irons, except for tool life values,* were 


3 The authors are conducting tool life tests for these materials, but 
the results were not available at the time this paper was prepared. 


Fr 


CUTTING FORCE, LBS. 


oo -tl 
—ue Co 
—.- - 


200 400 600 


CUTTING SPEED, 


800 
FPM 


1000 1200 


Fig. 8 Effect of cutting speed on cutting force and feed force, nodular 
cast iron 80-60-03 with carbides C-11 and C-22 and oxide O-11. Cutting 
conditions: depth of cut, 0.100 in.; feed, 0.010 ipr; dry. 
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the same as for high-strength gray cast irons with similar Bhn 
values, but lower tensile strength value. Other investigators 
{1, 4] have reported that where the Bhn values are the same, 
nodular cast iron has better machining characteristics than gray 
cast irons in respect to life. 


Grade 60-45-10 


When grade 60 nodular cast iron is cut with carbides, the tool 
forces show an unusual variation with changes in cutting speed 
and carbide tool material, as shown in Figs. 9 and 10. 

This variation in tool forces, caused by an adhesion phe- 
nomenon (build-up) on the flank of the carbide, was also reported 
by Trigger, Zylstra, and Chao [2]. 

Flank build-up (Figs. 11, 12, and 13) differs from the familiar 
built-up edge which occurs on the face of a tool. It occurs on the 
flank at a certain critical cutting speed, grows rapidly, and flows 
out between the flank of the tool and the work material in the 
form of a ribbon. In general, cutting and feed forces suddenly 
increase at a certain critical speed as flank build-up develops, 
continue to increase up to a maximum point, and then gradually 
decrease as cutting speed increases. 

All of the carbide tools tested on grade 60 nodular iron showed 
the same general kind of flank adhesion, but build-up did not de- 
velop on the oxide tools. This is clearly indicated by the trend of 
forces for oxide O-11 in Fig. 9 and the photomicrographs of Fig. 
14. Itis interesting to note that different grades of carbide tools 
show different patterns of forces and build-up as shown in Figs. 9 
through 13. 

Comparison of the curves in Fig. 10 for the different grades 
of carbide indicates a general trend with respect to the grades of 
carbide and the order of the critical speed at which flank build-up 
begins, the speed at which flank build-up is maximum, the relative 
amount of increase in cutting force F, and feed force F,, and the 
speed at which maximum build-up occurs and the magnitude of 
the increase. This trend is the order of carbide C-77, C-88, C-33, 
C-55, C-22, C-44, C-11, C-66. Carbides C-77 and C-88 show 
almost identical trends, and C-11 and C-66 are very similar in 

rend. 

At the speed at which maximum tool forces occur, the feed 
force for C-11 and C-66 was bigher than the cutting force. The 
other carbide grades showed lower values of feed force than cut- 
ting force through all speed ranges tested. 

Study of Figs. 11, 12, and 13 reveals that up to the flank 
build-up speed, build-up on the cutting edge exists in all cases 


and gradually decreases as cutting speed increases. When the 
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Fig.9 Effect of cutting speed on cutting force, nodular cast iron 60-45-10 
with carbides C-11 and C-22 and oxide O-11. Cutting conditions: depth 
of cut, 0.100 in.; feed, 0.010 ipr; dry. 
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critical flank build-up speed is reached, flank build-up occurs. 
In the case of the so-called cast iron cutting grades of carbide 
(C-11, C-44, C-66) the build-up increases or remains constant 
with increases in the cutting speed (Fig. 11). With the steel 
cutting grades of carbide (C-22, C-33, C-55, C-77, C-88) at 
speeds of 800 to 1000 fpm flank build-up is very small or does not 
occur. 

All carbide tools tested on grade 60 nodular iron exhibited 
flank build-up at medium and high speed ranges, and cutting edge 
build-up at low speeds. But oxide tools, both O-11 and O-22, did 
not show any flank build-up throughout the speed range tested. 
The force measurements shown in Fig. 9 and the photomicro- 
graphs of the oxide tools tested (Fig. 14) indicate the absence of 
build-up on the oxide tools. The force values are lower than 
those for the carbide tools tested, and the pattern of tool forces 
is similar to the pattern obtained with other tool materials when 
there is no flank build-up. Tool forces gradually decrease as 
cutting speed increases, and the feed force is about 50 per cent of 
the cutting force. 


Occurrence of Flank Adhesion 


Flank adhesion produces a sudden increase in tool forces. 
The speed at which this occurs depends on the composition of the 
cutting tool. 

At cutting speeds in the range where flank build-up occurs, 
there is a short period of time at the start of a cut during which 
build-up does not occur. During this period the tool forces 


(initial forces) are about the same as the forces at speeds below 
the critical build-up speed. The trend of these initial forces for 
carbides C-11 and C-22 is shown in Fig. 15 as short dashed lines 
extending beyond the critical build-up speed. 

The initial force increases suddenly as build-up develops on the 
flank of the carbide. The trends of the tool forces after build-up 
has occurred are shown by solid lines for cutting force and long 


dashed lines for feed force in Fig. 15. The length of time between 
the start of a cut and the formation of flank build-up, with the 
accompanying sudden increase in force, decreases as the cutting 
speed increases. 

For example, for carbide C-22 the time between the start of a 
cut and the sudden increase in forces varied as follows: 








CUTTING FORCE, LBS. 




















1000 1200 


CUTTING SPEEQ FPM 


Fig. 10 Effect of cutting speed on cutting force and feed force, nodular 
cast iron 60-45-10 with eight grades of carbides: C-11, C-22, C-33, C-44, 
C-55, C-66, C-77, C-88. Cutting conditions: depth of cut, 0.100 in.; feed, 
0.010 ipr; dry. 
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MATERIAL: NODULAR CAST IRON (60-45-10) 
TOOL: CEMENTED CARBIDE, C-II 


Fig. 11 Typical photographs of C-11 carbide inserts after turning nodular cast iron 60-45-10, showing cutting-edge and flank build-up 
at various cutting speeds. Cutting conditions: depth of cut, 0.100 in.; feed, 0.010 ipr; dry. 
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400 FPM 500 FPM 600 FPM 1000 FPM 


MATERIAL: NODULAR CAST IRON (60-45-10) — 
TOOL: CEMENTED CARBIDE, C-22 — 


tig. 12 Typical photographs of C-22 carbide inserts after turning nodular cast iron 60-45-10, showing cutting-edge and flank build-up 
at various cutting speeds. Cutting conditions: depth of cut, 0.100 in.; feed, 0.010 ipr; dry. 
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MATERIAL: NODULAR CAST IRON (60-45-10) 
TOOL: CEMENTED CARBIDE, C-33 


Fig. 13 Typical photographs of C-33 carbide inserts after turning nodular cast iron 60-45-10, showing cutting-edge and flank 
build-up at various cutting speeds. Cutting conditions: depth of cut, 0.100 in.; feed, 0.010 ipr; dry. 
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MATERIAL: NODULAR CAST IRON (60-45-10) 


Fig. 14 Typical pholographs of O-11 and O-22 oxide inserts after turning nodular cast iron 60-45-10, showing cutting-edge and flank at vari- 
ous cutting speeds. Cutting conditions: depth of cut, 0.100 in.; feed, 0.010 ipr; dry. 
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Fig. 15 Initial force (force at start of cut and previous to formation of 
flank build-up) and force after build-up has occurred, nodular cast iron 
60-45-10 turned with carbides C-11 and C-22. In flank build-up speed 
range, solid line = F. after build-up, long dashes = F; after build-up, 
short dashes = initial force previous to formation of build-up. Cutting 
conditions: depth of cut, 0.100 in.; feed, 0.010 ipr; dry. 


Cutting speed, fpm Time, seconds 
330 9 
350 5 
375 3.5 
above 400 0 


The occurrence of flank build-up is definitely related to tool 
composition and cutting speed. Tools which contained titanium 
or TiC (C-77, C-88, C-55, C-33, C-22) exhibited less tendency to 
form flank build-up, hence lower tool forces, than tools without 
titanium or TiC (C-11, C-44, C-66). As shown in Table 2 and 
Figs. 9 and 10, the greater the titanium content, the less the 
tendency to form flank build-up and the lower the tool forces. 

This comparison of tool composition and flank build-up tend- 
ency demonstrates that titanium or TiC content plays an im- 
portant role in the control of flank build-up. Tantalum (carb'de 
C-44) also seems to inhibit build-up, but does not appear to be «s 
effective as titanium. 

The effect of titanium or TiC on flank build-up is discussed by 
Trigger, Zylstra, and Chao [2]. They explain the effect of tool 
composition on flank build-up by the oxide film theory, which was 
proposed by Skaupy [5] and Metcalfe [6] and confirmed by 
Dawihl’s experiments [7]. 

According to the oxide film theory, TiO, film forms readily and 
its oxide layer is “adherent, tenacious, and nonporous.’’ How- 
ever, at low temperatures TiO, film apparently is less protective 
than the bulky and porous WO:, and TiO: film is more pro- 
tective at higher temperatures. 

It is therefore suggested that, when grade 60 nodular cast iron 
is cut with carbide tools containing no titanium or various 
amounts of titanium, the occurrence of flank adhesion may be 
explained as follows. 

Below the speed at which flank build-up occurs, the cutting 
temperatures are too low for welding (flank adhesion) and not 
high enough to produce a significant amount of oxide film. 

The critical build-up speed, the speed at which flank adhesion 
occurs, is lower for tools containing large amounts of titanium 
than for tools with small amounts or no titanium. This suggests 
that the TiO, film which exists at room temperature or low cut- 
ting temperatures is not as effective in preventing flank adhesion 
as the WO, film which exists at these relatively low temperatures. 

High speeds, those exceeding the critical build-up speed, result 
in cutting temperatures which, in the case of tools containing 
titanium, produce a significant amount of TiO,. This oxide film 


Journal of Engineering for Industry 


Fig. 16 Typical photomicrographs (etched) of flank build-up, nodular 
cast iron 60-45-10. (a) Longitudinal cross section; (b) lateral cross sec- 
tion. 


resists welding (flank build-up); as a result, both build-up and tool 
forces decrease. The extent to which this happens is related to 
the amount of titanium or TiC in the tool. 

Tools containing no titanium or small amounts continue to 
show flank build-up at high speeds. The reductions in tool force 
which accompany high speeds with these tools can be largely 
attributed to reductions in force resulting from increased cutting 
speed. These decreases in tool force, which are not as great as 
those obtained with tools containing titanium, occur in spite of 
the continued presence of flank build-up. 

As shown in Figs. 11, 12, and 13, the amount of the flank 
build-up varies as the cutting speed. In some cases, the build-up 
continues to grow to several inches in length. Trigger, Zylstra, 
and Chao [2] explain the formation of flank build-up as a thermo- 
mechanical action. Evidently, part of the soft structure (ferrite) 
of the work material or chip is squeezed through the clearance be- 
tween tool flank and workpiece when the cutting temperature 
is sufficiently high to soften the particles and to cause them to 
adhere to the tool flank. Once this flank build-up is formed, it 
does not disappear, but continues to grow as the cutting proceeds, 
unless a new protective oxide film is formed. Long tests from 5 
to 10 minutes revealed no disappearance of flank build-up. 
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Fig. 17 Typical photomicrographs of cross section of chip from nodular 
cast iron 60-45-10 turned with (a) carbide C-11 and (b) oxide O-11. 
Cutting conditions: depth of cut, 0.100 in.; feed, 0.910 ipr; dry. 


The photomicrographs of the flank build-up in Fig. 16 show the 
flow lines resulting from the squeezing that takes place when the 
build-up develops. Chemical analysis of the flank build-up 
showed the following: 


Per cent 
1.15 
1.18 
2.33 
0.31 
0.040 


Graphitic carbon 
Combined carbon 
Total carbon 
Manganese 
Phosphorus 


Comparison with the analysis of the work material, Table 1, 
shows that there is less total carbon in the build-up. It also shows 
a large increase (0.16 to 1.18 per cent) in combined carbon. This 
increase can be attributed to the high temperatures in the area of 
the formation of the build-up. 

Fig. 17 compares the chips produced by carbide and oxide 
tools. Since oxide does not form a built-up edge and has a higher 
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Fig. 18 Effect of cutting speed on net horsepower for nodular cast irons 
100-70-03, 80-60-03, and 60-45-10, turned wih carbides C-11 and C-22 
and oxides O-11 and 0-22. Cutting conditions: depth of cut, 0.100 in.; 
feed, 0.010 ipr; dry. 


chip-tool interface temperature [8], it produces a chip with a 
smoother surface than carbide. 


Summary and Conclusions 


1 Nodular cast irons grade 80 and grade 100 machine in a 
manner similar to high-strength gray cast iron. 

2 The cutting forces and net horsepower required for machin- 
ing grade 80 are approximately 5 per cent less and for grade 60 
10 per cent less than the force for grade 100 (see Fig. 18). 

3 When grade 60 nodular cast iron is machined with carbides, 
there is a critical speed at which an unusual flank adhesion 
(build-up) occurs, producing a sudden increase in tool forces. 
The speed at which this occurs and the magnitude of the increase 
depend on the cutting tool material. 

4 The speed at which flank adhesion occurs decreases as the 
titanium cr TiC content of the cutting tool increases. However, 
the magnitude of the force increase is less with tools that are high 
in titanium, and at high speeds (800 fpm to 1000 fpm) the build-up 
decreases to negligible amounts. 

5 Flank build-up remains the same or grows with increases 
in speed when grade 60 is machined with straight tungsten carbide 
tools. 

6 Flank build-up does not occur when grade 60 is machined 
with oxide tools. 

7 The occnrrence of flank build-up with carbides, and the de- 
creases of build-up at high speeds when grade 60 nodular iron is 
machined with tools containing titanium carbide, can be ex- 
plained by and tends to confirm the oxide film theory. The ab- 
sence of build-up with oxide tools also confirms this. 
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DISCUSSION 
Gerhard Hug‘ 


The authors are to be commended for their fine work which 
resulted in this paper. For practical reasons and for clarity, 
they should have included the answers to some evident questions 
which arise upon reading of their report. A few items in connec- 
tion with the tool life studies follow. 


1 The sulfur content should not exceed about 0.015 per cent 
in the magnesium process and the authors list up to 0.022 per 
cent sulfur in the composition for the material tested. Was the 
test material produced by the cerium or the magnesium process 
or by a combination of the two? 

2 The authors should have pointed out more clearly that 
a change in feed had much less effect on the cutting forces than a 
change in depth of cut. Actually from the data presented in Figs. 
5 and 6, it can be seen that a change in feed from 0.006 to 0.012 
ipr resulted in an increase of 58 per cent in average tangential 
cutting force and 25 per cent in average feed force. With a 
proportionate increase in depth of cut, namely, 100 per cent from 
0.060 to 0.120 in., the increase was 89 per cent in the average 
tangential cutting force and 84 per cent in the average feed force. 
Subsequently it can be said that the forces increase in about the 
same way as with other materials, i.e., in a much lesser than 
direct proportion when the feed is increased compared to a more 
nearly direct proportion when the depth of cut is increased. 


‘Kearney & Trecker Corporation, Milwaukee, Wis. 


3 In Figs. 4, 5, and 6, the force values for the various cutting 
materials do not display a great difference. This most probably 
will change markedly when the forces are measured over a longer 
period of cutting time than reported, possibly 15 to 30 minutes. 
In similar cutting tests on nodular cast iron, conducted in 1954, 
the influence of the cutting time upon the tool forces was im- 
portant in the initial stages of tool life testing. Numerous car- 
bide and oxide grades could be compared easily in a relatively 
short time and the inferior grades eliminated. 

4 Since the high cutting forces associated with flank build-up 
at lower speeds are diminished at higher cutting speeds, it would 
appear to be advantageous economically to utilize throw-away 
carbides at the higher cutting speeds and feeds, thus lessening the 
influence of flank build-up as indicated in Figs. 9, 10, and 15. 

5 It is interesting to note that flank adhesion occurred only on 
60-45-10 noduluar cast iron. Graphite is important to tool life 
through its effect as a chip breaker and lubricant. When graphite 
spherules are sliced by the cutting tool and partially disengaged 
from the bali-shaped cavity, free graphite is drawn into the chip- 
tool interface. The graphite particles, because of their antifric- 
tion properties, improve the sliding action between the chip and 
the tool. According to the authors’ statements, there is a counter- 
action associated in this process insofar as the carbon reacts with 
the tool material at the high temperatures prevailing at the inter- 
face of tool and chip. Since, however, the tests reported here 
were carried out over only a short period of time, the dulling of 
the tool could not have had any significant influence. Assuming 
some dulling of the tool in longer tests, it stands to reason that tool 
forces and thus the tool-chip interface temperatures will increase. 
This then should have an effect similar to that of an increase in 
speed, i.e., higher tool-chip interface temperatures resulting in 
lower cutting forces. The flank build-up may become more 
erratic or even disappear. According to the writer’s earlier find- 
ings the flank build-up does not have too great an influence on 
tool life when machining nodular cast iron with a ferritic matrix. 
It would be most interesting to see the influence of flank build-up 
on tool life with 60-45-10 nodular cast iron. 


William Pentland® 


The authors’ description of the occurrence of flank adhesion in 


’ Research Supervisor, Physical Research Dept., The Cincinnati 
Milling Machine Company, Cincinnati, Ohio. 
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the machining of nodular irons is confirmed by some studies 
carried out in 1959 by this discusser on the boring of a Type 100- 
70-03 nodular iron, using carbide tools. 

At clearance angles of 4 deg, build-up or adhesion on the flank 
of the boring tool was found to occur. This effect was completely 
removed by increasing the clearance angle to 8 deg, and there was 
a corresponding decrease in tool wear rate. Further increase of 
clearance to 10 deg only served to mechanically weaken the 
cutting edge such that an increase in tool wear rate was recorded. 
These results are shown graphically in the accompanying Fig. 19. 


Authors’ Closure 


The authors wish to thank Messrs. Hug and Pentland for their 
discussion. 

The foundry which prepared the test billets reported the cast- 
ings were produced by the addition of magnesium ferrosilicon 
which contained one half per cent cerium. As mentioned by 
Mr. Hug, the relative effect of increases in feed and depth of cut 
on cutting force should have been emphasized. The empirical 


formulas on page 145 show this effect. Based on these formulas, 
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doubling the feed or depth of cut produces the following per cent 
increase in cutting force: 
Tool 
material 
Carbide 
Oxide 


Doubling 
feed 
53% 
57% 


Doubling 

depth of cut 
89% 
90% 

Mr. Pentland’s discussion reported flank adhesion when 
machining 100 grade nodular cast iron. The authors only 
observed flank adhesion and the accompanying increase in tool 
force when machining 60 grade nodular cast iron. Regarding the 
effect of clearance angle when machining nodular cast iron grade 
60, we can report the following. Tests were conducted using a 
cast iron grade carbide (C-11) with a clearance angle of 15 deg. 
This angle was obtained using a positive type insert in a negative 
clamp type tool holder. Flank adhesion did not develop over a 
speed range of 100 to 1000 fpm. The tool force pattern was 
similar to Figs. 2 and 8, but somewhat lower. 

The authors are currently conducting tool life tests and in- 
vestigating the effects of tool geometry and coolant. The results 
of these investigations will be reported in future papers and will 
relate directly to the comments of Messrs. Hug and Pentland. 
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A Milling Torquemeter of Planetary- 
Gear Design 


J. R. ROUBIK 


Research Engineer, Kearney & Trecker 
Corporation, Milwaukee, Wis. 


Assoc. Mem. ASME equt pment. 


A design of planetary-gear dynamometer or torquemeter, to measure tangential cutting 
forces in milling with a high degree of accuracy and sensitivity is described together 
with certain design considerations and limitations as well as associated force-measuring 


This device is a highly efficient, sensitive, and durable research tcol for use in ac- 
curately determining the magnitude and manner of variation of the cutting force, energy, 
and power at the cutting edges of single-point or multiple-point milling cutters, as well 
as machine efficiency, in full-scale milling operations. 

Procedures and methods of determining values of tangential cutting force, specific 
cutting energy, and horsepower at the cutter from cutting-test data obtained with the 
torquemeter are given with examples. 


Introduction 


Fon experimental research in milling it is desirable to 
have a device capable of measuring tangential cutting force with 
a high degree of accuracy and sensitivity over a broad range of 
laboratory and shop conditions with single-point or multiple- 
point milling cutters of various sizes and geometries. With such 
force measurements, it is a simple matter to obtain values of re- 
lated quantities such as cutting torque, work or energy, and 
power which prevail at the cutter. Also if power input to the 
machine is measured simultaneously, its efficiency under various 
conditions can be determined. 

One or more of the rectangular components of the force system 
operative at the cutting edge of a tool have been measured under 
various cutting conditions with a variety of dynamometers [1-10]? 
and numerous data are available in the literature. The greatest 
number of such data have been gathered in relatively simple 
turning operations in which the feed or uncut chip thickness is 
constant. Although, fundamentally, all metal-cutting opera- 
tions have much in common, some important differences exist. 

Milling and similar operations are different in that they in- 
herently are of an interrupted or intermittent nature. The work- 
piece is engaged by an individual cutting edge during only a part 
of each revolution resulting in a chip of varying, rather than 
constant thickness from point to point along its length. This, 
together with the entry and exit of successive cutting edges, 
causes the cutting load in milling to oscillate accordingly rather 
than to be relatively constant as in turning. 

Milling dynamometers have been built before to measure either 
force on the cutting edge or on the workpiece and are described 
in the literature. Strain-sensitive elements have been used as 
supports for the work-holding fixture [1, 2], have been incor- 
porated in the cutter body [3], in the immediate vicinity of one 
or two cutting blades, or have been used in an intermediate drive 
member between the machine spindle and cutter [4, 5], see Fig. 1. 


1 This paper is based on a thesis submitted in partial fulfillment of 
the requirements for the degree of master of science (mechanical en- 
gineering) at the University of Wisconsin, 1959. 

2 Numbers in brackets designate References at end of paper. 

Contributed by the Metal Processing Research Activity of the 
Production Engineering Division and presented at the Production 
Engineering Conference, Milwaukee, Wis., May 17-19, 1960, of THe 
AMERICAN Society OF MECHANICAL ENGINEERS. Manuscript re- 
ceived at ASME Headquarters, February 3, 1960. Paper No. 60— 
Prod-5. 
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Each of these devices performs quite well within certain limita- 
tions, generally in light cuts. However, none was considered 
suitable for use over a broad range of both laboratory and shop 
conditions, including heavy cuts with standard milling cutters, 
or for efficiency comparisons of different machines. 

Infrequently, thorough and accurate efficiency measurements 
with a prony-brake load on the spindle of a particular milling 
machine have been made [6]. However, the relative steadiness of 
a brake or noncutting load is not a good simulation of the 
oscillating-load characteristic of the milling process. Milling- 
force values obtained indirectly from electrical and prony-brake 
tests at best are approximate, average values only. 

For direct and accurate measurement of instantaneous and 
average values of the tangential cutting effort in full-scale milling 
cuts and determination of machine efficiencies under actual cut- 
ting loads, a dynamometer or torquemeter of planetary-gear de- 
sign has certain advantages. Dynamometers of this type are 
used, for example, in aircraft-engine testing. 

In a planetary milling dynamometer, the gearing transmits 
force or torque through an element in the train which is station- 
ary, and thus does no work, to a load-sensing device, while simul- 





Fig. 1 Inductive torque dynamometer for milling 
Dynamometer mounted in lathe adapted for milling [4, 5]. Increase in 
size of air gap in split-ring arrangement at left is sensed electrically by 
core and coil and is proportional to torque applied at cutter. Since split 
ring rotates, slip rings must be used. Workpiece at right is 35/s in. in 
height. 
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taneously driving a cutter with very little transmission loss. One 
advantage of a planetary torquemeter is that it provides a rather 
direct means of evaluating rotating forces without the need of 
rotating force-sensing elements or pickups. In effect, oscillat- 
ing rotating force is mechanically converted to a proportional oscil- 
lating stationary force which can be measured readily by elec- 
trical, mechanical, or hydraulic means. This type of dynamome- 
ter is relatively independent of the force-measuring elements to 
be employed, since these elements can be selected in accordance 
’ with the load to be measured and,can be readily changed. 

Accurate, dependable, commercially available weighing or 
force-sensing pickups can be used. There is no need to use sliding 
electrical contacts or slip rings normally associated with rotating 
strain-sensitive elements. It is therefore a simple matter to 
mount the dynamometer on different milling machines, thus 
readily permitting comparative efficiency tests. 


Design Characteristics 


The objective in building a planetary-gear torquemeter was to 
permit accurate measurements of tangential cutting forces at 
the cutter in full-scale milling operations with standard milling 
cutters over a broad range of conditions such as prevail in actual 
practice. The dynamometer was to (a) have a very high ef- 
ficiency, (b) be capable of transmitting at least 100 hp over as 
much of the average milling-machine speed range (15-1500 rpm) 
as practical, (c) be applicable to a variety of milling machines, (d) 
be compact, i.e., occupy as little axial] distance as practical be- 
tween the spindle nose and the cutter mounting face, (e) have an 
output speed lower than, but as near as practical to, the input or 
machine speed, (f) have output and input rotation in the same 
direction, (g) operate under either direction of rotation, (h) be 
sensitive, (¢) have a high degree of stiffness, and (j) be dependa- 
ble, durable, and rugged. 

To meet all of these requirements consideration of numerous 
planetary-gear arrangements led to the selection of the so-called 
“‘solar’’ [11] arrangement, Fig. 2, in which the central or sun gear 
is held fixed by a load-sensing element. Such gearing can be made 
with considerable savings in space, weight, and transmission losses 
as compared to equivalent simple gear trains. Compactness of 
design with high-power capacity is possible because the load may 
be transmitted over many gear contacts with equal sharing of the 
load if one of the elements, the sun gear for example, is permitted 
to float radially, the gears and bearings are of high quality, and 
the positional accuracy of the planet axes is high [11]. The 
amount of ‘‘float’’ need not be large in accurately made assemblies 
since it is considered that the clearances in the bearings and small 
elastic deformation of the parts is sufficient to insure equal sharing 
of the load among the planet pinions. 

Sensitivity is governed by the values of the lever arms in the 
cutter, gearing, and reaction lever, but more particularly by the 
sensitivity of the load-sensing device used to measure the force at 
the end of the reaction lever. If the load-sensing device operates 
more favorably, or only, when stressed either in tension or in com- 
pression, it is a simple matter to provide for such characteristics 
through proper positioning of the load pickup. 

The entire chain of loaded elements in the torquemeter as- 
sembly has much greater stiffness than the load-sensing device 
itself which must provide a satisfactory compromise between 
stiffness and sensitivity. For example, commercially available 
strain-gage load cells suitable for this work permit deflections at 
the end of the 12-in. torque-reaction lever of the order of 0.001 
in. per 1000 !b reaction force, or in other words, 5000 to 7500 lb 
tangential cutting force with 12 to 8-in-diam cutters. 

The torquemeter fits the common No. 50 standard milling- 
machine spindle nose and accepts face-milling cutters, 8 in. in 
diameter and larger, which center on a No. 50 standard spindle 
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nose. Flange-mounted arbors and adapters are necessary for 
other sizes and styles of cutters. With arbor-mounted cutters, 
an outboard-support journal bearing is usually necessary. In this 
situation the combined cutting torque and bearing-friction torque 
would be measured. Because of difficulties which could arise 
from lubrication problems and from axial rentention of the sun 
gear and attached lever arm with the torquemeter spindle in the 
vertical direction, use of the torquemeter is best restricted to 
horizontal or plain machines, although it could be made to work 
on vertical models. 

Essentially, this torquemeter, interposed between a milling 
spindle and cutter, is an epicyclic or planetary-gear transmission 
which permits measurement of the force necessary to hold one 
of its components fixed or stationary. This force is directly pro- 
portional to the cutting force and the proportionality can be 
computed from the gear ratios and lever arms involved. Thus 
the tangential force acting on the driven component or cutter can 
be measured rather directly. 

It can be seen by referring to the schematic diagram, Fig. 2, 
that torque is transmitted from the machine spindle, 1, through 
keys to a ring or internal gear, 2, mounted on the spindle. The 
input ring gear drives twelve equally spaced planetary pinions, 3, 
each of which rotates freely on its shaft, 4, which is rigidly held 
in a carrier, 5. Part of the carrier serves as the torquemeter out- 
put spindle, 6, to which a milling cutter, 7, having one or more 
cutting blades, 8, is fastened. In order that torque be transmitted 
to the cutter, the planet pinions are forced to roll around a center 
or sun gear, 9, which is fixed and held stationary through an 
attached lever arm, 10, by a load cell, 11, fastened to a fixed sup- 
port, 12. For the right-hand cut and position of the load cell 
shown, the cell is in tension. A universal amplifier and direct- 
writing oscillograph, 13 (or oscilloscope), provide a means to 











Fig. 2 Schematic diagram of planetary-gear milling torquemeter 
All rotational axes are horizontal 


Horizontal milling machine spindle, N, rpm. 

Ring or internal gear (r, pitch radius) driven directly by machine 
spindle at N, rpm, 

One of 12 planetary pinions (r, pitch radius) driven by ring gear at 
relative speed of Np/- rpm with respect to pinion shaft 4. 

Planetary pinion shaft. 

Carrier for pinions (r- gear center radius) driven by pinions at N, rpm. 

Torq ter spindle, attached to carrier, 5, rotating at N, rpm. 

Cutter body mounted on spindle, 6, N. rpm. 

Blade resisted by tangential cutting force F,; at radius r, at 0.5236 
roN. fpm speed. 

Stationary sun or center gear (ry pitch radius). 

Stationary lever arm attached to sun gear (r, effective lever arm). 

Stationary strain-gage load cell in tension. 

Fixed support for load cell. 

Oscillograph recording force. R which is porportional to force F;. 
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record the load-cell voltage output which is proportional, de- 
pending on the various lever arms, to the tangential-tooth loads 
at the sun-planet gear mesh and also at the ring-planet gear 
mesh, the tangential loads on the pinion shafts, and the tangential 
force on the cutting blade. The principles of operation described 
are practically applied as shown in the cross-sectional view of the 
actual torquemeter, Fig. 3. 

The angular velocity of the planet gears N,, the planet carrier 
or cutter N, and the planet gears relative to the carrier Np,/., in 
terms of the machine-spindle or ring-gear velocity N, are 


r, 
N,= 5° 
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Fig. 3 Cross section of planetary-gear milling torquemeter 
1-Internal or ring gear, 144 T, 12 DP, 20° PA; 2-draw-in bolt extension 
plug (tapered surfaces do not touch); 3-tapered roller bearing adjust- 
ment collar; 4-adjustment nut; 5-adjustment sleeve; 6-planet pinion 
carrier; 7-pinion cover plate; 8-planet pinion, 24 T (twelve); 9-pinion 
shaft (twelve); 10-lock screw and snap ring; 11-spacer; 12-torquemeter 
spindle nose; 13-cover plate; 14-fixed sun gear, 96 T; 15-retaining 
plate; 16-retaining spacer; 17-torque arm plate; 18-torque arm; 
19-enclosing shield; 20-hollow draw-in bolt (filtered oil inlet); 21-oil 
slinger shield; 25-needle rollers and cage. 
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Nore = 


where r,, r,, and r,, respectively, are the pitch radii of the ring 
gear and planet pinions, and the pinion-center-circle radius. For 
the particular arrangement used: 


N, = 0.6N,; Nore = 2.4N,; and N, = 3.0N, 


Assuming no losses and equal sharing of the load among all 
twelve planet pinions, the relationship between gear tangential 
force F,, reaction force R, measured by the load cell, and tangen- 
tial cutting effort F, is as follows: 


7,-%7,- Bp 
T, T, 
where r, = cutter radius. 

Since all bearings are hardened-steel roller bearings having in- 
herently low losses of the order of 0.25 per cent and the over-all 
efficiency of the torquemeter is approximately 99 per cent or 
better, the foregoing relation may be used in practice with 
negligible error at normal speeds. 

The loads which may safely be placed on the torquemeter are 
limited primarily by the capacities of the antifriction bearings, 
the gears being much more than adequate since gear forces are 
generally less than 5 per cent of the cutting forces. The 12-diame- 
tral-pitch, 20-deg-pressure-angle, 1.5-in-face-width gears were 
nitrided to !/s in. depth to obtain hardness with a minimum of 
distortion in heat-treatment. The minimum “number of gear 
teeth in contact’’ is 1.732 which exceeds the minimum value of 
1.40 recommended for smooth operation. 

Tapered roller bearings, AFBMA Class O, were used in an “‘in- 
direct’? mounting [12]. Since both the cups and cones rotate in 
the same direction, the relative bearing speed N, is 


N, = N, — 0.6N, = 0.4N, 


Of all the assumed steady bearing-load conditions analyzed for 
face-milling, the front or smaller diameter bearing has the lowest 
life with an 8-in-diam cutter when the cutting thrust is away 
from the spindle as indicated by the lower limit of each shaded 
area in Fig. 4. With a more normal situation of thrust toward 
the spindle with an 8-in-diameter cutter at 15-rpm machine speed, 
theoretically, the front bearing is limited to 20 hp for a B-10 life 
of 100 hr or to a B-10 life of 0.46 hr at 100 hp. However, loads 
of this nature are impractical and are not anticipated. 

Pitch-line velocity of engagement in this gear arrangement is 
only 40 per cent of the ring gear pitch-line velocity and conse- 
quently the potential or circulating horsepower [13] is only 40 
per cent of the power transmitted. The general expression for 
efficiency of this type of gearing is 


1 
: “ ies 2 sail tata 
Per cent efficiency = 100 [: (2L + L?) (: ax) 


where L = loss factor, commonly taken as 0.01 (1 per cent) 
N,/N, = ratio of input to output speed 


If the L? term is considered insignificant, since L is already 
small, the following equation [14] 


1 
Per cent efficiency = 100 [: — 2b (1 7 N,/N )| 


results. Assuming a friction loss of 1 per cent of the potential 
power at each mesh, the gearing efficiency is 99.2 per cent, see 
Fig. 5, compared to 98.0 per cent for a simple gear train with two 
meshes. 


A comparative method of experimentally verifying the com- 
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Fig. 4 Torquemeter tapered-roller-bearing estimated life and power 
capacities versus machine or input spindle speed 

Heavy lines represent minimum values which occur at front bearing with 
8-in-diam face mill exerting thrust away from spindle. Shaded areas 
represent families of parallel curves for both bearings with cutters from 8 
to 14 in. in diameter and with thrust both toward and away from 
spindle. 


puted high efficiency of the torquemeter itself was derived and 
successfully applied after extensive cutting-force data [15] had 
been gathered with the torquemeter. In evaluating the data, 
losses in the torquemeter were neglected since they were com- 
puted to be less than 1 per cent which is less than the reading error. 
Cuts requiring equal power on the basis of these data were taken 
with the machine only and with the torquemeter at a machine 
speed of 220 rpm but at different cutting speeds and, consequently, 
at different depths of cut and sometimes different feeds per tooth. 
These tests indicated an over-all average of 100.1 per cent ef- 
ficiency for the torquemeter, individual test values ranging from 
99.3 to 101.8 per cent. Efficiencies over 100 per cent are, of 
course, impossible but the tests indicated that losses in the 
torquemeter are extremely low and can be neglected for practical 
purposes. 

When mounted on a milling-machine spindle, the torquemeter 
has a spindle-nose peripheral eccentricity or runout pattern re- 
sulting from an accumulation of slight eccentricities in the machine 
spindle, mounting counterbore, tapered roller bearings and 
mountings, and the torquemeter spindle itself. It is difficult and 
expensive to reduce this runout much below 0.0005 in. Typical 
maximum over-all runout encountered was 0.0005 in., see Table 1. 
Not more than 0.0004 in. runout, and generally much less, 
occurred in any one revolution. The pattern is erratic and could 
be expected to repeat only when all the torquemeter components, 
including the bearing rollers, and the machine spindle again have 
an identical position and orientation. 
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Fig. 5 Efficiencies of “solar” type planetary-gear transmission used in 
torquemeter (after R. Poppinga [14]) 
Loss factor L assumed as 0.01 (1 per cent). 
A—Efficiency versus gear ratio for equivalent simple gear train. 
ciency constant at 98 per cent. 
B—Efficiency versus gear ratio for “solar” type planetary-gear transmis- 
sion used in torquemeter 


1 
Per cent eff. = 100 [1 — 2L (1 - nam.) | 


C—For the gear ratio of 1.67 used in torquemeter, efficiency is 99.2 
per cent. 
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Table | Torquemeter spindle nose runout, 0.0001 in. 
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Torquemeter mounted on machine spindle ready for cutting 





tests. Spindle nose locations vere 90° apart. Values 
indicate increase in radial distance above minimm or 
datum radius. Maximm deviation from datum is 0.0005 in. 


The effective peripheral runout of the cutting teeth in a multi- 
ple-toothed cutter on the torquemeter can be expected to be 
slightly greater because of eccentricities introduced by the 
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Table 2 Face mill peripheral runout, 0.0001 in. 
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mounting counterbore and errors in grinding of the teeth. Maxi- 
mum over-all runout of 0.0008 in. is cited in Table 2 for a typical 
case. However, the runout in any revolution of a single tooth or 
from one tooth to the next was not more than 0.0004 in. and 
generally less. Cutter runout is commonly encountered in prac- 
tice and often is of greater magnitude than cited in Table 2. 
Control of accuracy of feed per tooth in cutting tests will, of 
course, be affected by cutter runout, particularly at light feeds. 
At heavier feeds per tooth, the error introduced by runout can be 
neglected. 


Test Equipment and Procedure 


In addition to the torquemeter, the reaction member attached 
to the overarms, an oil filter, and a pump which circulates oil via 
a tubular draw-in bolt at a low flow rate through the torquemeter, 
various measuring and recording instruments were needed for 
cutting tests. 

A Baldwin SR-4 load cell, Type U-1, 2000-lb capacity, was used 
as a pickup to measure the reaction force on the stationary lever 
arm of the torquemeter. Tensile loading of the cell was pre- 
ferred, see Figs. 2 and 6. However, a carefully aligned, rigid 
mounting of the cell was provided in the interest of minimum de- 
flection at the end of the reaction lever and also to permit measure- 
ment of compressive forces in the cell, e.g., upon exit of the tooth 
from the cut with single-tooth cutters. Periodically the load cell 
was calibrated with dead weights or an accurate spring balance. 

To record force data with a very high degree of linear response 
in the range between 0 (dc) and 100 cps, the output of the load 
cell was fed through a Brush BL-350 input box to a BL-520 uni- 
versal amplifier coupled to a BL-254 oscillograph. 

To record force traces with faithful high-frequency response, 
the load-cell output was fed to a Hughes 104-D storage-type 
oscilloscope, which permitted retention of transients on its screen. 
These transients could then be photographed as desired. A 
comparison of the same force pulse as recorded simultaneously 
with the oscillograph and oscilloscope is provided in Fig. 7. It 
can be seen that the average value and general shape of the 
pulse are similar but the amplitude and frequency of vibration are 
greater in the oscilloscope trace. Fluctuations superposed on 
the basic pulse form are partly caused by the gearing, as is the 
case with any sensitive tool dynamometer used on a gear-driven 
machine tool, and partly by the basic process of chip formation, 
the two causes probably being closely interrelated. 
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Fig. 6 Cutting test setup with torquemeter and load cell 


Major part of torquemeter in this view constitutes the lever arm, attached 
to the fixed sun gear, which is constrained by the load cell at the right. 
Cell is rigidly attached to reaction member on machine overarms. Cell 
load bolts must be carefully aligned to minimize side loads. Tensile load- 
ing of cell is preferred and is obtained with cell on right-hand side for 
right-hand cutters (shown) and on left-hand side for left-hand cutters. 
The work-holding fixture and an 8-in-diam face mill are also shown. 


The majority of data were intentionally taken with single- 
toothed cutters, centered with the width of cut during each pass 
of the table so that the mean force value at the central crest of the 
pulse corresponds to the feed per tooth or maximum chip thick~ 
ness. Large disturbances, such as could be caused by impact of 
an entering tooth, will be at the beginning of the pulse and 
thus less likely to obscure the force value of interest. 

A typical example of a single-tooth milling test oscillogram is 
shown in Fig. 8. In this test a 5.125-in-radius, right-hand, single- 
toothed carbide face mill was centered with a 4-in-wide SAE-1018 
steel workpiece at 0.200 in. depth of cut. Oscillograms were 
taken at attenuator settings and chart speeds appropriate to the 
size of chip and cutting speed used. Generally, a record of at 
least five pulses was made in each test to minimize the influence of 
cutter runout. The mean load cell or torquemeter lever reaction 
force R at the central crest of each pulse was evaluated and found 
to be an average of 102.1 lb. The corresponding tangential cut~ 
ting force was 


30 30 
—kh= (102.1) = 597.8 lb 


F = = 
; tT, 5.125 


Cutter speed was also determined as 107.7 rpm from the os- 
cillogram by noting that seven force pulses or complete cutter 
revolutions occurred in 3.9 sec. Thus the cutting speed was 289 
fpm. Since the table feed rafe during the cut was measured as 
0.958 ipm, the feed per tooth was 0.0089 in. 


Cutting energy U, computed by dividing the instantaneous 
power by the instantaneous rate of metal removal is 


_ (Foa2v) _ 
* @Na2v) (af) ins 


= depth of cut, in. 
feed per tooth, in. 
cutting speed, fpm 
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Left: Oscilloscope flat-response trace 
(Memoscope) 





Right: Oscillograph trace (nearly flat response up 
to 100 cps) 


Fig. 7 Tangential cutting-force pulse 


Recordings were made simultaneously in milling SAE-1018 cold-rolled steel with 12.312-in-diam, 


rh, single-toothed carbide (C-5) face mill. 
fpm; feed, 0.0099 ipt; 


Cutter was centered with width of cut. 
width of cut, 4 in.; depth, 0.150 in.; coolant, dry. Tool signature: 


Speed, 125 
-7°, 


—11° X 0.210" on +14°, 3°, 5°, 0°, 15°, 1/32” X 45°. 


Note impact on tooth entry at right of each trace which reads from right to left. 
and increased in thickness from beginning to end of cut. 


not occur with well-formed chips. 
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Fig.8 Typical oscillogram of tangential cutting force with single-toothed face mill 
Trace made in centered cut with 10.250-in-diam face mill at 289 fpm, 0.0089 ipt, and 0.200-in. depth of cut on 4-in-wide 


block of SAE-1018 cold-rolled steel, 140 Bhn. 
15°, 1/64" X 45°. 


597.8 we 
= TS = ds 1) — 
* ~ (0.200)(0.0089) os 


Since 1 hp/in*/min = 


396,000 Ib/in.? 
U, = 0.85 hp/in*/min 


Average instantaneous power at the mid-point of the cutting 
arc was 
FW (597.8)(289) 


Hp = = = = 
33,000 33,000 





5.24 hp 


Data resulting from extensive cutting tests with the torqueme- 
ter are reported elsewhere [15]. 


Conclusions 

Design estimates indicate a gearing efficiency of greater than 99 
per cent and experimental determinations at 220 rpm input speed 
confirmed this high efficiency. 

Mean tangential cutting forces in milling, as well as the manner 
of force variation during the cutting sweep of one or more milling 
teeth forming chips of varying thickness, can be determined 
accurately. 

With careful power-input measurements, milling-machine ef- 
ficiencies in actual cuts can be evaluated accurately, and compari- 
son of various models of milling machines can be made with 
ease. 

This milling torquemeter fulfilled the purposes for which it was 
built and in tests [15] has operated satisfactorily up to input 
speeds of approximately 700 rpm. The device provides an ac- 
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Carbide (C-5) tool signature: 


—7°, O° X 0.210” on +15°, 3°, 5°, 0°, 


curate and sensitive means of converting rotating milling force 
to a proportional stationary force, which can be measured readily, 
and is a most useful research tool for machinability investigations 
in milling and efficiency determinations of milling-machine 
drives. 

Oscillations superposed on the basic force-pulse form are 
caused partly by the gearing, as is the case with any sensitive tool 
dynamometer used on a gear-driven machine tool, and partly by 
the basic process of chip formation, the two causes probably 
being interrelated. 


Acknowledgment 


Grateful acknowledgment is made to Dr. A. O. Schmidt, 
Kearney & Trecker Corporation, for initiating this project and to 
Prof. R. J. Harker, University of Wisconsin, for his advice. 


References 


1 M.C. Shaw, “Metal Cutting Principles,” third edition, 1945, 
Massachusetts Institute of Technology, Cambridge, Mass., pp. 4-1 to 
4-30. 

2. G. Schlesinger, “Die Krafte in der Werkzeugmaschine,” 
Zeitschrift VDI, vol. 73, Nov. 2, 1929, pp. 1565-1570. 

3 H. Opitz and K. Kisters, ‘‘Messgerite zur Ermittlung der 
Schnittkraft und Schnittemperatur bei Zerspanungsvorgingen,”’ 
Werkstatt und Betrieb, vol. 85, no. 2, 1952. 

4 I. Bendixen, ‘“‘Leistungsbedarf beim Frisen mit Messerkép- 
fen,’’ Werkstatt und Betrieb, vol. 90, May, 1957, pp. 301-306. 

5 I. Bendixen, ‘Power Measurements in Milling,’’ ASTE Paper 
No. 194, 1959. Abstracted in The Tool Engineer, vol. 42, April, 
1959, pp. 102-106. 

6 “Cutter Research, University of Michigan,” War Production 
Board, Office of Production Research and Development, Washington, 
D.C., Data Sheets, March, 1945, Sheets 13-16 (MR-1). 


Transactions of the ASME 





7 LL. Czaplicki, ‘‘Methodes d’Investigation de l’Usinabilité des 
Metaux,”’ Revue Universelle des Mines, ninth series, vol. 8, March, 
1952, pp. 76-89. 

8 “Applied Machinability,” Department of Production Engi- 
neering, University of Michigan, Ann Arbor, Mich., 1953, p. IV-2, 
pp. IV-20 to 30. 

9 E.G. Loewen, E. R. Marshall, and M. C. Shaw, “Electric 
Strain Gage Tool Dynamometers,”’ Proceedings of the Society of Ex- 
perimental Stress Analysis, vol. 8, 1951, pp. 1-16. 

10 P. Chiesorin, ‘Measuring Cutting Forces,’’ The Tool Engineer, 
vol. 39, Dec., 1957, pp. 114-120. 

11 H.N.G. Allen and T. P. Jones, ‘“‘Epicyclic Gears,’’ Trans. of 
The Institute of Marine Engineers, vol. LXIV, 1952, pp. 79-99. 

12 “The Timken Engineering Journal,” 1950, The Timken Roller 
Bearing Co., Canton, Ohio. 

13 E. Buckingham, ‘Spur Gears,’’ McGraw-Hill Book Co., Inc., 
New York, London, 1928. 

14 R. Poppinga, “Der Wirkungsgrad der Planetengetriebe,”’ 
Zeitschrift VDI, vol. 93, March 21, 1951, pp. 250-252. 

15 J. R. Roubik, “Milling Forces Measured With a Planetary- 
Gear Torquemeter,” ASME Paper No. 60—WA-3, 1960. 

16 Keiji Okushima, ‘‘Wire Resistance Type 3—Component Tool 
Dynamometer,”’ Bulletin, Faculty of Engineering, Kyoto University, 
Japan, April, 1957, pp. 709-711. 


DISCUSSION 
M. Sadowy® 


In spite of the importance of precise cutting force data, sys- 
tematic investigations in this field—especially force measurements 
in milling—are relatively scarce. The paper presents, therefore, 
a very valuable contribution for which the author should be 
commended. 

The planetary gear principle in torquemeter design has certain 
advantages from the standpoint of measurement, e.g., it is one of 
the rare cases where measurements on rotating machine members 
can be conducted without sliding electrical contacts which in 
many cases are inconvenient to handle. 

The sturdy design allows measurements under heavy cutting 
loads and this is very valuable for determination of machine tool 
efficiency and for comparison of various machine tools under 
actual working conditions. 
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Fig.9 Equivalent system for force measuring devices (P = cutting force, 
m = mass, k = spring constant, c = damping, x = displacement) 


The author is also to be commended for successfully overcom- 
ing manufacturing difficulties which—as it is well known—can be 
very substantial in the case of a high accuracy planetary gear 
system. Both the relatively high efficiency and the small runout 
of the torquemeter indicate high quality of manufacture and 
assembly. 

The torquemeter not only represents a valuable instrument for 
traditional measurements on machine tools but it also could sub- 
stantially help to aid advanced investigations in the field of dy- 


’ Assistant Professor of Mechanical Engineering, Marquette Uni- 
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Fig. 10 Frequency response of a measuring device.‘ Note that the 
ratio x/p is constant only at frequencies which are sufficiently lower 
than the natural frequency of the measuring device. (wand w, are the 
frequency of the measured force and the natural frequency of the measur- 
ing device, respectively.) 


namics of metal cutting. In order to discuss this latter possibility 
it seems to be worth while to discuss the for ze measuring system. 

This system usually can be reduced te an equivalent linear sys- 
tem with one degree of freedom (Fig. 9) in which the cutting force 
P acts upon the lumped mass m of the system and is being 
measured by the displacement z of this mass. With respect to the 
characteristics of the force P two main possibilities can be dis- 
cerned, namely 


a asteady state, e.g., periodic, and 

b a transient, e.g., impact-like, characteristics. 
The cutting forces in milling can be considered as a combination 
of both characteristics (see, e.g., Fig. 8). 


In order to accurately represent the cutting force P in terms of 
the displacement z (Fig. 9) the ratio of the (complex) amplitudes 
of P and z must be constant within the entire frequency range 
under consideration. In discussing this condition it is practicable 
to employ the concept of the steady-state (frequency) response 
and of the transient (e.g., unit-step function) response of the 
dynamometer. 

As indicated in Fig. 10 and Fig. 11 the proper response depends 
upon the natural frequency and upon the damping characteristic 
of the dynamometer simultaneously. These values can be handled 
only approximately at the design stage and it is advisable to check 
experimentally on the completed device, e.g., during the dynamic 
calibration. A purely static calibration can be rather frequently in- 
sufficient in this case. In most cases the recording systems should 
also be included in the response consideration, especially if 
danger exists that due to inertia of these systems higher frequency 
components of the measured cutting forces can be “‘filtered out’’ 
(compare both diagrams in Fig. 7). 


4M. Sadowy, ‘‘Zur rechnerisch-graphischen Bestimmung der dy- 
namischen Steifigkeit und der dynamischen Nachgiebigkeit eines 
einfachen und eines gekoppelten Systems mit Daempfung,’’ Collected 
Paper Bi-Annual Machine Tool Symposium (3. Fokoma), Munich, 
1957, pp. D 25—-D 34. 
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Fig. 11 Step function response of a measuring device, 
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system (Fig, 11a) can be decreased through proper damping (Fig. 116). 
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Fig. 12 Cutting forces in milling (after F. Eisele).® 
and chatter conditions are clearly discernible. 
to 5000 kg have been measured. 


Normal, resonance, 
During chatter forces up 


The torquemeter described shows slight ‘‘overshooting’’ on 
both sides of the force oscillogram (Fig. 7, right) and the fre- 
quency of this overshooting is rather low. Only an experimental 


5M. Sadowy, ‘“‘Zur Anwendung des Analogrechners auf Schwing- 
ungsprobleme in Werkzeugmaschinenbau,”’ Collected Paper Bi- 
Annual Machine Tool Symposium (4. Fokoma), Munich, 1959, pp. 
C7-C 19. 

*F. Eisele, ‘“‘Dynamische Untersuchungen des Fraesvorgangs,”’ 
Berichte tiber betriebswissenschaftliche Arbeiten, vol. 7, 1931, VDI, 
Berlin, Germany. 
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The disturbing transient vibration of the measuring 


check can precisely disclose which of the involved systems is re- 
sponsible for this behavior. 

One of important applications of the described torquemeter 
could lie in the field of chatter investigations where simultaneous 
measurements of cutting forces and of the vibratory motion of the 
machine tool are essential for a more exact comprehension of the 
chatter originating mechanism. During self-excited chatter 
and also in the case of resonant disturbances the cutting forces 
can exceed the ‘‘normal’’ cutting forces extremely (Fig. 4) and 
for this kind of experiment the husky design of the torquemeter 
is very advantageous. In the case of chatter investigations it 
would be necessary to detach the reaction member of the torque- 
meter from the machine tool overarm in order to isolate the first 
from the vibrating machine tool. This change, however, can 
always be completed without any difficulties. 


Author’s Closure 


The author wishes to thank Dr. Sadowy for his discussion and 
complimentary remarks. 

Contrary to the impression given by the oscillograph records 
presented in this paper, ‘overshooting’ or high initial impact 
at the beginning of single-tooth force pulses was not detected in 
the majority of force recordings taken so far, and this point bears 
further investigation. On the other hand ‘“overshooting’’ or a 
negative force was always recorded at the end of a force pulse 
and is due to the sudden elastic unloading of the power trans- 
mission in both the machine and torquemeter. 

The oscillograph records made with the torquemeter indicate 
a high damping characteristic resembling Fig. 11(b) rather than 
Fig. 11(a) in the discussion. In Figs. 10 and 15 of a companion 
paper (Reference [15] of this paper) the unusually close agree- 
ment obtained between the actual and theoretical tangential 
force trace of a face-milling cut with a multiple-toothed cutter 
would indicate that the entire force-measuring system has an 
extremely good response, apparently better than that exhibited 
in Fig. 12 in the discussion. 

It is hoped that the torquemeter can be used to aid advanced 
investigations in the field of dynamics of metal cutting, especially 
in chatter investigations. For this purpose, of course, dynamic 
calibration would be necessary to determine more precisely the 
response of the entire force measuring system, dependant on the 
natural frequency and damping characteristics, and the cause of 
“overshooting,’’ especially in single-pulse force recordings. 
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Free Machining Steel: | 


Tool-Life Characteristics of Resulfurized Steel 


Tool-wear and tool-life characteristics of a series of five steels of different sulfur content 


are presented for different values of cutting speed, feed, cutting fluid, and cold work. 
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While the presence of manganese sulfide in steel is generally found to extend tool life, 
certain combinations of speed and feed yield result that indicate the reverse effect. For 
the group of hot-rolled steels studied, sulfur was found to shorten tool life at certain 
cutting speeds when the feed was in the vicinity of 0.005 ipr. 
low sulfur content exhibit better tool life with high-speed steel tools than with carbide 


The hot-rolled steels of 


tools when the cutting speed is such as to sive a tool life in the vicinity of 4 hr. A tracer 


device 1s described that is useful in exploring the nature and extent of the crater and 
built-up areas on the tool face. 


Iniroduction 


hin steels that are used in high-speed machining 
operations, the so-called free-machining steels, represent an 
appreciable percentage of all of the bar stock that is produced in 
this country. Consequently, it is important that the quality of 
such steels continuously be improved. If better free-machining 
steels are to be designed it is necessary that the designer have a 
clear and accurate picture of the manner in which present free- 
machining additives operate. It is the purpose of this series of 
studies to investigate the performance and the reasons behind 
the performance of free-machining additives. 

Persons in the workshop are primarily interested in two items 
of performance, tool life, and surface finish, since these quantities 
influence rather directly the cost and function of a manufactured 
product. It would, therefore, appear natural to begin a discussion 
of free-machining additives from the point of view of their per- 
formance relative to these two quantities. This will be followed 
by consideration of other secondary quantities such as cutting 
forces and chip formation, since knowledge of such quantities is of 
value in helping explain tool life and surface-finish results. 

In this paper the tool-life characteristics of a series of steels of 
different sulfur content will be considered. 


Materials Investigated 


The steels used in this investigation were made from the same 
heat produced in a small foundry open-hearth furnace at the Gary 
Works of the U. 8. Steel Corporation, each steel being provided 
with a different sulfur content by additions to the ingot mold dur- 
ing pouring. The chemical analyses of the billets are given in 
Table 1, where it is seen that the chemical compositions of all of 


Contributed by the Metal Processing Activity of the Production 
Engineering Division and presented at the Production Engineering 
Conference, Milwaukee, Wis., May 17-19, 1960, of THz AMERICAN 
Society or MecHanicaL Enainerers. Manuscript received at 
ASME Headquarters, February 24, 1960. Paper No. 60—Prod-2. 


the steels are essentially the same with the exception of the sulfur 
content. 

The test bars were hot-rolled to 41/2 in. diameter. The steels 
will be referred to by number, steel 1 being that of lowest sulfur 
content and steel 5 that of highest sulfur content. Photomicro- 
graplis showing the sulfide inclusions in the hot-rolled bars are 
given in Fig. 1. 

The mechanical properties of the hot-rolled steel bars tested 
are given in Table 2. These data were obtained in the Applied 
Research Laboratories of the U. 8. Steel Corporation at Monroe- 
ville, using standard 0.505-in-diameter tension-test specimens. 
The center line of each specimen was located !/2 in. below the sur- 
face of the bar. The upper yield point and ductility are seen to 
decrease uniformly with increased sulfur content. The amount of 
sulfur is seen to have a small influence on tensile strength and no 
orderly effect upon hardness. 


Equipment 


Tool-life tests were performed on an engine lathe equipped with 
a d-c motor, so that the cutting speed could be maintained con- 
stant as the radius of the bar was reduced. Test bars were ap- 
proximately 30 in. in length and the wear land on the clearance 
face of the tool was measured at the end of each pass across the 
workpiece. The carbide tools used were of the clamped variety, 
Fig. 2, having a carbide insert measuring °/s X °/s X 11/s in. 
The general-purpose steel cutting grade of carbide was used and 
the ASA tool geometry was as follows: 


Table 1 Compositions of resulfurized steels 


Ingot ——————Per cent by weight————— 
no. C Mn P s Si N 
0.08 0.99 0.08 0.004 0.002 
0.08 0.99 0.09 0.006 0.003 
0.08 0.99 0.09 0.005 0.002 
0.07 0.99 0.09 0.005 ).002 
0.09 1.04 0.09 0.006 0.002 


Table 2. Tensile properties of hot-rolled steels tested 


Lower 
yield 
point, 

psi 

32,600 

32,900 

32,000 

29 , 500 

29,800 


Upper 
yield 
point, 
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Elonga- 

Tensile tion in 

strength, 2-inches, 

psi per cent 
55,700 
54,700 
54,500 
53,300 
54,700 


Reduc- 
tion in 
area, Hardness 

per cent Re 
56.6 
59.3 
56.5 
56.2 
58.4 
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Steel 1 


Steel 3 


Steel 5 


Fig. 2 Clamped carbide cutting tool and holder 


Back-rake angle, deg... . 

Side-rake angle, deg 

End-relief angle, deg... . 

Side-relief angle, deg.......... 
End-cutting-edge angle, deg... 15 
Side-cutting-edge angle, deg... 15 
Nose radius, in 0.03 


The high-speed steel tools used were made from 5/,  5/, K 4- 
in. bars of M-2 tool steel and these tools had the following ASA 
geometry. 


Back-rake angle, deg. . . 
Side-rake angle, deg.... 
End-relief angle, deg 
Side-relief angle, deg.......... 
End-cutting-edge angle, deg. . . 
Side-cutting-edge angle, deg... 
Nose radius, in 


Most of the tool-life tests were at a feed of 0.0046 ipr and no 
cutting fluid was used (except as noted). 
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Fig. 1 Unetched photomicrographs of re- 
sulfurized hot-rolled steels; X 100 (reduced 
about 1/3 for reproduction) 


Carbide-Tool Results—Hot-Rolled Steels 


Tool life was first investigated using carbide tools operating at 
high cutting speeds. The reason for including such tests in this 
study was to provide some tool-life data where it could be certain 
that a build-up edge (BUE) was not present. 

These tests were run dry using the clamped carbide tool shown 
in Fig. 2. The feed was 0.0046 ipr and the depth of cut was 0.100 
in. Cutting speeds of 1000, 800, and 600 fpm were used and all 
tools were tested until a wear land on the clearance face of the 
tool w of at least 0.040 in. had developed. Some tools were 
operated all the way to total destruction. 

The variation of wear land w, in., with the helical distance cut 
L, ft, is shown in Fig. 3 for all 5 hot-rolled steels and the several 
speeds investigated. It is evident at a glance that sulfur improves 
tool life significantly and that the greater the sulfur content the 
greater the tool life. The wear-land curves are seen to become 
steeper as cutting speed is increased. The tools that were run to 
total destruction did not fail until the wear land had reached a 
value of about !/s in. This indicates that crater formation is not 
a critical matter when these steels are cut with carbide tools. 

The Taylor plots corresponding to the data in Fig. 3 are given 
in Fig. 4. Here it is evident that all lines of constant wear land 
have the same slope. The results for tools tested to total destruc- 
tion are also shown in Fig. 4 (solid black points) and it can be seen 
that the total destruction tool life also increases with sulfur con- 
tent. The significance of the scale of R-values will be explained 
in a later paper in this series concerned with cost considerations. 

The American Standards Association (ASA) defines the tool 
life for carbide tools as the cutting time 7 corresponding to a wear 
land w of 0.03 in. The Taylor tool-life equation which relates tool 
life in minutes 7 to cutting speed V in fpm has the following 
form: 
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VT» =C (1) Table 3 Taylor tool-life equations (0.03 wear land) for carbide tools 
cutting steels of different sulfur content dry. Feed, 0.0046 ipr; depth of 
where n and C are constants. The Taylor equations for the cut, 0.100 in. 
= 0.03 in. curves of Fig. 4 are given in Table 3. The value C 8, Veo, Vuuo, 
in Eq. (1) is the speed corresponding to a 1-min tool life. The . Steelno. per cent Equation fpm 
values V@ in Table 3 correspond to speeds for a 60-min tool life. 0.033 ve 330 
It is seen that whereas a substantial increase in Ve occurs in = oa nape = 
going from steel 1 to steel 2 and from steel 2 to steel 3, a smaller ’ : 


é 0.26 VT0.33 640 
increase in tool life results for additions of sulfur beyond this 0.37 VT0.33 680 


point. 


uuu a 


+ A few carbide tool-life tests were also run on steel No. 1 (S = 

1000. 600 600 V, fpm 0.033 per cent) for a feed of 0.0104 ipr and these results are shown 
oo +t ——-- - - together with the corresponding data for a feed of 0.0046 ipr in 
aoe 4 Fig. 5. Here it can be seen that only about a 20 per cent decrease 
in tool life results when the feed is more than doubled. The 

slopes of the curves are nearly the same for the two values of 
0010 feed and it is expected that the same relative picture as that given 
J Re i in Fig. 4 for a feed of 0.0046 would be obtained for other feeds. 


(000° 6800 55600 Viton HSS Tool Results on Hot-Rolled Steels 


Tool-life tests were next performed using M-2 HSS tools. 
The feed and speed were maintained the same as in the carbide 
tests (0.0046 ipr and 0.100 in), but cutting speeds were below 600 
fpm in all cases. While all HSS tools were tested to total destruc- 
tion, the variation of wear land w with helical distance cut L was 
plotted for all tests (see Fig. 6 for dry tests). 

From Fig. 6 it is evident that: 
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1 Unlike the carbide tools there is essentially no difference in 
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Fig. 3. Variation of wear-land size w with helical distance cut L for five ’ - pre 00 1000 
Steels of different sulfur content. Cutting conditions: tool material, car- ‘ 
bide; ASA tool geometry, —7, —7, 7, 7, 15, 15, 0.03; feed, 0.0046 ipr; Fig. 5 Comparison of Taylor plots for steel 1 at two values of feed. 
depth of cut, 0.100 in.; fluid, none; bar diameters, 41/2 to 2 in. For cutting conditions other than feed, see Fig. 3. 




















sof TTT] 1 
| 





1] 1] 


; 
it { i 
y } 
60}- Steel No 2 aN 
5 
\ 


40 





0.010 
0.020 
0.030 


\i 
\ 


Tota! Failure 


| 


ba 
500 1000 500 1000 500 000 500 
V,fpm 


9 

\ 
\o 0040 
\ 

\ 








Fig. 4 Taylor tool-life plots for data of Fig. 3 
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Fig. 6 Variation of wear-land size w with helical distance cut L for five steels of different sulfur content. 


Cutting conditions; 


tool material, M2 HSS; ASA tool geometry, 0, 15, 10, 10, 10, 20, 0.032; feed, 0.0046 


ipr; depth of cut, 0.10 in.; fluid, none; bar diameters, 4'/. to 2 in. 


wear rate with speed for steel 1, and only a slight influence of 
speed on the wear rate for the resulfurized steels (2 to 5). 


2 Unlike the carbide tools the influence of sulfur content on 
the wear rate is. insignificant for HSS tools. 

3 At total destruction both the wear land w and helical length 
cut L are seen to be significantly influenced by both speed and 
sulfur content. 


At the cutting speeds used with HSS tools, the temperature on 
the wear land is apparently initially unimportant since the wear 
rate is seen to be independent of cutting speed and sulfur content. 
As the wear land develops, its temperature should increase and 
eventually a value should be reached corresponding to the soften- 
ing point of the workpiece (Ref. [1]).! When this condition is 
reached the real area of contact. between wear land and work 
surface will suddenly increas, the wear curve will swing upward, 
and the tool will fail soon thereafter. When cutting at a lower 
speed or with a higher sulfur content, the critical wear land 
corresponding to workpiece softening will have a larger value. 
For carbide tools the workpiece softening point would be reached 
at a very small value of w, due to the much higher speeds involved, 
and, hence, practically the entire tool-wear test would be run 
under conditions where rate of wear-land development would be 
sensitive to temperature. It is for this reason that the carbide 
wear curves, Fig. 3, show an increase in slope with increased 
cutting speed. 

The values of wear land w at which total destruction occurs are 
seen to be very much smaller for the HSS tools than for the car- 


i Numbers in brackets designate 
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teferences at end of paper. 
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bide tools, and particularly small for steel 1 (usually less than 
0.010 in.) Therefore, if we wish to compare the tool-life values 
for the different steels at a constant value of wear land, this must 
be done at w = 0.010 in. due to the very small values of wear 
land corresponding to total destruction for steel 1. When such 
a comparison is made it is found that the sulfur content of the bars 
under consideration has no influence on the constant wear-land-tool 
life of the HSS tools. 

The Taylor plots for the total destruction tool-life data of Fig. 6 
are given in Fig. 7. The important thing to be observed about 
these curves is that they tend to bend over as speed is decreased 
and that this tendency becomes more pronounced with increased 
sulfur content. An equation such as Eq. (1) only holds for the 
high-speed straight-line regions of Fig. 7. In Table 4 equations 
corresponding to the straight-line portions of Fig. 7 are given, 
together with values of Veo and Vey taken from the curves of Fig. 
7. It is evident that, in the case of the Ve-values, the tool life 
increases with the first addition of sulfur but then remains about 
constant. In the speed range, corresponding to a 4-hr tool life 
(V the tool life is seen to decrease with additions of sulfur. 
It is of interest to note that the carbide tool life is actually less 
than the HSS tool life for steels 1 and 2 when the speeds are such 
as to give a tool life of 240 min. The reverse is true for the steels 
of higher sulfur content. 

The HSS tool-life results qualitatively check those obtained 
with carbide tools at high speeds (V > 400), but to show a re- 
versal in the trend with sulfur content at lower speeds. The 
reason for this is, of course, due to the differences in nonlinearity 
of the curves of Fig. 7; Such curvature is always found to de- 
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Fig. 7 Taylor tool-life 


Table 4 Taylor tool-life equations for the total destruction tool life of 
HSS tools when cutting steels of different sulfur content dry. Feed, 0.0046 
ipr; depth of cut, 0.100 in. 

Veo, 
fpm 
380 
440 
430 


Vos 0) 

fpm 
360 
350 
320 


per cent 
0.033 
0.11 
0.18 
0.26 
0.37 


Steel no. 
1 


Equation? 
VT0.0 470 
VT0.% 560 
V70.07 600 
VT. 550 450 320 
VT°.10 660 460 220 


® For high-speed region only where Taylor Equation is applicable 
(see Fig. 6). 


¢ 
3 
4 
5 


velop in tool-life plots when a built-up edge (BUE) begins to 
form. The BUE is encountered first with decrease in cutting 
speed for the steel of highest sulfur content and last for steel 1. 
The foregoing HSS result was puzzling when first observed, 
since it is generally accepted that the addition of sulfur to steel 
always improves tool life. In seeking ways in which our cutting 
conditions might have differed from general shop practice and, 
hence, the bulk of industrial experience, two items were noted: 


1 That our tests were made using dry tools, whereas in most 
high-speed cutting operations a cutting oil or a water-base fluid is 
used. 


2 Free-cutting steels are often cold drawn prior to machining. 


It was, therefore, decided to investigate these two points 
further. In addition, it was believed advisable to study other 
feeds. 


Cutting Fluids 


Wear-land plots for tests on steels 2 and 5 using different 
cutting fluids are given in Fig. 8, and the corresponding Taylor 
plots are given in Fig. 9. It is seen in Fig. 8 that the fluid has 
negligible influence on the rate of wear, as was also found to be the 
case for speed and sulfur content. This substantiates further the 
observation made previously that for HSS the rate of wear-land 
wear is initially independent of wear-land temperature. The 
fluid does change the value of w and L at total destruction, just 
as cutting speed and per cent sulfur did. 

In Fig. 9 the water-base fluid is seen to increase tool life more 
than the cutting oil does. The curves of Fig. 9 for steel 2 show 
that the fluid causes three important results: 


9 
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5CO 100 
V, fpm 
plots for data of Fig. 6 


1 The deviation from a straight line persists to even a higher 
speed than in the dry case. 

2 The slope of the straight-line region of the fluid curve is not 
as steep as that for the dry tool [n in Eq. (1) is 0.05 for the dry tool 
and 0.09 for the fiuid]. 

3 The entire curve is shifted to the right. 


All of these results are due to the decrease in temperature as- 
sociated with use of the fluid. The BUE persists to higher speeds 
with the fluid, due to cooling action and this in turn causes the 
tool-life curve to bend over. The value n in Eq. (1) is a measure 
of the sensitivity of tool life to temperature. The carbide tool 
life (based on a constant wear land) is less sensitive to tempera- 
ture than the HSS tool life (total destruction) (n = 0.33 for car- 
bide and 0.05 for HSS, dry) while the water-cooled HSS tool life 
is less temperature sensitive than that for the dry tool (0.09 
versus 0.05). A tool that is completely temperature insensitive 
would have a value of n = 1., 

When the curves for steel 5 are studied, Fig. 9, it is found that 
the water-cooled curve becomes nonlinear with decrease in cutting 
speed before the oil-cooled one, and the oil-cooled one in turn be- 
fore the dry curve. 

The tool-life curve obtained with the fluid in Fig. 9 (steel 2) 
is seen to cross the dry curve at a speed of about 425 fpm. This 
means that at speeds below 425 fpm the particular fluid studied 
will give decidedly poorer tool life, since the cooling action of the 
fluid is in this case more detrimental in promoting BUE formation 
than in helping matters by conducting heat away from the wear 
land. 

From these tests with cutting fluids it is evident that the un- 
expected decrease in tool life with sulfur content for HSS tools was 
not due to the fact that the tests were performed dry. The tests 
conducted with fluids instead show that the unexpected results 
actually become more rather than less pronounced when the 
fluids were used. 


Feed 


Tests were next run at different values of feed (a lower value, 
0.0023 ipr, and a higher value, 0.010 ipr) and Taylor plots for 
these tests are given in Fig. 10 for steels 1, 3, and 4. The tests on 
steel 1 show that the curves for all feeds are linear. However, 
the tests on steels 3 and 4 show that a nonlinear Taylor plot is 
obtained only for the original feed (0.0046 ipr). 
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Fig.8 Variation of wear land size w with helical distance cut L for steels 2 and 5 cut with different cutting 
fluids. Fluid 1 = 2.5 per cent of water-base fluid; O = dry; 2 = commercial sulfurized cutting oil. All 
other cutting conditions, same as Fig. 6. 
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Variation of wear land w with distance cut L for hot-rolled and cold-drawn steels of different sulfur content. 
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Cutting speed, 1000 fpm; 


feed, 0.0046 ipr; depth of cut, 0.100 in.; rake angle, —7 deg; clearance, 7 deg; nose radius, 0.030 in.; cutting fluid, none. Tool material, carbide. 


Table 5 Values of Vo for cuts of different feed for the cutting conditions 
of Fig. 9 





Veo, fpm 
Steel no. t = 0.0023 t = 0.0046 
1 430 380 
3 460 430 
4 470 450 





t = 0.010 
280 
320 
300 


These findings may be explained in terms of the BUE, which 
is responsible for nonlinearity of the Taylor curve when it is 
observed. Two of the most important ways of decreasing the 
tendency to form a BUE are: 


1 By an increase in tool temperature; 
2 By a decrease in undeformed chip thickness (feed). 


The curves for 0.010 feed are more linear in the region tested 
than the 0.0046-ipr curves because the increase in feed causes an 
increase in tool temperature. The curves for smaller feed (0.0023 
ipr) are more linear due to the effect of chip size on BUE (item 
2). Values of Vo for the data of Fig. 10 are given in Table 5. 

It is evident from Fig. 10 that the originally observed decrease 
in HSS tool life is not universal. It will tend to be observed with 
the hot-rolled bars under consideration only in the intermediate 
feed range with or without an effective coolant. 

Although the wear-land curves (w versus L) corresponding to 
Fig. 10 are not shown they were found to be in agreement with 
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the previous HSS curves of Figs. 6 and 8 and showed that the 
rate of wear was insensitive to cutting speed and sulfur content 
for the high and low feeds as well as for the medium feeds. 


Cold-Drawn Steels 


The hot-rolled steel bars of 41/2-in. diameter were drawn to 
4!/, in. diameter in two drafts of !/, in. each at the United States 
Steel Corporation Newburgh Works. These steels will be desig- 
nated (1C) to (5C) to distinguish them from the hot-rolled steels 
which were numbered (1) to (5) with increasing sulfur content. 

Tool-life tests were performed upon the cold-drawn steels at 
speeds of 1000 and 600 fpm, and a feed of 0.0046 ipr, using 
clamped tungsten-carbide tool bits similar to those used on the 
hot-rolled steels. No cutting fluid was used in any of the carbide 
tests. 

Wear land w versus cutting distance Z curves for the hot- 
rolled and cold-drawn steels cut at 1000 fpm are compared in Fig. 
11. Here it is evident that the initial wear rate is less for the cold- 
drawn material in all cases. However, the wear land curves for 
the more highly sulfurized cold-drawn materials are seen to cross 
the corresponding hot-rolled curves at values of wear land of from 
0.025 to 0.030 in. Values of (7.03) at a cutting speed of 1000 
fpm are given in Table 6 for the hot and cold-worked materials. 

The Taylor tool-life plots for hot and cold-worked materials 
are compared in Fig. 12. The solid curves and data points per- 
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Table 6 


——T o.03 at 1000 fpm—— 
Hot-rolled Cold-drawn 


2.7 
6.0 
15.0 
15.4 
20.3 


tain to the cold-drawn steels, while the dotted lines are for the 
hot-worked steels (these lines correspond to w = 0.01, 0.02, 0.03, 
and 0.04 in.). The slopes of both sets of curves are essentially 
the same, and it is clearly evident that cold-drawing improves 
tool life for steels 1 and 2. 

The carbide tool-life tests reported here are for speeds above 
600 fpm where a BUE will not be present regardless of the extent 
of cold work or of sulfur content. Only two effects of cold work 
should be present in this speed range and these tend to influence 
tool life in opposite directions. Cold work will tend to decrease 
the strain in the chip which is a beneficial effect in that it causes 
an increase in the shear angle and a corresponding decrease in 
the shear-plane area. On the other hand, cold work will increase 
the hardness of the material which is a negative effect in that this 
causes the shear stress on the shear plane to be higher. These two 
effects will tend to cancel each other and the net effect of cold 
work in the absence of BUE is apt to be a small one as observed 
here. 

It is to be emphasized that the well-known advantages of cold 
work in providing bars of increased tensile strength, close dimen- 
sional tolerances, and improved surface finish for subsequent high- 
speed machining are not under consideration here. It should also 
be mentioned that most low-carbon free-machining steel is used 
in screw machines employing HSS tools and operating in the 
speed range where BUE plays an important role. The influence 
of cold work in such applications is more complex than for carbide 
tools and is presently being studied for steels of different sulfur 
content. 


Crater Studies 

Since tool-face crater frequently plays a major role in tool-life 
studies an instrument for recording the shape of the crater was 
devised. This device is shown diagrammatically in Fig. 13. The 
tracing element is a diamond having a radius of curvature of 0.001 
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Cutting conditions are the same as in Fig. 11. 
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Fig. 13 Diagrammatic sketch of instrument for recording tool-face 
crater shape and depth 


in. This is mounted on a bifilar suspension that also carries one 
element of the transducer (the core of a linear differential trans- 
former in this case). The coils of the transducer are attached 
to the surrounding frame. When the instrument is moved 
horizontally across a crater the diamond is deflected vertically 
and the signal from the transducer is amplified and recorded by 
a Sanborn recorder. This unit differs from a surface-finish 
measuring instrument in two ways: 


1 It measures absolute displacement instead of the vertical 
velocity of the tracer. 

2 It must contain its own baseline reference plane rather than 
using the general level of the surface traversed by guiding feet as 
in the case of a surface finish instrument. 


The horizontal motion of the tracer is obtained by use of a 
synchronous motor and is always at the rate of 0.0025 ips. 

The vertical and horizontal scales of the trace obtained on the 
recorder can be varied independently by proper selection of 
amplifier gain (for vertical motion) and of chart speed (horizontal 
motion). The range of scale factors available in the horizontal 
direction are from 25 X 10-* in./mm to 0.005 in./mm, while the 
sensitivity in the vertical direction can be varied from 10* 
in./mm to 10-*in./mm. For tracing tool-face craters it has been 
found convenient to use a scale that is five times as coarse in the 
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Fig. 14 Crater traces of carbide tools cutting cold-rolled steels of different sulfur content at 1000 fpm. 
0.0046 ipr. Cutting conditions are the same as in Fig. 11. 
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Fig. 15 Variation of crater depth d with distance cut L. 


conditions are the same as in Fig. 11. 


horizontal direction as in the vertical direction (0.0002 in./mm 
vertically and 0.001 in./mm horizontally). 

Typical tool-face crater traces for carbide tools cutting dry at 
1000 fpm are shown in Fig. 14. It is immediately evident that 
steel (1C) gives a greater contact length and hence a wider tool- 
face crater than the resulfurized steels. There is very little evi- 
dence of any transfer of chip material to the tool face in these 
traces due to the very high cutting speed. 

The crater is found to develop in the following way: 


1 Its deepest point is located about half way along the 
contact length a. 

9 
away from the cutting edge as wear proceeds. 

3 The full width of the crater develops very quickly and 
changes very little with subsequent wear. 


These observations are in agreement with those due to Weber 
and Opitz [2] for AISI 1045 steels heat-treated to different values 
of hardness. 

The rate of crater development is conveniently measured by its 
depth d, and curves of d versus L are given in Fig. 15 for the 
data of Fig. 14. These curves are seen to be concave downward 
and resemble wear-land curves. This result is not in agreement 
with reference [2] where it was found that d was proportional to L 
when cutting AISI 1045 steel. 

The vertical arrows mark values of L where the wear land has 
reached a value of 0.040 in. The crater is seen to develop more 
rapidly per unit of wear land wear, as the sulfur content is in- 
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2 The deepest point of the crater does not shift appreciably 


10 iS 20 


«10% 


Cutting speed, 1000 fpm. Cutting 


creased. If the life of this carbide tool is considered to correspond 
to a 0.040 in. wear land then the steel with the highest sulfur con- 
tent is clearly seen to have the greatest tool life. On the other 
hand, if tool life had instead been defined as the point where a 
given crater depth was reached, tool life would then vary in- 
versely with sulfur content. 

The shapes and sizes of the craters obtained with steels (1C) 
and (5C) when the wear land has reached a value of 0.040 inch 
are shown to scale in Fig. 16 for a cutting speed of 1000 fpm. In 








Fig. 16 Sketch showing crater wear to scale when the wear land has 
reached 0.040 in. for steels 1C and 5C. Cutting conditions are the same 
as for Fig. 15. 
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Fig. 17 Tool-face crater development for carbide tools cutting cold-rolled resulfurized steels at 600 fpm. 
Feed, 0.0046 ipr; depth of cut, 0.100 in.; rake angle, —7 deg; clearance angle, 7 deg; nose radius, 0.03 


in.; cutting fivid, none. 


practice, the tool life of carbide tools is usualy expressed in terms 
of a given wear land such as the 0.030-in. value specified by the 
American Standards Association. 

Crater traces for carbide tools that have cut dry at 600 fpm for 
27 min are shown in Fig. 17. The traces in the second column are 
taken parallel to the major cutting edge in the plane of maximum 
crater depth, while the traces in the first column were taken in a 
direction perpendicular to the major cutting edge and at the 
point of greatest crater depth. The corresponding wear-land 
curves are shown in the lower portion of Fig. 17. When 7’, is 27 
min the value of maximum crater depth is seen to be nearly the 
same in all cases. On the other hand the tool-chip contact length 
a is found to decrease significantly with sulfur content. The ex- 
tent of wear land w after 27 min of cutting is found to vary in- 
versely as the square of the contact length a for the steels of dif- 
ferent sulfur content. 

A scale drawing of the crater and wear-land values after 27 min 
of cutting at 600 fpm is shown in the lower left portion of Fig. 17. 
The center of the crater is seen to be very much closer to the 
cutting edge for the sulfurized steel. 
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DISCUSSION 
William Pentland? 


These papers on the machinability of free machining steels are 
excellent and timely contributions to our knowledge on this 
subject. The authors are also to be complimented on devising 
the instrument for recording tool face crater shape. 

The following comments deal only with some statements made 


? Assistant Professor, Sibley School of Mechanical Engineering, 
Cornell University, Ithaca, N. Y. 
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in the paper concerning tool temperature, which might be clarified 
by discussion. 

The main question in the writer’s mind on reading this paper 
was whetber or not tool temperatures were measured during the 
tests, for none were reported? 

The first point of discussion centers on the statement made 
that “‘increase in feed causes an increase in tool temperature.” 
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Fig. 18 Cutting temperature versus cutting feed at 343 fpm cutting speed 


This is not necessarily so, as Fig. 18 shows. Increasing feed will 
increase the amount of heat being generated due to plastic de- 
formation, but it also increases the shear plane area allowing 
greater heat conduction away from the shear zone through work- 
piece and chip. It would seem from these results obtained by the 
writer’ that the tool temperature will significantly increase with 
feed when the heat conductivity of the work material is low, as 
is the case for this zirconium alloy, and will not increase if thermal 
conductivity is high, as it is for this C1018 steel. 

The second point of discussion hinges on the statement made 
that n (the slope of the T/V plot on log/log paper) is a measure 
of the sensitivity of tool life to temperature. In fact, n is a func- 
tion of several quantities, including abrasive properties of the 
work material, cutting forces, and impact (in intermittent cuts), as 
well as temperature. Though it may be a reasonable and ac- 
ceptable approximation to say that tool temperature has the 
greatest influence on n for these low-strength work materials and 
HSS tools, with the advent of high-strength work materials and 
carbide tools this statement becomes inaccurate. With some of 
the materials presently being cut in the aircraft industry, n is 
more significantly affected by high abrasion and high cutting 
forces and pressures than by cutting temperature. 

Fig. 19 shows for the same tool material in hot machining that 
the n value can vary considerably and differently for different 
situations; either different operations (turning versus milling), or 
different work materials being cut, or different cutting tempera- 
tures. So it is seen that the n value can remain constant over a 
range of workpiece or cutting temperatures, as in turning AM 
350, where both abrasion and cutting forces are much reduced 
with increasing temperature. Also, n can either increase or 
decrease with cutting temperature, as shown in the other curves, 
which suggests that the weight of each factor involved in com- 
posing n can vary considerably. 

The third point of discussion deals with the statement that ‘a 
tool that is completely temperature insensitive would have a value 
of n = 1.” As indicated in Fig. 20,n = 1 means that V7 = C or 
that the volume of metal removed to tool end point is the same 
at any cutting speed. But at higher cutting speeds forces are re- 

3 William Pentland, ‘Milling Zircaloy—Recommendations From 


Research,’’ American Society of Tool and Manufacturing Engineers, 
1960, vol. 60, no. 250, p. 4. 
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duced, and cutting temperatures increased which can reduce the 
abrasive properties of the workpiece matrix. Thus, a completely 
temperature insensitive tool could conceivably remove more metal 
to tool end point at higher cutting speeds than at lower cutting 
speeds, which would mean an n value greater than 1. 


Authors’ Closure 


The authors wish to thank Professor Pentland for his comments. 

Cutting temperatures were not measured in this study since 
in most cases a built up edge (BUE) was present and under such 
conditions chip-tool thermocouple measurements are very ques- 
tionable. 


In reply to the comment concerning generality of the state- 
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ment regarding increase in mean tool face temperature with feed, 
we can only state that we have never seen a case where the tem- 
perature failed to increase with feed when a BUE was not present. 
There are, of course, several theoretical treatments of tool tem- 
perature, all of which lead to an increase in temperature with 
feed. It is suggested that in the example cited by Professor 
Pentland for C1018 steel, which shows a constant temperature 
with increase in feed, a BUE may have been present. Presence 
of a BUE will provide a lower emf than expected for a given tem- 
perature. Since we should expect the relative influence due to 
BUE to increase with increased feed (at constant speed), this 
could act to compensate the increase in temperature with feed 
that actually may have occurred. 

We concur with Professor Pentland’s comment concerning 
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the limited generality of the idea that an increase in the Taylor 
exponent (n) might be interpreted as an increase in thermal 
stability of the tool, since this corresponds to a decrease in the 
influence of speed on tool life. It is correct that comparisons 
should not be made between high temperature alloys and free 
machining steels on this basis, since other factors such as abrasive- 
ness and chemical affinity enter the problem in addition to tool 
temperature (or cutting speed). However, it was intended that 
our comments concerning the influence of temperature and cutting 
speed be limited to the turning of free machining and low alloy 
steels. It is certainly to be expected that most of the results 
cited in the paper must be altered when the workpiece is shifted 
to a high temperature alloy or when milling is substituted for 
turning. 
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|. A companion paper [1]! tool-life characteristics 
of a series of resulfurized steels are presented and discussed. In 
this paper similar data for leaded and nonleaded free-machining 
steels are considered using M-2 high-speed steel tools of the 
following ASA geometry: 


Back rake angle, 0 

Side rake angle, 15 

End relief angle, 10 

Side relief angle, 10 

End cutting edge angle, 10 
Side cutting edge angle, 20 
Nose radius, 0.032 in. 


Bars of hot-rolled steel 4'/. in. in diameter, having the com- 
position given in Table 1, were obtained from a killed bessemer 
heat made at the Lorain works of the U. S. Steel Corporation. 


Table 1 Composition of leaded and ded steels 





—_—- Per cent — Hardness 
Designation C Mn r ) Pb Rs 
NL 0.14 0.48 0.064 0.0: : 5 ba 71 
L 0.14 0.49 0.060 0.0 0.22 69 


The results of this study cannot be compared with those for the re- 
sulfurized steels due to a higher nitrogen and carbon content. 
The bessemer steel was deoxidized with silicon and aluminum 
and therefore contained bessemer silicate and alumina inclusions 
which lowered its machinability. No deoxidizers were used with 
the resulfurized steels. However, the steels under consideration 
which will be designated NL and L (to stand for nonleaded and 
leaded), provide good material upon which to conduct studies 
of the influence of lead on machinability. A photomicrograph for 
the hot-rolled leaded steel is presented in Fig. 1. 


Hot-Rolled Steels 


Representative wear land w curves and crater depth d curves 
for the hot-rolled NL and L steels are given in Fig. 2 and corre- 
sponding Taylor tool life results are presented in Fig. 3 for dry 
cutting at a feed of 0.0046 ipr. The tool-life curves for these steels 
are seen to be unusually steep, indicating a strong temperature 
dependence. The Taylor tool life equations for dry cutting are 
given in Table 2. The slope of the tool-life curve is not changed 
by the addition of lead but the tool life at any speed is. The value 
of Ve (the speed corresponding to a 60-minute tool life) is in- 


1 Number in brackets designates Reference at end of paper. 

Contributed by the Metal Processing Activity of the Production 
Engineering Division and presented at the Production Engineering 
Conference, Milwaukee, Wis., May 17-19, 1960, of THe AMERICAN 
Society oF MECHANICAL ENGINEERS. Manuscript received at ASME 
Headquarters, February 24, 1960. Paper No. 60—Prod-4. 
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Free Machining Steel: Il 


Tool-Life Characteristics of Leaded steel 


High-speed steel tool life results are presented and discussed for a leaded and nonleaded 
steel from the same heat. 


Variables investigated include cutting speed, feed, cutting 

















DRAWING 


Fig. 1 Unetched photomicrograph of hot rolled leaded steel; magnifica- 
tion 500X 


Table 2 
Equations 
VT = 265 
VT°%3 = 350 


Veo, fpm 
235 
310 


NL 
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Fig. 2 Variation of wear land w and crater depth d with distance cut for steels NL and L. 











————E————EEEe ~ 
25 30 35 
xto° 


Rake angle, 15 deg; clearance angle, 10 deg; nose radius, 


0.032 in.; feed, 0.0046 ipr; depth of cut, 0.1 in.; cutting filvid, none; tool material, M-2 H.S.S. 


Table 3 
—Ve, fpm—— 
Steel Dry Fluid 1 
NL 235 170 
L 310 210 
creased from 235 to 310, which represents an improvement of 32 
per cent due to the addition of lead. 

The influence of a 21/: per cent solution of a commercial water- 
base fluid is shown in Fig. 4, where the dotted curve is for the dry 
data from Fig. 3. The fluid is seen to have a very detrimental 
effect upon both of these steels in the practical range of operating 
speeds, and particularly upon the leaded steel. The Taylor 
curves which were straight for dry cutting become so curved with 
the addition of fluid that it is no longer possible to employ a simple 
tool-life equation. The values of V@ for dry and wet cutting are 
given in Table 3. The addition of the fluid in this case is found to 
decrease the machinability of the nonleaded steel by 28 per cent 
and that for the leaded steel by 32 per cent. 

Representative crater plots for (a) steel NL machined at 225 
fpm dry, (b) steel L machined at 300 fpm dry, and (c) steel L 
machined at 300 fpm with water-base fluid 1 are shown in Fig. 5. 
Here it is immediately evident that the contact length is de- 
creased by addition of lead and by use of a cutting fluid (coolant). 
The build-up edge BUE appears to be larger in size with the 
cutting fluid, probably due to the increase in tool face stresses 
that accompanies the decrease in contact length and the re- 
duction in temperature associated with cooling. There appears 
to be no tool-face lubrication associated with the cutting fluid at 
this high speed. 

Application of a coolant can have a beneficial or a harmful effect 
upon tool life depending upon whether the positive influence of 
cooling the tool more than offsets the negative influence asso- 
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ciated with the larger BUE that tends to form when the chip 
is cooled. 


Cold-Drawn Steels 


The hot-rolled leaded steels were cold-drawn from 41/2 to 43/s in. 
diameter, and will be designated NCL (nonleaded steel) and LC 
(leaded steel) in the following discussion. The Rockwell B hard- 
ness values of the cold-drawn steels were 92 (NLC) and 91 (LC), 
whereas the corresponding values of the hot-rolled steels were 71 
(NL) and 69 (NLC). 

Taylor tool-life plots for dry cutting at three feeds are given in 
Fig. 6. An unusual jump in the tool-life curves is evident for 
steel NLC at feeds of 0.0023 and 0.0046 ipr. These strange jumps 
were later identified as being due to an instability in chip forma- 
tion that was experienced at speeds between 200 and 300 fpm. 
In this speed range the chip was alternately thick and thin, ap- 
parently due to a “thermal vibration.’”’ It appeared that in this 
speed range the friction was initially high which caused a high 
value of tool-face temperature, which in turn caused a decrease 
in the coefficient of tool-face friction uw. This in turn would cause 
the shear angle @ to rise and the chip to be thinner which in turn 
would result in a decrease in tool-face temperature and a rise in yu. 
The chip thickness and cutting forces thus appeared to cycle as u 
increased and decreased. Some evidence for this periodic varia- 
tion in chip thickness was also observed with resulfurized steel, 
but this variation did not have a major influence on tool life as 
in the present case. 

The tool life is seen to lie on one curve for speeds below 200 fpm 
in Fig. 6 (¢ = 0.0023) where the chip thickness varied periodically 
but on a second curve for speeds above 350 fpm where the chip 
thickness assumes a constant value. When the chip thickness and 
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Fig. 3 Taylor plots for the cutting conditions of Fig. 2 


hence the cutting force varies periodically, a forced vibration can 
result if a natural frequency of some element of the tool-machine 
system happens to coincide with the frequency of force fluctua- 
tion. In any case the effective velocity of the chip will vary 
periodically and peak temperatures in excess of the normal maxi- 
mum value may be obtained when the chip is fluctuating in thick- 
ness. Thus, we should expect to find a lower value of tool life 
when the chip varies periodically in thickness and an increase in 
tool life when the chip thickness again assumes a constant value. 
No such fluctuation in chip thickness was observed at ¢ = 0.010 
for steel NLC and the tool-life plot is continuous. 

A comparison of tool-life values for hot-rolled and cold-drawn 
leaded and nonleaded steels is given in Table 4. Cold working 
improves the machinability of the leaded steel by 10 per cent 
and that of the nonleaded steel by 17 per cent at a feed of 0.0046 
ipr. 

The improvement due to lead that is evident at lower feeds is 
seen to disappear at the higher feed (0.010 ipr). 

Results with cutting fluids are given in Fig. 7. The dotted 
curves are for a dry tool while the data points and solid curves are 
for tests using fluids. The water-base cutting fluids 1 and 3 are 
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Fig. 4 Taylor plots for cutting conditions of Fig. 2. (O) without and (1) 
with a 2.5 per cent commercial water-base cutting fivid. 





Table 4 
—-Vw, fpm—-—--—-— 
NCL LC 


300 
340 
230 


Feed, ipr L 
0.0023 
0.0046 
0.010 


260 
310 280 or 320 
240 


Table 5 

Fluid Veo, fpm 
0 280 or 320 
2 390 
0 340 
2 370 


Steel 


seen to have little influence on steel NLC but a negative in- 
fluence upon life with steel LC in the practical range of operating 
speeds. This latter result is similar to that previously observed 
in Fig. 4, when hot-rolled leaded steels were cut using a water-base 
fluid. The cutting oil 2 is seen to provide a small improvement in 
tool life for steel (LC) and a greater one for steel NLC. Values of 
Vw for the dry tests and those with oil 2 are given in Table 5. It 


Fig. 5 Representative crater traces for tools used in Fig. 4. (a) Cutting dry at 225 fpm; (b) cutting dry at 
300 fpm; (c) cutting with 2.5 per cent water-base cutting fluid at 300 fpm. 
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is evident that the nonleaded steel actually gives a better result 
when using oil than does the leaded steel when similarly cut with 
oil. 

It may be concluded that the leaded steel under consideration 
performs satisfactorily when cut dry, and that particularly poor 
tool-life results are obtained when this leaded steel is cut with a 
water-base fluid. 

Fig. 8 shows the manner in which cutting forces vary with cut- 
ting time 7’. and the shape of the crater after 20 minutes of cutting 
with different fluids. It is-evident that the contact length between 
chip and tool is less in all cases for the leaded steel, and that the 
water-base fluids give a shorter contact length than the oil-base 
fluid. The crater plots show that in all cases a loss of the cutting 
edge eccurs after 20 minutes for the leaded steels, but not for the 
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Fig. 6 Taylor piots for steels NLC and LC cut dry at feeds of 0.0023 ipr, 
0.0046 ipr, and 0.010 ipr. Rake angle, 15 deg; clearance angle, 10 deg; 
nose radius, 0.032 in.; depth of cut, 0.100 in.; tool material, M-2 HSS. 
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nonleaded steels. This is probably due to the smaller tool-tip 
stresses associated with a greater tool-chip contact length c. 


Discussion 


When cutting conditions are changed so as to cause a decrease 
in the tool-chip contact length, two major effects result. The first 
consists of a decrease in the power component of cutting force 
which results from an increase in the shear angle. This effect will 
be beneficial to tool life since it will tend to decrease the tempera- 
ture of the tool along the wear land on the clearance face. The 
second effect will be to shift the maximum tool face temperature 
closer to the clearance face which in turn will have a detrimental 
effect upon tool life. It should not, therefore, be surprising to find 
an optimum value of tool-face contact length. 

For the steel under consideration here, optimum contact length 
apparently corresponds closely to that obtained when the 
leaded steel is cut dry. When a fluid (coolant) is applied to the 
back of the leaded steel chip, it causes the contact length to de- 
crease to a value that is smaller than optimum and a decrease in 
tool life results. When the steel without lead is cut, the tool life 
is less than that for the dry leaded steel since the contact length is 
then too great. The contact length thus appears to be extremely 
important and the crater tracing device described in reference [1] 
and employed here appears to be useful in clearly showing the 
contact length that is obtained with any set of cutting conditions. 

The stabilizing role of lead in suppressing the thermal cycling 
in the chip observed with steel NLC appears to be a potentially 
important one. Great difficulty might be expected with steel 
NLC if cut in the unstable speed range on a machine having a 
natural frequency corresponding to the cycling frequency. No 
such difficulty is apt to occur with leaded cold-drawn steel due to 
the lower tool face friction pertaining. 


Conclusions 


1 Addition of lead was found to improve the machinability Ve 
of the killed low carbon steel studied by about 30 per cent when in 
the hot-rolled condition and by as much as 20 per cent when in the 
cold-drawn condition. 

2 Cold drawing was found to improve the tool life of the 
leaded steel. 
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Fig.7 Taylor plots for steels NLC and LC cut with different cutting fluids. Cutting conditions are the same as for Fig. 6. Fluids 1 and 3, 2.5 per cent 
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Fig. 8 Cutting forces and crater traces for steels NLC and LC cut with different fluids. Cutting conditions are 
the same as in Fig. 6. 
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3 Use of a water-base cutting fluid was found to decrease the 
machinability Vo of the nonleaded steel by 28 per cent and of the 
leaded steel by 32 per cent. 

4 The cold-drawn nonleaded steel produced chips of periodi- 
cally varying thickness over a certain speed range (200-300 fpm) 
and this fluctuation in chip thickness was reflected in a decrease 
in tool life. Lead was found to completely suppress this instabil- 
ity in chip formation. 

5 An optimum tool chip contact length appears to exist for 
which the tool life will be a maximum at a given speed. It is 
possible to reduce the contact length to a value below the opti- 
mum by providing too much lead, too much chip cooling, or too 
much cold work or a combination of these effects. The tool face 
crater tracing device employed in this study is useful in ascertain- 
ing the tool chip contact length pertaining for any situation. 
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6 Lead was found to become less effective with increased feed 
rate. 
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Free Machining Steel: Ill 


Cutting Forces; Surface Finish and Chip Formation 


Tests upon a variety of friction sliders reveal that, contrary to common belief, man- 
ganese sulfide is a poor solid lubricant relative to air. Lead, on the other hand, ts 
found to be an excellent solid lubricant. An analog tool is introduced to enable sur- 
face finish studies to be made in the absence of feed marks. Cutting force results are 
presented for a wide variety of cutting conditions for both resulfurized and leaded steels. 
The built-up edge and thermal softening along the tool face lead to complex curves of 
cutting force versus speed. Additions of sulfur are found to promote the formation of 
a small built-up edge that is stable to much higher values of speed than that normally 
experienced with a nonresulfurized steel. Lead, on the other hand, tends to prevent 
built-up edge formation. Both lead and sulfur are found to produce thinner chips, 
promote chip curl, and to give rise to a shorter contact length between chip and tool. 
A discussion of the significance of the observed changes in contact length will be found 
in part 4 of this series. 


Table 1 Cutting force data for hot-rolled, low-carbon steels 


Cutting speed, 330 fpm; rake angle, 10°; clearance angle, 5°; 
nose radius, 0.005 in.; depth of cut, 0.1 in.; ‘feed, 0.006 ipr 
tool material, M-2 HSS. 


Introduction 


EPRESENTATIVE tool-life characteristics of free 
machining steels have been presented in the first two papers of 
this series [1, 2].2 While additions of sulfur (accompanied by 
manganese) to a low carbon steel were generally found to be 
effective in improving tool life, certain exceptions to this general 
observation were discovered. In this paper, the fundamental F 
roie of manganese sulfide in improving machinability will be 
considered in order to explain tool-life performance that has been 
observed. The surface finish, cutting force, and chip curling 








Pp? Ibs. 165 
Fo lbs. 45 20 


u 47 36 


characteristics of the five steels considered in reference [1] are 
presented in this paper in order to provide a more complete pic- 
ture of the performance of these steels. Similar results are also 
considered for the leaded and nonleaded steels of reference [2]. 

When the cutting forces (Fp, the power component measured 
parallel to the velocity vector V and FQ in the feed direction, see 
Fig. 1) for a steel of low sulfur content are compared with those 
for a resulfurized steel, it is found that the values for the resul- 
furized steel are significantly lower. This is illustrated by the 
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apan. 
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Fig. 1 Cutting forces at the tool tip 
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data of Table 1 for steels 1 and 5 of reference [1]. If the chip is 
taken as a free body, it is evident that force R (resultant of Fp 
and F9) is equal to force R’. If R’ is resolved into components 
parallel and perpendicular to the tool face, the coefficient of tool 
face friction (u = F/N) may be computed. When this is done the 
values for given in Table 1 are obtained and it is evident that 
the addition of manganese sulfide has caused a considerable re- 
duction in the coefficient of tool face friction p. 

This observation led Merchant and Zlatin [3] to propose that 
the role of manganese sulfide was that of a solid lubricant acting 
at the chip-tool interface. If the friction process were the only 
one contributing to force R’ this conclusion could be accepted 
without question. However, inasmuch as R and R’ must be equal 
for static equilibrium, it is evident that both R and R’ are mutu- 
ally influenced by the shear and friction processes. ‘Thus, an ob- 
served change in uw may be due to a change in the shear process 
or to a change in the tool face friction, or to both. The fact that 
the shear process normally involves about three times the energy 
of the friction process is an added reason for being cautious in 
assuming that the entire change in R’ and hence in p is due to a 
change in the friction process. 

The cutting forces for steels of different sulfur content have 
been extensively studied by Boulger, Hartner, Lankford, and 
Garvey: [4], and it was found that the coefficient of tool-face 
friction decreased with sulfur content in all cases. While the 
shear energy per unit volume of metal cut was always found to 
decrease significantly with increased sulfur content, the friction 
energy per unit volume was sometimes found to increase with 
added sulfur. This observation begins to make one wonder 
whether the basic role of manganese sulfide in steel is really one 
of simply reducing tool-face friction. 


Friction Experiments 


In view of the foregoing uncertainty, it was decided to directly 
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investigate the friction characteristics of manganese sulfide and 
lead under conditions where only the friction process could con- 
tribute to the observed result. This was done in three series of 
tests that are briefly described below. 

In the initial tests, a slider consisting of three half-inch ball 
bearing balls projecting from a steel plate was caused to move 
across another steel surface (Fig. 2) under a constant vertical 
load N of 50 pounds. The load F to cause sliding at uniform 
velocity was measured by means of a spring balance, and the 
results given in Table 2 were obtained when different powders 
were sprinkled on the freshly ground steel surface. New spots 
on cleaned balls were used for each test. Here it is evident that 
manganese sulfide is closer to aluminum oxide (a finely divided 
white abrasive used to polish metallographic specimens) in its 
friction characteristics than it is to dry air. Graphite or lead, 
on the other hand, were really found to produce a reduction in 
sliding friction. 


Table 2 Friction force to cause sliding at low speed 
Solid "Lubricant" —. Jie, 


5 


6 
Air s 
Manganese Sul fide 14 


Aluminum Oxide 16 





Lubricated 
Surface 














Spring 
Balance 


Fig. 2 Sliding friction test 


In order to further investigate the friction characteristics of 
manganese sulfide, a specimen 0.25 in. wide and 3 in. long was 
planed at a very low cutting speed ('/2 ipm) until the cut was 
nearly completed (Fig. 3). The work was then reversed and the 
coefficient of sliding friction between chip and tool was measured 
using the cutting dynamometer. Different liquids and solids 
could be applied to the freshly cut surface (after drying when 


Fig. 3 Photograph of apparatus used for low-speed cutting and sliding 
studies showing tool, work holder, and dynamometer 


182 / may 1961 


cutting and sliding fluids differed) before the reverse excursion 
in order to determine their effectiveness as lubricants. 

It was found that the coefficient of sliding friction was in- 
dependent of the normal load, and thus the exact load applied 
to the tool was not critical. However, the roughness of the freshly 
cut surface had an important effect on some readings. For 
example, when the surface was prepared using a variety of cut- 
ting fluids which gave good finish, then air gave low sliding fric- 
tion. However, for rougher surfaces cut using water or in dry 
air, air was a poor lubricant in sliding, apparently because the 
oxide layer was ruptured when rough surfaces were caused to 
slide together. 


Table 3 Mean values of coefficient of sliding friction for HSS tool sliding 
in reverse direction on a freshly cut surface of steel 1 


Cutting concitions: rake angle, 15°; clearance angle, 5°; 
0.002 in.; cutting fluid, water; 


nea chip thickness, 


2_ipm. 





Coefficient of Friction 





0.53 
0.39 
0.38 
0.19 
0.15 
wdered molybdenum disulfide 0.10 

The data of Table 3 are representative of a large number of 
test series in which the lubrication action of manganese sulfide 
was compared with a number of other materials. It is again 
evident that manganese sulfide is a negative lubricant, since it 
yields a coefficient of friction greater than that for air. When 
other surfaces prepared in a variety of ways (different undeformed 
chip thickness, rake angles, and cutting fluids) were similarly 
tested, manganese sulfide was always found to give high values 
of friction relative to those for dry air. 

These tests on freshly cut surfaces were not found to be sen- 
sitive to the presence of a wear land on the clearance surface of 
the tool. Tools that had such a wear land were found to give the 
same relative picture as sharp tools did. 

The third type of test involved a hardened steel ball bearing 
ball ('/2 in. diameter) riding against a rotating disk of AISI 1020 
steel. The stationary ball was located at a radius of 3'/¢ in. 
and the table was rotated to give a surface speed of 6 fpm at 
this point. The ball was suitably mounted in a dynamometer 
so that its friction force could be measured. 


Table 4 Mean values of coefficient of friction between a steel ball rub- 
bing against a rotating disk 


Lubricant Coefficient of Friction 





Air 0.52 
0.41 


0.08 


The results given in Table 4 are representative of those ob- 
tained with this apparatus. The roughness of the disk used in 
these tests was much greater than that produced by the cutting 
tool in the second type series of tests. Consequently the fric- 
tion in dry air was high as was the test with manganese sulfide 
powder sprinkled on the surface. When real lubnzants were 
applied to the plate the friction was found to be low. 

From these tests it may be concluded that manganese sulfide 
is a poor slider lubricant, giving values of friction between smooth 
steel surfaces, such as those found on the face of a chip, that are 
actually higher than those observed in dry air. Only when both 
shearing (cutting) and sliding are simultaneously present will 
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manganese sulfide appear to act as an effective solid lubricant. 
It would therefore seem that this paradoxical result can be ex- 
plained only in terms of an effect of manganese sulfide that has 
its origin in some action other than tool face friction. 


Cutting Forces—Resulfurized Steels 


In a turning operation there are three components of surface 
roughness. 


1 A geometrical component that gives rise to a scalloped 
pattern on the work surface that is a function of tool geometry 
(side cutting edge angle, nose radius, and end cutting edge angle) 
and the feed. This component can be readily computed and is 
characterized by feed marks. 

2 A built-up edge (BUE) component due to instability of any 
BUE that may be present. 

3 A component due to unwanted relative motion between 
chip and tool (workpiece vibration or tool chatter). 


The first of these may be removed by use of an analog tool in 
which feed and depth of cut values are interchanged with the 
corresponding values for the real turning operation. At the 
same time, back and side rake values are also interchanged. 

















"\ SURFACE 
FINISH 





b 


as 


(b) 


Fig. 4 Sch tic diag of (a) conventional and (b) analog cutting 
processes with an interchange of feed and depth of cut and back (a:) and 
side (a;) rake angles 





Fig. 4 shows the actual and analog turning operations diagram- 
matically. The major cutting edge is normal to the workpiece 
axis for the real cut, but perpendicular to the workpiece axis 
for the analog cut. By use of an analog tool such as that shown 
.in Fig. 4, it is possible to obtain a helical tool path of sufficient 
width (0.1 in.) to enable surface roughness to be measured with 
a tracer instrument without contribution from the feed generated 
pattern normally present on a turned surface. These readings 
of surface roughness correspond to those produced by a form tool 
in an automatic screw machine. 

The contribution from chatter can be eliminated by use of a 
rigid machine, workpiece of large diameter, and stiffly supported 
tool. 

The cutting force values obtained from an analog tool are 
found to be identical with those from the prototype, as might 
be expected from the equivalence of the two systems. An analog 
tool was used in the present cutting force study to enable a more 
direct comparison between cutting force and surface finish re- 
sults. 

The ASA geometry of the analog tool was as follows: 


10, 0, 5, 5, 0, 0, 0.005 


which resulted in an effective rake angle of 10 deg. The value 
designated ¢ and referred to as “feed’”’ corresponds to the unde- 
formed chip thickness, which in this case is the radial penetra- 
tion of the tool into the workpiece. The value designated b 
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Table 5 Compositions of resulfurized steels 
Percent by Weight 


c p 
-08 P -08 
-08 « -09 
-08 m 09 
-07 ° +09 
-09 ° .09 


Table 6 Tensile properties of hot-rolled steels tested 


Upper Lower 
Yield Yield 
Point Point 


hi... 
36,700 


Reauc- 
tion in 
Area 


Elonga- 
Tensile tion in 
Strength 2-inches 

psi psi % 


32,600 55,700 
32,900 


Sulfur 
Steel Content 
No. 2 
1 0.033 
0.11 
0.18 
0.26 


0.37 


Hardness 
R 





41.0 71.8 
68.1 
66.4 
65.1 


57-4 


56.6 
59.3 
56.5 
56.2 
58.4 


36,500 
34,600 
31,900 
33,400 


54,700 
54,500 
53,300 
54,700 


4O.5 
38.5 
38.5 
34.0 


32,000 
29,500 
29,800 


and referred to as “depth of cut’’ is the width of cut along the 
major cutting edge. 

Cutting force results for the hot rolled steels of reference [1] 
which had the composition and physical properties listed in 
Tables 5 and 6 are given in Fig. 5. 

For most feeds the power component of force Fp is found to have 
a minimum B followed by a maximum A. As the sulfur content 
increases, both the maximum A and minimum B points are found 
to shift to higher values of speed. 

It is of interest to attempt to explain the shape of the Fp 
versus V curve and to fix our attention we might consider the 
curve for steel 1 at a feed of 0.006 ipr. If there were no BUE 
and if the metal along the tool face did not.weaken at high tem- 
perature (speed) then we should expect Fp to remain constant 
with V as shown in Fig. 6(a). 

However, a BUE will form at low speeds as shown in the left 
insert of Fig. 6(b). The BUE forms when the material at point 
C is weaker than that at point D. At very low speeds (1 ipm) 
the temperatures at C and D will be the same and there will be 
essentially no BUE. As the speed increases the temperature 
at D increases more rapidly than that at C and due to the aging 
characteristic of the steel known as “‘blue brittleness,” the rupture 
strength at C will eventually become less than that at D and 
the BUE forms. Direction EF should lie close to the maximum 
shear stress in the chip. The right insert in Fig. 6(b) shows a 
typical breaking strength o, versus temperature @ curve for a 
material exhibiting a blue brittle condition. When the tem- 
perature at point C (left insert) corresponds to that of the min- 
imum at B (right insert), the BUE should have its maximum 
size. Since the BUE will increase the effective rake angle a, 
it should cause a decrease in Fp. The variation of Fp with speed, 
due to the BUE should, therefore, be as shown in Fig. 6()), 
where point B should be close to the point of maximum BUE 
and point G will correspond to the speed at which the BUE dis- 
appears (point D is then of lower strength than point C). 

Fig. 6(c) shows the manner in which we should expect Fp to 
vary with speed (temperature) due to thermal softening of the 
metal adjacent to the tool face, in the absence of a BUE. 

The composite of diagrams a, b, and c is shown in Fig. 6(d) 
which has been drawn to correspond in shape with the Fp versus 
V curve of Fig. 5 (t = 0.006 ipr, steel 1). The shape of a par- 
ticular Fp versus V curve will depend upon the feed ¢ and sulfur 
content S. The speeds corresponding to maximum points A in 
Fig. 5 are seen to be approximately independent of feed, but to 
increase significantly with increased sulfur content. The latter 
observation suggests that addition of sulfur gives a lower chip 
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Fig. 5 Variation of cutting forces with speed V and feet ¢ for hot-rolled steels of different sulfur content. 


Rake angle, 10 deg; clearance angle, 5 deg; nose radius, 0.005 in.; depth of cut, 0.1 in.; cutting fluid, none; 
tool material, M-2 HSS. 


temperature and provides a BUE stable to higher speeds (tem- 
peratures). The minimum point B in the Fp versus V curve is 
seen to move from the vicinity of 50 fpm for the nonresulfurized 
steel (1) to about 150 fpm for steel 5. 

At speeds of 500 fpm and higher, addition of sulfur is seen to 
lower Fp and FQ only slightly. When the feed is low (¢ = 0.003 
ipr) the BUE is so small that essentially only the thermal effect 
on F pis present. 

Cutting-force results similar to those of Fig. 5 for hot-rolled 
steels are given for the same cold-rolled steels in Fig. 7. The 
shapes of the HR and CD curves are seen to be generally the same. 
Fig. 8 is presented to more readily enable comparison between 

(d) Vv the HR and CD materials. It is seen that the maximum points 
Fig.6 Origin of the maximum and minimum points of the Fp v «sus V of the Fp versus V curves for steels (1C) and (5C) are moved to 
. curve the left by cold-working. Since this may be interpreted as a 
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Fig.7 Variation of cutting forces with speed V and feed ¢ for cold-drawn steels of different sulfur content. 


Cutting conditions are the same as for Fig. 5. 
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Fig.8 Comparison of cutting force values for hot-rolled and cold-drawn 
steels. Cutting conditions are the same as in Fig. 5 at a feed of 0.009 
ipr. 


disappearance of BUE at lower speed, we should expect the finish 
on a CD bar to improve more rapidly with increased speed than 
would be the case for an HR bar. 


Surface Finish—Resulfurized Steels 


The variation of arithmetic average roughness h, as measured 
with a Profilometer, is shown in Fig. 9 for different values of speed 
V and feedt. Fig. 10 shows these same data differently organized 
in chart form in order to emphasize other characteristics. Al- 
though sulfur greatly improved surface finish at low cutting speeds 
(where finish is of greatest interest in the workshop) it actually 
produces a slightly poorer finish at speeds of the order of 400 
fpm. All high-speed finishes were very good compared with those 
at the lower speeds and the difference with sulfur content, 
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although real, is small enough as to go unnoticed in the work- 
shop, particularly where feed marks would also be present on the 
finished surfaces. When partially formed chips produced at 250 
fpm were examined it was found that the tool used to cut the re- 
sulfurized steel always had a very small BUE while the steel of 
lowest sulfur content had none. 

The fact that manganese sulfide promotes the BUE to much 
higher cutting speeds as shown by these surface finish studies as 
well as by the previous cutting force results lends support to the 
independent friction studies which have shown that manganese 
sulfide is in no sense a lubricant. 

At low cutting speeds (<50 fpm) the temperature of the chip 
is so low that cracks are frequently found to develop in the chip 
and these have an important influence on surface finish. Such 
cracks frequently do not run completely across the width of the 
chip and, therefore, it may appear to be continuous. The cracks 
that form periodically at the tool tip will run beneath the surface 
as shown in Fig. 11(a@) and then swing upward and go to the free 
surface. This causes the tool to cut air part of the time [as in 
going from A to B in Fig. 11(a)] and to leave small uncut areas 
in the finished surface. In Fig. 11(b) a plan view of the surface 
finished in Fig. 11(a) is shown. In this case the cracks are con- 
sidered to run all the way across the width of the specimen and 
it will have a sort of Moiré appearance with alternate dull and 
shiny areas. The shiny areas are those which are actually cut 
while the dull (grey) areas are the uncut regions of the finished 
surface. 

When the sulfur content is increased, the period of the cut- 
uncut pattern will decrease due to the closer spacing of points 
of stress concentration in such steels, A resulfurized steel would 
tend to look like Fig. 11(c) if the nonresulfurized steel looked 
like Fig. 11(b). The depth of the uncut regions [C in Fig. 
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‘Fig. 9 Variation of arithmetic average surface roughness h with cutting speed V, feed t for hot-rolled steels of different sulfur content. 





° .004 008 .02 O16 
t,ipr 
Rake angle, 


10 deg; clearance angle, 5 deg; nose radius, 0.005 in.; depth of cut, 0.1 in.; cutting fluid, none; tool material, M-2 HSS. 


Stee! | Steel 2 
ro iS} 2oH 25H {35H 1} 400}-{ 23} 27H 35H{ 40 
fs 3} — {sot 55}— 
| ‘a i — 300}- - 
i a 
aw fers trons Bor bes 
—{ es} soHfizs}fi2s}_ ++ =. 20ot-{ So} 7o}{ 85) sH{9sH__}+-4 
—{za0{290H3 10} f330}{ — }4 —{i7oH200H2 10} {220} — } 
S55 Ss ——— SSS 
~{375}{a50}5254525}{ — }— ae ee = : 
f) . 0 
003 006 009 O12 O15 


003 006 009 O12 O15 


t, ipr t, 'pr 


























Stee! 4 
{20H SoH So 55} +} 
+— + +o} 
+—-_20 75+ 75} 
30H oH SoH sdf - +4 








Ga eatso 


C20 C3sH rai} 


{30 __30h_45} [45H Ca faa = 
” {55} l 10H 150} 1SOF44330} 














S5}_ 7110} +{i60}{ — }4 





003 006 £09 “ole ois 003 006 009 Ol2 O15 
t,ipr 


Stee! 5 





20h 50h _ SO0F+_55 


eed 


mie 
{ 20H 25H 35H {40H} + 
—20H_35}_50H{ 80H — } 4 


40H_ 6 1Spt20n — FO 











it 
003 006 009 O12 O15 
t, ipr 





Fig. 10 Variation of arithmetic average surface rough h with 
speed V and feed ¢ for hot-rolled steels of different sulfur content. 


Rake 


angle, 10 deg; clearance angle, 5 deg; nose radius, 0.005 in.; depth of 


cut, 0.1 in.; cutting fivid, none; tool material, M-2 HSS. 


11(a)] determines the surface roughness in such cases. Since the 
shapes of individual cracks are approximately geometrically 
similar for resulfurized and nonresulfurized steels, the average 
depth C will be much less for the resulfurized steel. Hence, 
in the very slow speed region of cutting where fine cracks are 
formed periodically at the tool point, a very much improved 
finish will be obtained with a resulfurized steel. 

As the cutting speed is increased, the period of the cracks de- 
creases and they begin to appear as islands instead of extending 
all the way across the chip. A surface cut in such a speed range 
will have the appearance of Fig. 11(d) and as the speed is in- 
creased further the islands of uncut metal get smaller and closer 
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together and gradually disappear altogether when the tempera- 
ture reaches a point where the workpiece no longer behaves in 
« brittle fashion. The surface roughness then depends upon 
the BUE and not upon the cracks. 

As the speed is further increased. the BUE will first increase 
and then decrease. Since the maximum size of BUE is reached 
at a lower speed the lower the sulfur content, there is a region of 
speed where 2 BUE exists for a resulfurized steel but not for a 
steel of low sulfur content. It is in this region of speed where 
the steel of lower sulfur content will actually give the better 
surface finish. However, in this region the finishes for both 
sulfurized and nonsulfurized steels are frequently very good and 
hardly distinguishable with regard to quality. The BUE pres- 
ent for the resulfurized steel in such cases, while not being very 
important with regard to surface finish, can play a more important 
role in influencing tool life. 

Surface-finish data for the cold-drawn steels are presented in 
Fig. 12 and a comparison between the hot-rolled and cold-drawn 
steels results is given in Fig. 13. At high values of speed, man- 
ganese sulfide is again seen to have a detrimental effect on finish. 
Cold-drawing improves the finish obtained with a nonresulfurized 
steel at light feed, when the speed is at a high or intermediate 
value. The improvement in finish with cold-drawing is not as 
marked for a resulfurized steel cut at light feed. 

The best finish, which has a low value of from 12 to 14 yin., 
is obtained under the following conditions: 


high speed (300 — 400 fpm) 
low sulfur content (1C) 
cold drawn 


The finish obtained under these conditions is remarkably in~ 
dependent of feed rate in the range from 0.001 to 0.012 ipr. 
While a cold-drawn highly resulfurized steel (5C) will give a 
poorer surface finish (from 20 to 30 win.) in the foregoing speed 
range, it will give much better results in the intermediate and low 
speed ranges. For example, at 200 fpm and a feed of 0.003 
ipr steel 5C gives a finish of 20 win., while steel (1C) provides a 
finish of 35 win. under the same conditions. The cold-drawn 
resulfurized steel (5C) shows an even greater improvement over 
the corresponding nonresulfurized steel at lower values of speed 
(at V = 50 fpm and ¢ = 0.003 ipr, steel 5C gives h = 15 compared 
with a value of h = 350 for steel 1C). Inasmuch as a given 
steel must usually operate over a wide speed range, the best. 
over-all performance will be obtained with a cold-drawn resul~ 
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Fig. 13 Comparison of arithmetic average surface roughness (h) values 
for hot-rolled (nos. on left) and cold-drawn (nos. on right) steels of differ- 
ent sulfur content. Cutting conditions are the same as in Figs. 9 and 12. 


furized steel. A finish from 15 to 30 win. may be obtained with 
such a steel over the entire practical range of speeds and feeds 
(20 to 400 fpm; 0.001 to 0.012 ipr). 


Chip Formation—Resulfurized Steels 


The influence of sulfur content upon chip formation was 
studied in different ways. First, a number of photomicrographs 
were made of partially formed chips using a device similar to that 
described in reference [5] to quickly disengage the tool from the 
cut. Two identical specimens were made in each case and the 
partially formed chips were sawed from the bar, mounted in 
plastic, polished and etched. A representative set of pictures for 
a tool having a 5-deg rake angle are shown in Fig. 14 for a cutting 
speed of 500 fpm. All of these were produced by cutting the end 
of a 4!/.-in. diameter tube of !/, in. wall thickness. The feed 
in all cases was 0.0033 ipr and all cuts were made without a cut- 
ting fluid. 

The chip thickness is seen to decrease with increased sulfur 
content. This means that the strain in the chip decreases with 
sulfur content, which was found to be the case at all speeds. 
The authors of reference [4] have previously emphasized this 
role of sulfur in free-machining steels. The wavy character of the 
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Fig. 12 Variation in arithmetic average surface roughness (h) with cut- 
ting speed (V) and feed (t) for cold-drawn steels of different sulfur content. 
Cutting conditions are the same as in Fig. 9. 


chips for steels 1, 2, and 3 (Fig. 14) was only observed at certain 
speeds. These chips appeared to be completely continuous but 
varied periodically in thickness. At lower speeds cracks ap- 
peared in the chips at the points of minimum thickness, while 
at very low speeds the chips were completely discontinuous with 
a segment size corresponding to the period of the waves. The 
wave length and amplitude values of the chip thickness fluctua- 
tions decreased with sulfur content (Fig. 14) until at the highest 
sulfur values no variation in chip thickness was evident. 

The origin of the periodic variation in chip thickness is believed 
to reside in inhomogeneous strain associated with the size and 
distribution of points of stress concentration in the steel. For 
steel 1 there are relatively few points of stress concentration and 
hence the chip thickness is relatively large and the period of chip 
fluctuation is relatively long. As the density of inclusions in- 
creases with sulfur content the strain becomes more homogeneous 
and the chip thickness assumes a smaller value corresponding to a 
lower mean strain. 

The curvature of the chips is seen to increase with sulfur con- 
tent in Fig. 14. 

Chips produced at different speeds and feeds for the steels of 
different sulfur content are shown in Fig. 15. If we examine 
the chips for feeds of 0.005 or 0.010 ipr it is evident that chip curl 
decreases with speed for steel number 1 but increases with speed 
for steel number 5. For steels 3 and 4 the cur! at first increases 
and then decreases with increased speed. 

It was found that a BUE was present for all tightly curled 
chips and the smaller and more stable the BUE the greater the 
curl. The sulfur content appears to have an important in- 
fluence upon the size and stability of the BUE. As the speed 
(and hence tool temperature) increases for steel 1 the BUE be- 
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Fig. 15 Chips produced at different speeds and feeds for hot-rolled steels of different sulfur 
content. Cutting conditions: rake angle, 0 deg; tool material, M-2 HSS; depth of cut, 
0.100 in.; cutting fivid, none. 
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comes less stable and as a consequence the chip curvature de- 
creases monatomically with speed. The BUE was missing for 
those tests below the dotted lines in Fig. 15. All of these chips 
are seen to be only slightly curled. 

When sulfur is added to the steel (as for steel 3) the BUE be- 
comes smaller and more stable, but only to a certain temperature. 
For steel 3 the chip curl is seen to increase with speed until a 
value of 100 fpm is reached and then the BUE becomes less 
stable and gradually disappears with further increase in speed. 

As more sulfur is added the BUE remains stable to higher 
speeds and thus the most tightly curled chips are found at 100 
fpm for steel 3, at 200 fpm for steel 4, and at 400 fpm for steel 
5 at light feeds. 


Table 7 Combination of speed and feed required to give chips of equiva- 
lent curvature for steels of different sulfur content. For cutting conditions, 
see Fig. 15. 


Content 
Stee! No. % 
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Fig.16 Variation of critical value of Vt atwhich BUE disappears with sul- 
fur content of steel. For cutting conditions, see Fig.15. 











If we examine the chips for steel 1 we see that all chips produced 
at 200 and 400 fpm are loosely curled except the chip produced at 
200 fpm at a feed of 0.001 ipr. Looking at the chips for the other 
steels at 300 and 400 fpm we see a similar picture except that the 
chips tend to lose their curl at a higher combination of speed and 
feed as the sulfur content of the steel increases. The point at 
which the chip loses its curl marks the point at which the BUE 
disappears. In Table 7 the approximate combinations of feed 
and speed required to give a chip having a curl equal to that of 
the V = 200 fpm, ¢ = 0.001 ipr chip for steel 1 are given and these 
combinations correspond to the point at which the BUE disap- 
pears. The product (V2) is seen to increase with sulfur content 
and in Fig. 16 the variation of the critical speed-feed combina- 
tion at which the BUE disappears (V¢) is seen to vary approx- 
imately linearly with sulfur content (S) in accordance with the 
following empirical relationship 


vVi=7S (1) 


where V is in fpm, ¢ in ipr, and S in per cent. 

At a feed of 0.015 ipr and a speed of 400 fpm all of the chips 
of Fig. 15 have the same slightly curled appearance, since under 
these conditions the sulfur content in all steels is insufficient to 
stabilize the BUE. From Eq. (1) the amount of S necessary to 
stabilize the BUE would be (400)(0.015)/7 or 0.66 per cent. 
For the condition V = 400 fpm and ¢ = 0.005 ipr, the required 
sulfur content for a BUE is from Eq. (1) 400(0.005)/7 or 0.29 
per cent. In Fig. 17 it is seen that a substantial chip curl is not 
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Fig. 17 Variation of tool-chip contact length a with feed ¢ for hot-rolled 
steels of different sulfur content. Cutting speed, 330 fpm; rake angle, 10 
deg; clearance angle, 5 deg; nose radius, 0.005 in.; cutting fluid, none; 
tool material, M-2 HSS. 


experienced at V = 400, ¢ = 0.005 for the sulfur content of steel 
4(S = 0.26) whereas a tightly curled chip is obtained at V = 
400, t = 0.005 for steel 5 (S = 0.37). A small BUE was present 
in this latter instance. 

The fact that the BUE disappears at a constant product of V 
and ¢ for a steel of given sulfur content suggests that the BUE is 
lost when a certain critical chip temperature is reached. This 
follows from the fact that the mean chip temperature varies in 
accordance with the following approximate relationship. 


Ww 


§~ 
- kpc 


u = total cutting energy per unit volume 
V = cutting speed 
t = feed 
kpc = product of thermal conductivity and volume specific 
heat of the workpiece 


The foregoing picture of BUE stability for hot-rolled steels 
is consistent with the HSS tool-life results presented in Reference 
{1]. At a feed of 0.0046 and a sulfur content of 0.37 (steel 5) 
the speed below which a BUE is present will be (Eq. 1) 7(0.37)/ 
0.0046 or 560 fpm. It was only at speeds below approximately 
this value that the Taylor tool-life curve for steel 5 began to show 
curvature. When the feed was increased to 0.01, the speed cor- 
responding to the point where curvature would be encountered 
would be 7(0.37)/0.01 = 260 fpm. Since speeds this low were 
not reached, the Taylor plot for steel number 5 at a feed of 0.010 
remained straight. The Taylor plot for the lightest feed (0.0023) 
was apparently also straight, despite the presence of a very small 
BUE in this case, due to the great stability of the BUE at very 
small feeds. From other tests it appears that the presence of a 
BUE at light feeds can actually increase tool life by protecting 
the cutting edge of the tool. 

We should be prepared to find a decreased tool life with in- 
creased sulfur content when operating at feeds greater than 0.004 
ipr and at speeds below a value given by Eq. (1). For all other 
cutting conditions the tool life should increase with sulfur con- 
tent. The critical speed given by Eq. (1) will be too high for 
alloy steels and steels of higher carbon content, since for these 
materials u in Eq. (2), and hence the cutting temperature, will 
be greater. For such cases the value of V should be adjusted 
downward from the value given by Eq. (1) by the square of the 
ratio of the specific cutting energies, i.e., by (tattoy stee!/Ulow c steel)? 

At speeds above those at which the BUE disappears chips 
of all sulfur contents have nearly the same curvature. However, 
the more highly sulfurized steels show a slight although impor- 
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Fig. 18 Variation of cutting forces with speed V and feed t steels NL and L. 
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angle, 5 deg; nose radius, 0.005 in.; depth of cut, 0.1 in.; cutting fluid, none; tool material, M-2 HSS. 


Table 8 Variation in contact length between chip and tool (a) with feed 
and sulfur content for hot-rolled steels 


Cutting speed, 330 fpm; rake ang!e, 


Feed (t or 


tant increase in chip curvature over the nonsulfurized steels. 
This results in thinner chips, lower cutting forces and tempera- 
ture, and greater tool life. 

The contact length between chip and tool in Fig. 1 was found 
to vary with feed ¢ as shown in Fig. 17 at a speed of 330 fpm. 
The contact length a decreases significantly at all feeds when sul- 
fur content is increased and is approximately given by the values 
of Table 8 
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Table 9 Composition of | and 





Designatior Cc 


Leaded Steels 


Cutting force results for the hot-rolled and cold-drawn leaded 
and nonleaded steels of Table 9 (same steels considered in refer- 
ence [2]) are given in Figs. 18 and 19, respectively, for cutting 
conditions similar to those of Fig. 5. In these figures there is 
also evidence of a BUE which gives rise to minimum and max- 
imum values of cutting force and of a thermal softening effect 
which causes forces to decrease with increase in cutting speed 
The addition of lead seems to decrease the effect due to a BUE 
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Fig. 19 Variation of cutting forces with speed V and feed t for cold drawn steels NLC and LC. Rake angle, 10 
deg; clearance angle, 5 deg; nose radius, 0.005 in.; depth of cut, 0.100 in; cutting fluid, none; tool material, 


M-2 HSS. 


rather than tending to promote the formation of a small BUE 
that is stable to higher speeds as in the case of a resulfurized 
steel. 

Surface finish results for the hot-rolled and cold-drawn leaded 
and nonleaded steels are given in Figs. 20 and 21. Here it is 
evident: 


1 That lead is relatively more effective at light feed than at 
heavy feed (the reverse is true for resulfurized steels as may 
be seen by comparing Figs. 9 and 20 at V = 50 fpm). 

2 Addition of lead does not seem to increase the stability 
of the (BUE) to higher speeds as in the case of sulfur. 

3 Lead has its greatest beneficial effect upon surface finish 
at values of cutting speed below 100 fpm. 

4 Cold-drawing improves the finish of the leaded steel under 
all conditions. 


The best finish, which has the low value of about 15 yin., 
is obtained under the following conditions: 
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high speed (300 — 400 fpm) 
lead added 

cold-drawn 

low feed 


All of the low speed values of finish are very poor (320 win. or 
rougher). This represents an important difference from the 


Table 10 Variation of tool-chip contact length (a) with the addition of 
lead 
Cutting speed, 330 fpm; rake angle, 10°; clearance angle, 5°; 


nose radius, 0.005 ipr; depth of cut, 0.100 in.; cutting fluid, 
none; tool material, M-2 HSS 


t_= .007 ipr t_ = .010 ipr 
+044 +057 
-050 
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Fig. 20 Variation of arithmetic average surface roughness h with cutting speed V and feed t 
for steels NL andl. Cutting conditions are the same as in Fig. 18. 
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resulfurized steel results which showed a greatly improved finish 
at a low cutting speed over the finish produced by a nonresul- 
furized steel. 

The addition of lead was also found to cause a decrease in 
the chip-tool contact length, and representative values showing 
the magnitude of this decrease are presented in Table 10. 
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DISCUSSION 
Elliot $. Nachtman*® 


The series of papers, of which “Free Machining Steel: Part 
III,” entitled “(Cutting Forces; Surface Finish and Chip For- 
mation’’ is one, effectively extends our information on what really 
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happens to influence the machining characteristics of the so- 
called ‘free machining steels.’’ 

Several observations resulting from work carried out in our 
laboratory may be of interest in connection with the reported re- 
sults in these papers. 

The effect of sulfur in terms of the mechanism by which it 
affects the wear of the tool is quite different from the effect of lead; 
that is, tool wear occurs differently and under different operating 
conditions. Furthermore, the effect of each of these additives 
is in large measure dependent upon the carbon level of the steel in 
question. There is a relatively much greater effect of sulfur 
and of lead on low carbon steels than on high carbon steels. 

Carbon level also influences the contribution made by cold 
drawing to improvements in surface finish or tool life. The effect 
of cold drawing is inverse to carbon concentration with the great- 
est benefit occurring at lower carbon concentrations. 

In an investigation of other additives to steel to improve ma- 
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chinability, certain elements have been added to steel, for example, 
copper, which have influenced surface finish as well as tool life 
measurements on both low and medium carbon steels. In this 
latter work it was assumed that the additive should be one which 
influences the micro-stress condition in the steel which may be a 
reflection of different atom size or chemical effects. Significantly 
we have arbitrarily said that we are not interested in the lubrica- 
tion effects of the additive as such. 

Thus, considering these various observations we would sup- 
port the conclusion reached in this paper relative to the lubrica- 
tion effects of additives. In fact, we would suggest that the 
effectiveness of such additives is at least partially dependent on 
their effectiveness in creating micro-stresses or differential chemi- 
cal effects within the lattice of the metal to be cut. Furthermore, 
it seems possible that the effective mechanism will be different 
depending upon the strength level as well as carbon concentration 
of the steel in question. 
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An Experimental Investigation of the 
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Electrolytic Grinding Process 


Data are presented covering the effect of several variables on grinding rate for the electro- 


lytic grinding process. 


The relative amount of material removal due to electrolysis and 


due to conventional grinding action was investigated. The Faraday current efficiency of 
the electrolytic part of the process was found to be near 100 per cent to the extremely high 
current density of 700 amps per sqin. This is thought to result from the scraping action 
of the wheel abrasive which prevents passivation of the work anode. Several phenomena 
of the process are explained on the basis of hydrogen gas pressure in the work-wheel inter- 
face. A formula is presented for calculating the hydrogen gas pressure. Equations are 
proposed for the basic chemical reactions of the process. 


Introduction 


i electrolytic grinding process utilizes conven- 
tional grinding equipment modified to permit passage of a heavy 
direct electric current between the work, which must be elec- 
trically conducting, and the grinding wheel which must also be a 
conductor. The wheel is made with a hard substance such as 
diamond or aluminum oxide particles embedded in and projecting 
from its surface. The interface between the work and the wheel 
is flooded with some such electrolyte as 10 per cent potassium 
nitrate-water solution. Material is thus removed from the work 
to be ground by a conibination of mechanical and electrolytic 
action. Advantages of this process for industrial use result from 
the ability to grind at the same or at a greater rate than the con- 
ventional grinding process .but at greatly reduced grinding 
pressures. Such heat effects as grinding cracks, tempering of the 
work, and transformation of the surface layers are thus eliminated. 
Due to the low grinding pressure required and the preponderately 
electrolytic removal of material, it is also possible to grind or cut 
thin sections such as stainless-steel honeycomb and thin-walled 

Contributed by the Metal Processing Research Activity of the Pro- 
duction Engineering Division and presented at the Winter Annual 
Meeting, New York, N. Y., Nov. 27—Dec. 2, 1960, of Toe AMERICAN 
Society oF MECHANICAL ENGINEERS. Manuscript received at ASME 
Headquarters, January 25, 1960. Paper No. 60—WA-2. 


Nomenclature 


tubing without distortion or burr. General features of the process 
are illustrated in Figs. 1 and 2. 

The grinding wheel can be made from some such material as 
phosphor bronze, with diamond particles embedded in it. The 
diamond particles are caused to project 0.0005 to 0.0015 in. from 
the wheel surface by reversing the electrolyzing current, thus 
plating the metallic material from the surface of the wheel. One 
of the functions of these particles is to prevent a direct electrical 
short between the work and the wheel. 

Grinding with the help of electrolytic action has been developed 
for industrial applications and has previously been described, see, 
for instance [1, 2].1_ The intent of the present paper is to investi- 
gate for the first time how much of the “grinding’’ action is 
mechanical and how much is electrolytic, to determine the 
Faraday current efficiency of the electrolytic part, and to offer 
possible explanations for ..o1::e of the other phenomena which have 
been observed in use of the process. 


Apparatus 


The apparatus and equipment employed in the investigation is 
illustrated in Fig. 2. 
The grinder used was a Hammond model SCE-6 too! grinder 


1 Numbers in brackets designate References at end of paper. 
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> length of side of square work 


specimen, in. 

work-wheel interface gap = 2ro, 
in. 

grinding coefficient of friction 

force on specimen due to gas 
pressure, lb 

total horizontal force on speci- 
men (in axial direction to wheel 
motion), lb 

force on specimen from mechani- 
cal contact with wheel, lb 

vertical force on specimen (in 
direction of wheel mction), lb 


total electrolyzing current, amps 


= average path length of superim- 


posed gas-electrolyte flow, in. 


pressure of atmosphere, |b/in.? 
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average pressure in work-wheel 
interface, Ib/in.? 

pressure in work-wheel interface 
due to hydrogen, lb/in.? 

volume flow rate of gas-elec- 
trolyte mixture at atmospheric 
pressure P,, in*/sec 

volume flow rate of gas-elec- 
trolyte mixture at pressure P,, 
in*®/sec 

distance center of interface to 
position of gas-electrolyte ve- 
locity », in. 

distance center of interface to 
edge of gas-electrolyte flow = 
d/2, in. 


= temperature of electrolyte, deg R 


temperature at standard condi- 
tions, deg R 


point velocity of gas-electrolyte 
mixture at r, in/sec 

average velocity of gas-elec- 
trolyte mixture, in/sec 

maximum velocity of gas-elec- 
trolyte mixture, in/sec 

velocity at edge where r = 1, 
in/sec 

total rate of material removal 
from specimen, grams/min 

rate of material removal due to 
mechanical abrasion only, 
grams/min 

rate of material removal due to 
electrolysis only, grams/min 

viscosity of gas-electrolyte mix- 
ture, lb sec/in.? 

shear stress at wall, lb/in.? 
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which was specially designed for the electrolytic process. This 
grinder has a spindle speed of 3450 rpm. The wheel speed was 
maintained constant throughout the investigation. In this equip- 
ment the electrolyzing current is brought to the grinding wheel 
through brushes on the wheel spindle, which is electrically in- 
sulated from the rest of the machine. The work to be ground is 
clamped to the front table of the machine which is grounded and 
the anode connection of the electrolyzing current is made to the 
table. The table is free to move on ball bearings toward or away 
from the wheel and carries the work with it. A constant and con- 
trollable pressure of the work against the wheel was obtained in 
this investigation by means of a cord attached to the table passing 
over a pulley mounted in a bracket, weights being used to apply 


409 IN SQUARE WORK SPECIMEN 


— POINT OF ELECTROLYTE APPLICATION 











<—— METAL BONDED O:AMOND 
GRINDING WHEEL 


0-75 AMPS 
AT 0-14 VOC 


Fig. 1 Basic features of the electrolytic grinding process with indicati 


the required force. Since the ball bearing suspension of the 
table was practically frictionless, it was thus possible to control ac- 
curately the force Fy, Fig. 1. 

The cup type grinding wheel used was 6 in. in diameter witha 
3/,-in. rim width. This wheel, designated as D6WHC,? was phos- 
phor bronze with a 100-mesh diamond concentration of 72 carats 
per cubic inch of wheel material. A macrophotograph of the 
wheel surface is given in Fig. 3. 

The electrolyzing current source shown in Fig. 2 was an 
Anocut? unit, model No. 103 F, having a capacity of 300 amps at 
14 volts d-c. This unit utilizes selenium rectifiers and is pro- 
vided with an electronic circuit which acts to suppress surges of 
electrolyzing current caused by any sparking which may take 
place between the work and the wheel. A uniform d-c electrolyz- 
ing current during grinding is thus insured. 

In order to measure the forces on the grinding specimen, a beam 
type strain gage dynamometer, Fig. 4, was designed. This in- 
strument, which has been fully described elsewhere [3], permitted 
measurement of the forces Fy and Fy, Fig. 1, independent of the 
amount of specimen which had been ground off and independent 
of temperature effects. When only indicated measurements of the 
forces were required, a Baldwin SR4 strain indicator was used in 
conjunction with the dynamometer strain gage circuit. When 
recorded results were desired, a Leeds and Northrup adjustable- 
range-adjustable-zero recorder was used. The d-c electrolyzing 
current was measured by means of an ammeter with 6-in. 300- 
amp scale, calibrated against a precision potentiometer. For total 
electrical quantity a Brown potentiometer chart recorder con- 
nected across a precision shunt was used. This arrangement was 
calibrated against the ammeter. 





of the forces Fy and Fz 


t 


2 Anocut Engineering Company, Chicago, Illinois. 


Fig.2 General arrangement of equipment used in the electrolytic grinding investigation 
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A Rotometer to measure electrolyte flow rate was inserted in 
the electrolyte line and calibrated in the required range using a 
graduated cylinder and stop watch. 


Procedure 


The grinding specimens for this investigation were made from 
7/,¢-in. square hot-rolled plain carbon steel having a nominal 
analysis of C 1.0 per cent , Mn 0.30 per cent, S 0.015 per cent 
max, P 0.025 per cent max, and Si 0.30 per cent max. The 6-in. 
specimens were austenitized, brinequenched, and tempered to a 


hardness of 62-64 Rockwell ‘“C’’ scale, then ground on the 
sides to produce a 0.409-in. square section. 

The electrolyte used was a water solution of 10 per cent potas- 
sium nitrate and 5 per cent potassium nitrite. The potassium 
nitrite was added as a rust inhibitor to help protect the grinder 
from corrosion. 

Since it was found that the electrolyzing current density for a 
particular voltage was dependent on the amount of electrolyte 
which entered the interface between the work and the wheel, and 
this in turn was affected by the electrolyte flow rate and the par- 
ticular place on the wheel where the electrolyte was applied, it was 


Fig. 4 Grinding wheel, antisplash device for applying electrolyte, and dynamometer before application of waterproofing to dynamometer 
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necessary to control these variables. An optimum and con- 
trollable application of electrolyte was achieved by the antisplash 
device positioned on the wheel as illustrated in Fig. 4. This de- 
vice gave reproducible results and much higher current densi- 
ties for the same voltages than could be obtained by the method 
of applying electrolyte to the center of the wheel through a flexible 
tube, which is used in industrial equipments. All experimental 
runs were made at an electrolyte flow rate, as determined on the 
rotometer, above the knee of the current density-electrolyte flow 
curves given in Fig. 5. Small changes in electrolyte flow rate 
thus had a negligible effect on current density during the experi- 
mental runs. 

Grinding rate was determined by weighing the steel specimen 
on a gravimetric balance before and after each run which was 
timed by means of a stop watch. Total electrical quantity cor- 
responding to the material removed was obtained by graphical in- 
tegration of the Brown potentiometer chart record. 


Results and Discussion 


The influence of electrolyte flow rate, electrolyte concentration, 
and current density on grinding rate W for the standard process 
was first investigated. Representative experimental results with 
electrolyzing current flowing are given in Figs. 5, 6, and 7, respec- 
tively. 

An analysis of these results indicates that total grinding rate W 
is dependent on electrolyzing current density and is, within limits, 
substantially a linear function of the latter, Fig. 7. Such factors 
as electrolyte concentration, Fig. 6, which seem to affect total 
removal rate, do this through affecting current density. How- 
ever, total removal rate, in addition to being dependent on elec- 
trolytic removal rate W, is evidently also dependent on mechani- 
cal removal rate Wy, which is due to conventional grinding wheel 
abrasion. Thus total removal rate has two components and 


W=Wyt+ We (1) 


It first appeared that one of our objectives, to find what per- 
centage of W is due to Wy and to Wg, respectively, could be at- 
tained by making an experimental run in which rate of removal 
would be measured without electrolyzing current flowing, thus 
obtaining Wy, directly. However, it was observed early in the in- 
vestigation that the force Fy, Fig. 1, decreases as the electrolyzing 
current density increases. This can be explained by assuming 
that enough hydrogen from the electrolysis is produced in the 
work-wheel interface to exert a force Fg on the work specimen. 
The force Fg exerted by the gas plus the mechanical force Fy 
exerted by the wheel would in this case be equal to the horizontal 
force Fy, Fig. 1. The force balance equation would then be: 


Fy = Feo t+ Fu (2) 
with the mechanical friction relationship 
Fy = fFy (3) 

This gives: 


Fy — S(F x ns Fg) (4) 


Since F', and f are constant and F is here assumed due to evolu- 
tion of hydrogen gas and hence dependent on current density, (4) 
would explain the observed dependence of Fy, on current density. 

Since F, and f can be determined experimentally, Fy, can be 
found from (3) for any current density under electrolyzing con- 
ditions. Fy can be looked on as the value of F', corrected by the 
amount of force Fg exerted by hydrogen gas evolution at any 
current density. 

The data of Fig. 8 were obtained by making experimental runs 
with no current flowing. Fig. 9 which gives the required informa- 
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Fig. 5 Experimental curves of current density versus flow rate for 
various voltages. Grinding force Fz was 14.7 Ib. 
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Fig.6 Experimental curves of current density versus voltage for various 
electrolyte concentrations. Grinding force Fz was 14.7 Ib and electrolytic 
flow rate 0.32 gallons per minute. 
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Fig. 7 Experimental curve of current density versus total grinding rate. 
Grinding force F; was 14.7 |b and electrolytic flow rate 0.32 gallons per 
minute. 
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tion relating the relative percentages of W due to Wy and Wz 
was obtained by calculating Fy for any current density as indi- 
cated in the foregoing and then obtaining the corresponding 
value of Wy, from the data of Fig. 8. 

The percentage of mechanical removal shown in Fig. 9 is sur- 
prisingly low. However, the diamond wheel used was not in- 
tended for mechanical abrasion but rather for wear resistance. 
Thus the diamond particles used in making this wheel were 
smooth rather than sharp. Very little wheel wear was observed 
in more than a year of experimental use. 

The grinding coefficient of friction f used in calculating F y was 
determined experimentally by measuring Fy using the dynamome- 
ter with electrolyte flow but with the electrolyzing current turned 
off. The best value selected from the various experimental runs 
was f = 0.10. This value is low compared with that reported 
by other investigators [4] for conventional grinding wheels, again 
indivating that the percentage of total material removal due to 
mechanical abrasion is quite small 


Determination of Faraday Current Efficiency 


As a second objective of the investigation it was desired to 
determine, as accurately as experimental conditions permitted, 
the actual Faraday current efficiency which is attained in the elec- 
trolytic part of this process. 

The current efficiency can be calculated from the experi- 
mentally observed removal rate of material W, corrected by the 
rate of mechanical removal W y, and the corresponding total elec- 
trical quantity used to effect the removal. In order to do this 
the electrode reaction which takes place at the anode must be 
known. 

Due to hydrolysis of the NO,~ ion, the electrolyte is alkaline, 
having a pH of about 7.8. The usually accepted anode reaction 
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Fig. 8 Experimental curves of mechanical removal rate versus grinding 


force Fy (here Fy, = Fx) using electrolyte but no electrolyzing current. 
Electrolytic fiow rate 0.32 gallon per minute. 
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Fig.9 Mechanical removal rate, per cent of total removal rate versus cur- 
rent density for the electrolytic grinding process 
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for iron in alkaline solution and the one most consistent with the 
known electropotentials is: 


Fe + 20H- = Fe(OH), + 2e7 (5) 


In the presence of air the Fe(OH), is immediately oxidized to 
Fe(OH);. This is in accord with the reaction: 


4 Fe(OH). + O, + 2H,0 = 4 Fe(OH); (6) 


The Fe(OH); precipitates and in the process is removed by a 
filter provided in the electrolyte system of the grinder. 
The cathode reaction can be written: 


2e— + 2H20 = H: + 20H- (7) 


Since the oxidation reaction (6) is not involved in the elec- 
trolysis, the total] electrolytic reaction is: 


Fe ote 2H.0 = Fe(OH). aa H, ! (8) 


Equation (8) permits calculation of the Faraday current ef- 
ficiency if correction for mechanical removal can be made. 

Using (3) and the experimental values of Fy from Fig. 10, Fy 
for various current densities was calculated. These values were 
used to obtain the corresponding mechanical removal rates from 
Fig. 8. The mechanical removal rates thus determined were de- 
ducted from the total removal rates at the corresponding current 
densities to obtain the net electrolytic removal rate. Faraday 
current efficiencies were then calculated assuming the molecular 
relationships of (8). 

The following sample calculation is included to illustrate this 
procedure: 

Selecting a current density of 600 amps per sq in., Fy is found 
to be 1.01 pounds from the experimental data of Fig. 10. 

From equation (3): 


The experimental value of the grinding coefficient of friction 


f = 0.10 was determined as previously described. 


For Fy = 10.1 pounds the data of Fig. 8 give Wy = 0.008 
grams per minute. From the nominal analysis of the steel speci- 
men previously noted the iron content subject to electrolysis was 
estimated at 98 per cent. 

At the current density of 600 amps per sq in. the experimental 
rate of removal was found to be 1.77 grams per min, Fig. 7. 
Hence correcting for mechanical removal rate and impurities: 


(1.77 — 0.008) (0.98) = 1.73 grams per min 
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Fig. 10 Calculated and experimental curves of Fy versus current den- 
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Since the atomic weight of iron is 55.84 and since from (8) two 
electrons are exchanged in the electrode reaction, the gram 
equivalent weight of iron is 55.84 + 2 = 27.92 grams. This re- 
quires an electrical quantity of 96500 coulombs (or ampere-sec- 
onds), according to Faraday’s law. Thus the theoretical removal 
rate at 100 per cent current efficiency would be: 


27.92 X 600(0.409)? 60 
96500 





W, theoretical = 


= 1.74 grams per minute 


(The 0.049 in. square section work specimen was used throughout 
the investigation.) 

The current efficiency is then: 

We X100 | 
W, theoretical 


1.73 X 100 
1.74 
= 99.4 per cent 





current efficiency = 


The sample calculation gives a smoothed value of current 
efficiency since smoothed values of the data from the experimental 
curves were used in the sample calculation. 

It wili be noted that the correction due to mechanical removal 
rate W,, is, after all, quite small and could have been neglected. 
However, it was felt that the current efficiency results, in view of 
the high values obtained, would have been open to question on 
the basis of mechanical removal if the correction had not been 
demonstrated. 

The current efficiency results calculated, as indicated, are given 
in Fig. 11. It is remarkable that, for current densities to about 
700 amps per square inch, anode current efficiency is, within ex- 
perimental error, substantially 100 per cent. Conventional in- 
dustrial electrolytic processes employ current densities which do 
not much exceed 1 amp per square inch for the reason that cur- 
rent efficiency falls off markedly if higher current densities are 
used. This is particularly true of iron electrolysis since iron be- 
comes anodically passive at quite low current densities. 

It is generally believed that the anode passivation of iron is due 
to the formation of a thin, invisible film of iron oxide on the sur- 
face of the anode, and it is known that this type of passivity can 
be removed by mechanically scraping the anode. The practically 
100 per cent current efficiency at very high current densities ob- 
served here is therefore attributed by the author to the scraping 
action of the abrasive particles of the grinding wheel combined 
with the scrubbing action of the electrolyte as it passes through 
the work-wheel interface. These effects evidently prevent forma- 
tion of the oxide film to quite high current densities and hence 
prevent anode passivation. 

The unique effect of almost reversible electrolysis to very high 
current densities is thus obtained in this process. 


Experimental Verification of Hydrogen Gas Pressure Effect 


From equation (4) and since f and Fy can be measured, if Fg 
can be calculated independently, Fy can be calculated and com- 
pared with its experimentally determined values to verify the as- 
sumption that the dependence of Fy on current density is due to 
hydrogen gas pressure. This calculation, given in the appendix 
results in the following:* 


P2 
Fy -s|P - ug" + 


In calculating Fy in this manner the viscosity of the gas-elec- 
trolyte mixture was taken as the viscosity of the electrolyte since 
this is the medium which wets the surface. An Otswald deter- 
mination of the electrolyte viscosity indicated that it was only 
1.037 of that for pure water at the same temperature. 





0.00708/uT.P, , b*P, 
aT, 2 


3 See Appendix equation (20). 
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The work-wheel interface gap d is difficult to measure ac- 
curately and enters equation (20) in the */, power. However, 
by making a wax impression of the wheel surface and measuring 
the difference between “‘peaks’’ and “‘valleys,” using a microscope 
with calibrated focusing; and subtracting the scratch depth on 
the specimen as determined by means of a profilometer, the net 
gap d used in the calculations was determined. 

Inserting the various experimentally determined values in 
(20) a theoretical curve of Fy versus current density was plotted 
and is given in Fig. 10 along with the experimentally determined 
curve. 

In view of the numerous assumptions made in the derivation of 
the experimental curve the agreement is interesting and does 
much to support the author’s view that the dependence of Fy on 
current density is due to hydrogen gas pressure in the work-wheel 
interface, and that the corrections to mechanical removal rate 
made in the previous calculation of current efficiency are valid. 

What appears to be further evidence of hydrogen gas pressure 
effects can be seen in the slight convexity of the curves of voltage 


versus current density in Fig. 6, and the departure from flatness 


observed on the specimen face illustrated in Fig. 12. It is known 
[5] that electrolytic processes operating under pressure exhibit a 
similar convexity of the voltage versus current density curve. 
This is ascribed to the reduced volume of the hydrogen gas bub- 
bles which are evolved at higher pressure allowing more elec- 
trolyte to occupy the space between the electrodes and hence 
reducing the interelectrode resistance. The slight curvature of 
the specimen face illustrated in Fig. 12 can be similarly ex- 
plained, as the hydrogen gas pressure would be higher at the 
leading edge and center of the specimen than it would be at the 
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Fig. 11 Corrected experimental curve of Faraday current efficiency ver- 
sus current density 
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Fig. 12 Diagram of specimen face ground at high current density show- 
ing slight departure from flatness, Horizontal scale exaggeration 100X. 
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other edges and thus more electrolysis would take place in these 
regions of lower interelectrode resistance. 


Summary 


1 Data have been presented covering the effect of grinding 
pressure, electrolyte flow rate, electrolyte concentration, and cur- 
rent density on grinding rate in the electrolytic grinding process. 
Grinding rate was found to be dependent only on mechanical re- 
moval rate and current density. Mechanical removal rate was 
found to be less than 0.5 per cent of the total removal rate under 
nominal operating current density. 

2 Faraday current efficiency has been determined for the elec- 
trolytic part of the process and shown to be constant and near 
100 per cent to extremely high current densities (700 amps per 
sq in.), compared with conventional electrolytic processes which 
usually operate at less than 1 amp per sq in. and at lower current 
efficiencies. The effect of almost reversible electrolysis to such 
high current densities is attributed to the scraping action of the 
wheel abrasive which removes the oxide layer, preventing polari- 
zation of the anode. 

3 The decrease in the wheel force on the work specimen in the 
direction of wheel motion with increase in current density, the 
slight concavity of the ground specimen face and the convexity 
of the electrolyzing voltage-current curves have been explained 
on the basis of hydrogen gas pressure in the work-wheel interface. 

4 A fotmula has been presented for calculation of the hydro- 
gen gas pressure in the work wheel interface and a calculated 
curve based on this formula shows general agreement with the 
corresponding experimental curve. 

5 Basic chemical reactions have been proposed for the elec- 
trolytic grinding process. 
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APPENDIX 


Caiculation* of Hydrogen Gas Pressure in the Work-Wheel 
interface 


The following calculation of the hydrogen gas pressure AP, in 
the work-wheel interface, is based on the assumption of a gas- 
electrolyte mixture flow, due to evolution of gas, superimposed on 
the main flow of electrolyte carried by the wheel through the 


4 This calculation was made by D. B. Harmon, Associate Professor 
of Engineering, University of California, Los Angeles, Calif. 
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interface. The superimposed flow is assumed to be in the side 
and downstream directions only, as it is believed that due to high 
stagnation pressure at the leading edge of the specimen there 
would be no gas flow in this direction. The superimposed flow is 
assumed to have an average path length, Z = 1/,b. See Fig. 13. 


GAS -ELECTROLYTE 
FLOW SUPERIMPOSED 
ON MAIN FLOW \ 
MAIN + 
ELECTROLYTE tt 
FLOW 





bl 
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Fig. 13 Diagram of specimen face 
showing assumed flow of electro- 
lyte gas mixture 


Fig. 14 Diagram of work-wheel 
interface showing assumed para- 
bolic velocity distribution 


In view of the ratio of gap dimension d to specimen size b and an 
approximate Reynolds number calculation, it is believed reasona- 
ble to consider the superimposed flow as two dimensional and 
laminar. While the internal pressure P; would actually vary over 
the interface section, P; is taken to be an average pressure to 
avoid difficult mathematical complications which would not give 
a correction to the result justified by the accuracy of the available 
data. 

From elementary fluid mechanics [6] and assuming two-dimen- 
sional laminar flow, the velocity distribution in the work-wheel 
interface is parabolic, Fig. 14. . 

Hence: 


(9) 


From (9) and (10) 


(13) 


Differentiating (11) with respect to r and evaluating at r = 19; 
dv | 30 


“— 
dr \rorp T,) 


(14) 


From (12), (13), and (14) 
_ 34 PL 


To 3 


AP 


Since Q; = 3bdV, ry = 


P 
and Q;=Q, P, 


L 
AP = P, — P, = Lue 


L _ 12u1Q,P, (16) 
3bd? 3bd*P, 
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12 P 
Substituting for convenience K = eas 


(15) can be solved for P;: 
_ Pa tV P+ 4K 
2 2 


Subtracting P, from both sides of (17) and substituting for K and 
L= 0/4: 


P; 





(17) 


P* | uQ.P. Pz 
he Pom AP = y+ ds 2 
Since two electrons are exchanged in the reaction of (8) the 
equivalent volume of Hz produced at standard conditions by an 
electrical quantity of 96500 coulombs will be, according to 
Faraday’s law, 22400 + 2 cu cm or 684 cu in. 
Hence: 


(18) 


684 IT, _ IT, 
Q, = - * = 0.00708 —,* 
0 


96500 Te (19) 


Combining (4), (18), and (19) and since Fg = b?AP: 





P | 0.00708u/7;P 
Pa fl ?. «tas es 
Vv s| ab \ 4 + PT. 


DISCUSSION 
W. R. Backer® 


This paper is welcomed as one of the first scientific studies 
of the relatively new manufacturing process of electrolytically 
assisted grinding. This process has found its chief application 
in the sharpening of cemented carbide tools, where diamond 
wheel costs may be substantially reduced by the aid of elec- 
trolysis. The author’s choice of hardened plain carbon tool 
steel for the workpiece is unfortunate. This material can be 
economically ground with vitrified wheels with aluminum-oxide 
grit. Even if it were ground with electrolytic assistance, an 
aluminum-oxide-grit wheel would probably be chosen. 

The author’s computation of the metal removal by grinding 
is based on an average value of mechanical friction, and on the 
effect of horizontal force on metal removal rate without elec- 
trolysis. It is usually found that the tangential force in grinding 
is closely related to the metal removal rate, while the normal 
force is quite sensitive to wheel condition, lubrication, and other 
factors in grinding. Thus, if Fig. 8 could have been replaced 
with a graph of metal-removal rate versus tangential grinding 
force, more reliable results could have been obtained without com- 
putation. This criticism is pertinent wherever constant-feed- 
force cutting is used instead of a constant-feed-rate process. 

The author ascribes the reduction in vertical force during 
electrolysis to gas generation at the work-wheel interface. The 
shape of the work surface in Fig. 12 suggests that a hydro- 
dynamic force, of the type encountered by Backer and Dahlin,’ 
could also be present. 


5 Machine Research Engineer, Norton Company, Worcester, Mass. 
Mem. ASME. 


6 W. R. Backer and R. A. Dahlin, “The Effect of Electrolytic 
Assistance in Peripheral Grinding,’’ ASME Paper 60—WA-4. 
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J. M. A. van der Horst? 


The anodical passivity of iron which the author mentions 
(page 199) is I believe due to a polarization film in the solution 
rather than a film of iron oxide. This is born out by the fact 
that rapid solution movement along the surface will invariably 
raise the maximum allowable current density. 

The author very rightly observes that the diamond wheel is 
not intended for mechanical abrasion. In fact the diamonds 
serve mainly for keeping the necessary gap between wheel and 
specimen, without which there would be a short circuit and no 
electrolysis. From there on it would be interesting to see whether 
we need a wheel at all. Why not use a stationary tool which is 
lightly pressed against the work piece, and which has the nec- 
essary diamond or other hard nonconductive projections to 
maintain the gap, and have an abundant flow of electrolyte take 
care of anode film removal. Admittedly this wouldn’t work on a 
honeycomb material. 

A very good reason for trying this would be to eliminate the 
commutation problem which becomes considerable for large 
work pieces with the high currents and rotation speeds coupled 
with the water vapor atmosphere. 


Author’s Closure 


The author is grateful for the interest shown by the discussers 
in submitting their comments. 

Mr. Backer questions our selection of the hardened plain carbon 
tool steel specimen for the experimental runs. This selection was 
made to avoid the chemical complications which would arise if a 
more complex material such as tungsten carbide were employed. 
The objective of our work was to investigate some of the more 
fundamental aspects of the process rather than to produce data 
for immediate application. The plain carbon tool steel selected 
for the work specimen enabled us to deal with the essentially 
single iron component. 

Mr. Backer also suggests that mechanical removal rate Wy, in 
Fig. 8 should have been plotted against Fy instead of Fy. How- 
ever, the curve of Fig. 8 was established to permit effect of the 
hydrogen gas pressure on removal rate to be calculated so that 
current efficiency could be established. 

The hydrodynamic force mentioned by Mr. Backer was not 
detected in our work. A hydrodynamic force would not be de- 
pendent on current density as shown here. 

The polarization film in the solution mentioned by Mr. van der 
Horst is usually ascribed to concentration polarization caused by 
accumulation of ions near the electrode in a still or slowly moving 
solution. It is difficult to imagine the presence of such a film 
with the violent agitation existing in the work-wheel interface 
under our conditions of operation. In addition, iron is well 
known for its strong tendency to polarize by oxide film formation. 

Mr. van der Horst’s final remarks are interesting in that the 
essence of his idea has been anticipated and is embodied in indus- 
trial equipment now available. See footnote 2 (page 195) for a 
source of further information on this process. 


7 President, van der Horst Corporation of America, Olean, N. Y. 
Mem. ASME. 


may 1961 / 201 





Use of a Centrifuge for the Precision 


S. R. SPORN 


Accelerometer Section Supervisor, 
Arma Division, American Bosch Arma 
Corporation, Garden City, N. Y. 


Measurement of Accelerometer Characteristics 


The large dynamic range to which accelerometers are subjected in a space-injection 


application requires that precision high “‘g’’ development studies be made. 


The only 


practical way of obtaining sustained, measurable accelerations in excess of 1g is by 


means of a centrifugal accelerator. 


The purpose of this paper is to describe the tech- 


niques which have been developed at Arma Division to process and interpret accelerome- 


ter linearity data obtained on our precision centrifuge. 


To do this it will be necessary 


to formulate a basic output equation for an inertial quality accelerometer and to point 


out areas of correction for some size anomalies which can occur. 


In addition, a cen- 


trifuge acceleration formula, corrected for earth’s rate, is developed. Interpreting this 
formula leads to the possibility of measuring earth’s rate with an accelerometer. 


Accelerometer Output as a Power Series 


HE output of a theoretically ideal accelerometer is 
perfectly linear, the constant of proportionality being a tabulated 
value, invariant with time and environment. 

It is well known in the instrument field that the vagueness of 
our knowledge of Nature permits the ideal to be only approxi- 
mated. The predominant linear term becomes modified by 
“higher order effects.’’ A mathematical description! is given to 
the output of an accelerometer by the following: 


6 = f(a) (1) 


accelerometer output 
acceleration in G’s 
f(a) = “funetion’”’ of a 


where ® = 


a0: 


Expanding f(a) in a Maclaurin’s series, we can write 
= Ky + Kia + Kea? + Kya? +... 
> K,a" 
n 
Ky = accelerometer fixed bias 
K, accelerometer scale factor 


K: = second-order nonlinearity 
K; third-order nonlinearity 


The absolute validity of equation (2) depends upon a recogni- 
tion of the fact that discontinuities of a type to negate equation 
(2) do not occur in Nature at the level studied here. Neverthe- 
less, it is usually convenient to mix the mathematical expansions 
of type (2) with some other function to get a more accurate 
representation of (1), with fewer terms. An example of this 
occurs in describing ‘“dead-band,”’ ‘‘threshold,’’ “resolution,’’ 
“hysteresis,’”’ and other “anomalous’”’ effects. 

One measure of quality for an accelerometer is the smallness of 
the terms K,,n 2 2, compared to Ki. Upon closer examination, 
though, a corollary measure, that of the constancy of the K,, 
K,, > 0, appears just as important. This is true because it is 
possible to provide vibration isolation against rectification effects 
and otherwise to compensate for the higher-order effects, pro- 
vided that they are small enough and that their values are known 
with sufficient exactness. 

1 Cross-axis coupling and other similar effects omitted because they 
do not contribute to the present discussion. 

Contributed by the Aviation Division and presented at the 
Winter Annual Meeting, New York, N. Y., November 27—December 
2, 1960, of THe American Society oF MECHANICAL ENGINEERS. 
Manuscript received at ASME Headquarters, August 19, 1960. 
Paper No. 60—WA-195. 
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An examination of the means to perform thi compensation does 
not lie within the scope of this paper. 

From the foregoing, we can logically define an accelerometer 
linearity test as an experiment designed to enable a precise de- 
termination to be made of the values of the K,, in equation (2). 

Because an accelerometer is constructed from a finite number 
of parts and because “lumped-constant’”’ performance is usually 
a sufficiently good description, we infer that many of the higher- 
order terms in equation (2) must be describable as functions of 
the lower terms. This is true because the finite number of parts 
demands description by only a finite number of independent 
parameters. Stated more succinctly, there is only a finite num- 
ber of independent parameters which may be adjusted to change 
performance. In general, then, the K,,’s in equation (2) are inter- 
related. 

It is important to determine this interrelationship in order to 
limit any uncertainties in the expected accelerometer performance. 
In fact, a measure of quality, in the sense of “uniformity in manu- 
facture,”’ is given by noting the value of n, above which we cease 
to have independent parameters. The lower this value of n, the 
higher the chance of manufacturing uniformity because the 
fewer will be the number of critical adjustments. 

For centrifuge testing, equation (2) may have to be modified 
because the acceleration field posseses cylindrical symmetry with 
a significant g-gradient for an accelerometer of finite dimensions. 


Size Effect 


The design theory of any accelerometer involves the discovery 
of a measurable process which permits observation of the be- 
havior of a “seismic element’’ or ‘‘proof mass’? when under the in- 
fluence of the acceleration to be measured. 

To minimize friction and other second-order effects, present 
design technique tends to keep the excursion of the proof mass to 
an absolute minimum. This implies a force or torque-balance 
technique in which the force produced on the proof mass by the 
input acceleration is exactly balanced by the measurable force 
produced by the accelerometer mechanism. 

A torque-balance technique is employed in the unbalanced 
gyro accelerometer and in the simpler torque-feedback pendulum, 
while a force-feedback technique is used in the class of ac- 
celerometer in which the free movement of the mass is rectilinear. 
When viewed in perspective, both balance techniques are really 
one and the same thing. 

Consider Fig. 1, a simplified schematic of a torque-balance ac- 
celerometer mounted on a centrifuge. In Fig. 1, m is a typical 
elementary mass which goes to make up the total mass of the 
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torque-summing member (excluding the pendulous seismic mass). 
From Fig. 1 


R, = bk (3) 
where 
bi = a scalar 
Rk = vector position of CG of torque-summing member with 
respect to centrifuge axis of rotation 


a = —whR (4) 


a= 
Oo = 


acceleration of m 
spin speed of centrifuge 


The inertial force on m;, due to acceleration is 
F, = +mwR 
The clockwise torque due to F; is 
T, = 7% X F, = +w% (ha X mR) 


Summing over all the masses 
Te = >) 1, = +o D> dalFe X mah) (7) 
n n 


where 7p = residual net torque. 
Excluding the pendulous seismic mass, the torque summing 
member is statically balanced in the earth’s g-field. This implies 


>> (in X mg) = 0 (8) 


n 
where 
g = earth’s gravity vector. 


For proper centrifuge scaling, the residual net torque Tp 
should be zero; the only torque requiring measurement being 
the one produced by the pendulosity of the seismic mass. 

From equations (7) and (8), it is seen that static balancing is 
not a sufficient criterion for the vanishing of Tp, since equation (7) 
implies auxiliary mass-symmetry conditions on the torque-sum- 
ming member. 

In actual usage the torque-summing member is designed to 
have the required symmetry, any residual gradient effects being 
removed by empirical computation. 

It should be noted that a longer centrifuge arm (\R| large) tends 
to reduce the precision required in the gradient computation. 

The foregoing discussion is certainly neither a detailed nor 
exhaustive study of gradient effects on a centrifuge but is meant 
merely as an introduction to the type of problem involved. 
There is one other effect which, though not strictly a size effect, 
deserves to be mentioned. That is the problem of critical align- 
ment in the case of a gyro accelerometer. Here, the gyro spin 
vector must be aligned parallel to the centrifuge spin vector to 
within a very small tolerance if spurious torques are to be 
minimized. 





ee 
A 
yw W 


Fig. 1 Schematic of torque bal 





on centrifuge 
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In summary, every accelerometer design under test must be 
studied to determine what gradient effects are peculiar to it, these 
being established by the dimensions of the instrument compared 
to the arm radius, and the symmetry involved. 


Data Reduction for Linearity Tests 


As stated previously, the purpose of linearity testing is to deter- 
mine the precise values of the K,-coefficients in the output equa- 
tion, equation (2). Because of size effects, modifications have 
to be introduced. 

Thus, for example, the total torque acting on the torque- 
summing member will be the pendulous torque to be measured 
plus the residual size-effect torque given by equation (7) 

Tr = 7, X mo + Tr (9) 
where 

Tr = total torque 

i, radial distance to point equivalent pendulous mass 

m, = pendulous mass 

Tr = residual torque 

ad = acceleration at point 0 in Fig. 1 


Substituting into equation (9) 


(10) 


Tr = Fp X Mydo + w? ps b(t, X m,R) 
n 


since ~w*R = a 
: , 1 iy . 
Try =|7%, - — baMnFn | X Myo 
My “nr 


We can consider that the effective lever arm of the proof mass has 
been changed, thus changing the scaling. We may take this 
change of scaling into account in another fashion; by assuming 
that the pendulosity, |rpm,|, remains fixed but that the effective 
acceleration changes. Thus 


Ge = a(1 + 4) 


(11) 


(12) 
where 
effective acceleration 
proper factor to account for existence of Tz 
Ly 


TypMpAo 


a = 


6 = 


Substituting (12) in (2), 
6) = Ko + [Ki(1 + 8)]ao + [Ko(1 + 6)? ]ao? 
+ [K3(1 + 6)8Jao3 + 


Squation (13) represents the required modification to equation 
(2) in order to make the data suitable for centrifuge reduction. 
We have considered determining the coefficients in equation 





“7 





Fig. 2 Position for reversal of Tr 
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(13) by an n-point simultaneous-equation method. Error analysis 
and actual experience indicate that this method is unsatisfactory 
especially for K,’s which have a nominal value of zero. 

Similar methods, with embellishments, using +1g-measure- 
ments for Ki, were considered. Again, determination of small 
coefficients was, at best, difficult. 

Continued study revealed the possibility of using an “ac- 
celerometer bucking’ scheme, error analysis indicating quite 
favorable results. 


Accelerometer Bucking 


Here, the accelerometer output was to be observed at various 
g-levels in a position such as shown in Fig. 1. The accelerometer 
was then to be turned 180 deg twice; first, so as to reverse the 
sign of 7p and then to apply negative g-inputs. 

Precisely the same g-levels were to be reapplied to the ac- 
celerometer in its new position. _ 

Subtraction of the results should yield a measure of the Kn, n 
even. 

The main difficulty is in reapplying the same g-levels to the 
desired matching accuracy (better than 1 part in 10,000). The 
present centrifuge is set up to match or repeat g-levels, with 
reasonable ease, to 1 part in 3000, whereas g-levels can be read 
out to better than one part in 100,000 with accuracy limited to 
this figure. 

Fortunately, an analytical scheme can be used to extrapolate the 
acceleration match of 1 part in 3000 to better than 1 part in 
10,000. This scheme is called ‘adjustment to the same time 
base.” 


Adjustment to the Same Time Base 


Let us write the expression for integrated acceleration (velocity 
measure) during a measuring interval t, on the centrifuge. 
From equation (13) 


Bo = Ko + Kiay + Kea? + Kyao*? + . (14) 


where 
—w*R 
centrifuge speed 
o/t 
total angle during measuring interval t 
= quantities in braces of equation (13) 


Then 


t 2 
C= fi oda ks —K = +... 


, ¢*k 
- (KK oF +....)e (15) 


> $ 2 
om (K+ SOEs.) a 


. (16) 


K.¢?R 
Ky +o +. 


» 
Ki@tR oe 
(x, _ rm sa .) t 


Taking the first two terms of the series and neglecting higher order 
terms, and if Kyx< K.¢?f/t?, then 





(17) 


dC e dt (18 
Cc t ) 


Equation (18) forms the basis for adjustment to the same time 
base. 
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Thus, if we know the total indicated output during a measuring 
interval ¢ required for a given number of revolutions, we can easily 
compute what the output would have been during an interval 
t+ At. 

In actual usage, we let ¢ be the measuring time during a plus 
g-run. We observe the time for a minus g-run at the same nomi- 
nal g-level, and observe the time difference, which we make equal 
to At. We then adjust the plus g-output by formula (18). 

Equation (18) has another interesting usage. It forms the 
basis for self-checking the validity of a data point. During an 
actual run, three separate measurements are made at each 
centrifuge speed setting. These measurements are distinguished 
by having measurement times slightly different from each other. 

By applying equation (18) to each of the three measurements to 
predict the others, we can determine whether spurious signals 
have been measured or whether, as a general check, the equip- 
ment is in good working order. This self-check is performed at 
each g-level measured. The rejection criterion reflects the pre- 
cision involved and the reliability desired. For example, one 
could state, in a very precise application, that data points which 
do not check to one part in 100,000 are to be rejected. 

The foregoing test involves a measure of the resolution of the 
accelerometer under test. 

To make the following discussion more concrete, we will con- 
sider the case of a hypothetical accelerometer operating over a 
range in which all K,’s with n > 3 are negligibly small. 

Under these circumstances the only higher-order coefficients of 
importance are K; and K3. 


Equation for K, 

The position required to reverse the sign of 7'z is shown in 
Fig. 2 (compare ‘to Fig. 1). It is obtained by turning the ac- 
celerometer 180 deg about a horizontal axis (R in Fig. 1). 

We start with the accelerometer in the plus g-position (arbi- 
trarily designated as m in the inner position). We take a set of 
runs, attempting to repeat g-levels, for the accelerometer in the 
positions shown in Figs. 1 and 2. 

The outputs are, expanding equation (13), 


60*(0) = Ko + Ki(1 + 8)a(0) + Ke(1 + 26 + 6*)a*(0) 
+ K3(1 + 36 + 36% + 6*)a,3(0) (19a) 
4 *(180) = K,+ Ki(1 — 5 )ao(0) + K.(1 — 26 + 6*)ay*( 180) 
+ K3(1 — 36 + 362 — 6%)a,3(180) (19d) 
By adjustment to the same time base, we effectively make 
ao(0) = a(180). Then, adding equation (19a) and (19d), 
_ 6*(0) + 6 *(180) 


A+ 3 





= Ko + Kiao(0) + K2a,*%(0) 
+ Kia(0) (20) 
for 6 small. 
Indexing 180 deg about a vertical axis, we repeat both runs for 
a minus g-input and compute, to the same time base, 
_ 8~(0) + 8 ~(180) _ 


~ 





6 Ko — Kiao(0) + Keao?(0) 


— Kyay(0)+.... (21) 


Then adding equation (20) and (21), 
(00* + O07) — 2Ko 


Ks = 9000) 


(22) 
Equation (22) is the desired expression for K2. 

The size effects have ‘cancelled out.’’ Also, the precision 
needed in knowledge of ao(0) is very slight, since Kz is a small 
second-order effect. 
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Accelerometer Antibucking for K, and K; 


One can consider that the bucking process merely takes ad- 
vantage of the even and odd symmetry that the output expres- 
sion possesses. With this in mind, it is quite natural to extend 
the process so as to eliminate the even terms, revealing the odd 
terms. 


This is easily done by subtracting equations (20) and (21): 


6.* — @%- = 2Kiao(0) + 2Ksa,*(0) (23) 


Equation (23) is the desired expression which emphasizes the odd 
terms. 
If two different g-levels are chosen, a(0),, ao(0),, 


2K,a(0), + 2K3a,°(0), = (0)* se 00-)s 
2Kyax(0)y + 2Ksa0%(O)y = (Oo* — O0~)y 


we have two equations in two unknowns which can be solved 
simultaneously for K; and K. 

In the use of equation (24), it is necessary to have a very pre- 
cise value for acceleration. Because centrifuge speed measure- 
ments are made with respect to the earth and because the earth 
rotates in space, we expect that the measured centrifuge speed 
will have to be corrected by an earth’s rate term, to compute ac- 
celeration with respect to inertial space (seen by accelerometer). 

In the Appendix it is shown that the formula for acceleration 
produced by a level centrifuge is 


(24) 


a = —R,S(S + 20 sin X) ft/sec? 


(25) 
where 

R, = centrifuge radius 

Q earth’s angular rate 

nN latitude angle 

S = spin speed of centrifuge with respect to earth 


For the case of a 100-in. arm it is seen that, if the earth’s rate cor- 
rection were omitted, acceleration errors of 1 part in 20,000 would 
be produced at the 2g-level and at the 10g-level the error would 
be 1 part in 100,000. 

Formula (25) suggests an interesting means for using an ac- 
celerometer to measure earth’s rate directly. 

Suppose we were to turn the centrifuge with the vertical com- 
ponent of the earth and then against the earth. Subtracting the 
results should give us a measure of earth’s rate. 

Analytically, substituting equation (25) in equation (13) 
and neglecting higher order terms, 


Smikw (00) witn EARTH — (8) AGAINST EARTH 


aa 2 
4KiR.o (26) 





o = spin speed for both measurements 


This experiment has been performed with remarkably good re- 
sults. The precise experimental results cannot, unfortunately, 
be released at this time, owing to security regulations. 

It is believed this is the first time that an accelerometer has 
been used to measure earth’s rate precisely in a controlled experi- 
ment and is noteworthy because it demonstrates the tremendous 
advances made in the design and fabrication of the particular 
accelerometer under test. 


Conclusions 


It is thought that the techniques developed in this paper are 
basic enough to be useful, with some modification, in the evalua- 
tion of many types of inertial accelerometers. 

Improvements should result with usage. For example, our 
present experimental technique involves manual rotation of the 
accelerometer holding fixture for the 180-deg indexing. This is 
being changed to automatic indexing so that bucking can be ac- 
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complished without turning off the centrifuge—‘‘on the fly,” so 
to speak. Furthermore, improved means for monitoring arm 
length and a monitor for arm bending are among the other im- 
provements being worked on. 
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APPENDIX 


Centrifugal Acceleration Produced by a Level Centrifuge 


The purpose of this development is to describe mathematically 
the acceleration preduced by spinning a centrifuge on a rotating 
earth. 

It should be remembered that an accelerometer mounted on 
the tip of the spinning arm sees total acceleration with respect to 
inertial space. 

Consider Fig. 3, a schematic diagram of a level centrifuge 
mounted on a rotating earth: 


= centrifuge-arm length vector 
latitude angle 
earth’s angular velocity vector 
= level, north referenced co-ordinate system fixed in 
rotating earth 
centrifuge-arm referenced co-ordinate system fixed 
in level, rotating centrifuge 
instantaneous heading angle of centrifuge with re- 
spect to earth 


R,=a+R, 


a@ = —asin Xi + acos Ak 


R. = Ri’ = R, cos 61 + R, sin 97 
R, = magnitude of arm length 
Substituting into equation (27) 


R, = (R, cos @ — asin Aji + R, sin 6) + a cos AK 


where 
& = Qeos At + Qsin Nk 
Substituting into equation (31) 


& = (—RS sin 6 — QR, sin X sin 0/7 


dt 
+ (R.S cos 6 + QR, cos 6 sin X — Qa)j 


+ QR, cos \ sin OE (33) 


Fig.3 Schematic diagram of centrifuge fed on r 





testi 9 earth 
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S= = centrifuge spin speed 


6d 
dt 


From equation (31) 


2: aR, 


2 — 
k, = 


oR, mn 7 
=—"435xR 
di? . re) eae eae 


Substituting into equation (34) 


R, = {|—R(S + Q sin )? cos 6 + Q%a sin Afi 
+ {-—R(S + Qsin d)* sin 6 — QR, cos? A sin 0}j 
+ {2OR.S cos \ cos 6 + 2?R, cos 6 cos A sin AX — Qa cos A} 
(35) 

From Fig. 3 ; 
i’ cos 6 — 7’ sin 9 
i’ sin 0 + j’ cos 6 
k’ 


(36) 


Substituting equation (36) and simplifying, we have for the 7’- 
component (acceleration along centrifuge arm), 
17? = —R(S + Qsin A)? + Q2a sin XA cos 8 

— QR, cos? A sin? 6+ g (37) 


where g is the Newtonian gravitation component along the plumb 
bob horizontal, since an accelerometer mounted on a centrifuge 
can also detect a specific foree component due to gravity. The 
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definition of horizontal on a stationary centrifuge is that there 
be no net acceleration. 

Putting S = 0 in equation (37) and aligning horizontally means 
that 


Rz\i, so = 0 = —RQ? sin? \X + O2a sin X cos 8 
— RR, cos? sin? 6+ g (38) 


Substituting equation (38) in equation (37) yields 


R,|v = —R,S(S + 20 sin d) (39) 
Equation (39) is the desired formula for acceleration along the 
arm of a horizontal centrifuge. 

To clarify the conditions under which equation (38) is actually 
nulled, we recognize that 222A, accelerations are negligibly small 
even for the purposes of the present experiment. 

Furthermore, since centrifuge-arm length is 100 in., the ex- 
tension out of the meridian plane for various heading angles is 
negligible. Then there are no conceptual difficulties in using a 
good spirit level (2 sec of arc) to level the centrifuge. 


References 

1 C. R. Wylie, Jr., ‘‘Advanced Mathematics,’’ McGraw-Hill 
Book Company, Inc., New York, N. Y., 1951. 

2 J. L. Synge and B. A. Griffith, ‘‘Principles of Mechanics,” 
McGraw-Hill Book Company, Inc., New York, N. Y., 1949. 


Transactions of the ASME 





F. P. BUNDY 


General Electric Research Laboratory, General 
Electric Company, Schenectady, N. Y. 


Calibration Techniques in Ultrahigh- 
Pressure Apparatus 


Pressure and temperature calibration of ultrahigh-pressure apparatus is described. 


Pressure calibration up to 30 kilobars has been established accurately. 


Above this 


pressures are not known with sufficient absolute accuracy to compare results reliably 
with theoretical predictions of behavior of matter. The effect of pressure on temperature- 
sensing devices, like thermocouples, have been measured over temperature intervals of 


100 deg C up to pressures of the order of 100 kilobars. 


The effect on some thermo- 


couples is appreciable. 


Introduction 


ITHIN the past few years several kinds of apparatus 
have been developed which are capable of maintaining, simul- 
taneously, pressures up to about 100 kilobars! and temperatures 
above 2000 C for periods of minutes or hours. This development 
has expanded tremendously the field of investigation of chemical 
reactions, phase changes, and physical properties of materials 
under extreme conditions. In order that the results obtained 
from these investigations may be compared properly with theory, 
and with the results of other methods of subjecting matter to 
very high pressures and temperatures—shock pressure-wave 
technique for example—it is important that the pressures and 
temperatures be known in absolute terms. The purpose of 
this paper is to present the origins of the pressure and temperature 
scales used in this field, to describe some of the calibration tech- 
niques, to point out some of the weaknesses and discrepancies 
existing today, and to suggest some ways in which improvements 
might be realized. 


Primary Pressure Calibration 


Pressure is force per unit area. Therefore a primary pres- 
sure calibration must measure accurately a definite force acting 
uniformly on a definite area. In hydraulic systems this is 
usually accomplished by having a known weight resting on a 
free piston of accurately known area, and rotating the piston 
assembly to eliminate frictional drag. At pressures above 30 
kb, at room temperature, all substances except perhaps helium 
are in the solid state so that one has to deal with solids. Since 
solids can sustain shear stresses, difficulties arise regarding fric- 
tion and uniform pressure loading of the gage piston. 

P. W. Bridgman of Harvard University spent over 40 years 
of his career investigating physical phenomena at high pressures, 
and his measurements of certain sharp phase-transition phenom- 
ena are used widely today for calibration points for our pres- 
sure scales. 

In 1942 [1]? and later in 1948 [2], Bridgman reported detailed 
work on the compressibilities of a large number of substances, 
measured in a two-stage apparatus. In the first paper he re- 
ported abrupt volume changes in bismuth at 24.9 kb, in thallium 


1 The kilobar (abbreviated kb) is 10° dynes/em.? It is equivalent 
to 1020 kg/cm? or 987 atm. This unit will be used in this paper since 
most workers in the field have adopted it. 

2 Numbers in brackets designate References at end of paper. 

Contributed by the Aviation Division and presented at the Winter 
Annual Meeting, New York, N. Y., November 27—December 2, 1960, 
of THe AMERICAN Society OF ‘MECHANICAL ENGINEERS. Manu- 
script received at ASME Headquarters, August 8, 1960. Paper No. 
60—W A-178. 
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at 39 kb, and in barium at 59 kb. In the second paper he re- 
ported a sharp 11 per cent volume decrease in cesium at 44 kb. 
The frictional hysteresis between loading and unloading this 
apparatus was about 10 per cent at 100 kb. Bridgman believed 
his pressure values on a force-to-area basis were correct, in the 
100-kb region to +2 or 3 per cent, and in the 25-kb region to 
+0.2 per cent. Bridgman’s volume data are shown in Fig. 1. 

In a 1952 paper [3] Bridgman reported the measurement of 
resistance behavior of a large number of materials up to 100 kb 
using a simple flat-face-anvil apparatus. He found sharp 
resistance discontinuities in bismuth at 24.9 kb, thallium at 
44 kb, cesium at 54 kb, and in barium at 78 kb. These are shown 
graphically in Fig. 2. In bismuth the resistance transition 
was definitely associated with the volume change. It seemed 
reasonable to suppose that the volume changes and resistance 
changes should also be the same events in the other metals, 
but Bridgman believed the pressure calibrations of each of the 
two kinds of apparatus used were accurate enough that 78 kb 
as measured on the flat-face-anvil apparatus could not be the 
same pressure event as 59 kb measured in the two-stage appara- 
tus. Hence he concluded that the volume discontinuity and the 
resistance discontinuity in barium were separate physical 
events. Likewise for cesium and for thallium. The reader is 
referred to Bridgman’s papers for detailed description of the 
apparatuses and discussion of the accuracy of the pressure 
calibration. 

As resistance measurements are more easily made than volume 
measurements in most apparatuses, most people working in the 
field of high pressure have used the resistance discontinuities 
of bismuth, thallium, cesium, and barium for pressure calibration 
of their apparatuses. 

Recently Boyd and England [4], using a modified piston-and- 
cylinder apparatus of their own design, have checked the pressures 
at which the bismuth and thallium resistance transitions occur. 
They observed the bismuth transition at a force/area pressure of 
25.2 +0.4 kb which is in satisfactory agreement with Bridgman’s 
value of 24.9 kb. Their value for the thallium resistance 
transition was 37.1 + 1.3 kb, which is considerably lower than 
Bridgman’s value of 39 kb for the volume transition measured in 
a two-stage piston-and-cylinder apparatus. 

At the June, 1960, Lake George Conference on Very High 
Pressure, sponsored by the Air Force (WADC) and General Elec- 
tric Company [5], G. C. Kennedy reported some recent experi- 
ments he had carried out in his laboratory, using piston-and-cylin- 
der apparatus in which the piston could be rotated slightly about 
its axis to relieve axial frictional drag. He found the bismuth 
transition at the same pressure as Bridgman, and to the same 
accuracy. His tests on thallium and barium, though incomplete, 
led him to believe that the volume change and resistance change 
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Fig. 1 Volume transitions observed by P. W. Bridgman 
phenomena occur simultaneously for each of the four metals 
discussed, and that the pressures at which they occur are the 
Av/v pressures first reported by Bridgman. Thus Kennedy 
believes that the pressure values Bridgman used for the flat-face- 
anvil apparatus are too high. 

More careful work will be required to resolve this discrepancy. 
Until it is resolved, workers in the field should indicate the method 
of pressure calibration they use, and comparison of results 
with theory, or the results of other types of experiments, should 
be made only with this possible discrepancy in mind. 

Pressures generated in explosive shock-wave experiments are 
determined from measurements of particle velocity, shock- 
wave velocity, and application of conservation of energy and 
momentum. These pressures can be measured with an absolute 
accuracy of several tenths of a per cent. Temperature rise of 
the sample in shock-wave experiments also can be derived with 
considerable accuracy [6]. Thus the calibration of shock-wave 
experiments is in quite a satisfactory state. 


Some Techniques of Pressure Calibration 


The main purpose of a pressure calibration is to know what the 
chamber pressure is in a “working cell’’; that is, a cell used 
to produce phase changes or reactions in the material under 
test. Since cell geometry, temperature, temperature distri- 
bution, compressibilities of the cell materials, and so on, can all 
affect the pressure attained in the working part of the pressure 
chamber, the geometry of the cell used for calibration should 
be similar to that of the working cell. This requirement prac- 
tically eliminates the use of volume-change phenomena for 
calibration because to make a volume-change calibration point 
observable a large fraction of the volume of the pressure chamber 
must be filled with the calibration substance. On the other 
hand, very small wires of the calibration substance serve well to 
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Fig. 2 High-pressure resistance behavior of bismuth, cesium, thallium, 
and barium (Bridgman) 


Fig. 3 Belt high-pressure, high-temperature assembly 


give a resistance transition calibration point. Thus a small 
conductor of bismuth, thallium, cesium, or barium, surrounded 
by a low-shear-strength insulating material, like silver chloride, 
may be passed through the region of interest in a cell of similar 
structure to the working cell. 

Because of the author’s considerable experience with the 
“belt’’? type of superpressure apparatus [7] examples of its 
calibration will be used here. Fig. 3 shows a cross section of the 
belt apparatus. In this apparatus roughly half the press load is 
earried by the piston face and about half by the gasket region. 
With this large gasket loading it is obvious that the chamber 
pressure cannot be calculated with much accuracy from the press 
load and bore area. A typical calibration cell is made as shown 
in Fig. 4. A slender conductor of bismuth, thallium, cesium, 
or barium is located on the axis. This is surrounded by a sleeve 
of silver chloride which, being soft at all pressures, provides a 
fairly uniform field of pressure around the test wire. The silver 
chloride is surrounded by a sleeve of pyrophyllite stone and by the 
pyrophyllite “flower pots.’’ The cell assembly is inserted in 
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Fig. 5 Bismuth transition at 24.9 kb 





the apparatus, the pistons closed in on it, and the resistance 
between the top and bottom pistons is measured as the press 
load is increased. 

A typical resistance versus press-load curve for bismuth is 
shown in Fig.5. The I-—TII transition at 24.9 kb is characterized 
by the large abrupt drop in resistance. The II — III transition 
is accompanied by a sharp increase in resistance. The “high’’ 
VI — VIII transition, reported by the author in 1958 [8], 
involves a drop in resistance. It is more drawn out than the 
other two, probably because of the gasket becoming thin and 
stiff at the very high press loading required and because of in- 
creased pressure gradients in the cell itself. Upon unloading, 
the reverse transitions occur at much lower press loads. This 
large “hysteresis’’ is believed to be due mainly to two things: 
(1) the reversal of the friction forces between the stone cell 
material and the walls of the pressure vessel, and (2) the different 
“spring constant’’ of the column of material lying between 
the piston faces as compared to that of the materials between the 
gasket regions. The latter is comprised mainly of cemented 
tungsten carbide while the former is chiefly of stone and silver 
chloride, both of which are much more compressible than ce- 
mented tungsten carbide. Thus,as unloading proceeds, the gasket 
zones unload more rapidly than the piston-face area and a given 
pressure can be held in the cell with considerably less press load. 
This large hysteresis shows that the pressure in the cell is not 
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a single-valued function of the press load and some convention 
must be agreed upon about how the operating point is to be 
approached. In the flat-face-anvil apparatus which has similar 
characteristics, Bridgman concluded that meaningful data could 
be taken only on the first up-loading cycle. In our laboratory 
we came to the same conclusion regarding the belt apparatus. 
Thus our pressure calibrations and ‘“‘work runs’”’ have always 
been made on the up-loading cycle. 

A typical resistance versus press-load curve for barium in a 
belt apparatus is shown in Fig. 6. The same hysteresis effect 
between loading and unloading appears again. 

Cesium, being extremely reactive with air and moisture, 
cannot be handled like ordinary wire materials. For long time 
periods it must be kept in a vacuum. For short periods it is 
protected adequately by white mineral oil. A technique suc- 
cessfully used by several workers is to draw molten cesium 
(warm room temperature) into long, slender, thin-walled glass 
capillary tubes. These are kept under mineral oil and used as 
needed by inserting the tube into an appropriate hole in the 
calibration cell, also under oil, when needed. A cell for ce- 
sium calibration is shown in Fig. 7. Before the cell is removed 
from the protecting oil the ends of the cesium column are plugged 
with little ‘‘nails’’ of metal, and these capped with gold foil. 
Then the cell may be removed from the oil, the excess oil blotted 
away, and placed immediately in the pressure apparatus. 

After the resistance-transition data are obtained, the pressure 
versus press-load curve for the apparatus may be plotted as 
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Fig. 7 Calibration cell containing cesium 
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Fig. 8 Pressure versus press load plotted for volume and r 


in Fig. 8. Two scales are shown. The upper one is according 
to Bridgman’s resistance-transition scale and the lower one 
according to his volume-transition scale, the assumption being 
made that the resistance and volume changes are the same event 
in each of the metals. The R-scale is the one used by most 
workers in the field. 

If the calibration wire is surrounded by materials like pyro- 
phyllite, glass, alumina, or magnesia, instead of silver chloride, 
the resistance transitions drag out over larger press-load in- 
tervals, as shown in Fig. 9. This effect is almost certainly due 
to increased pressure gradients in the cell. In addition, the 
press load at which the transition starts is higher because of 
the shielding strength of the ceramic tube against the pressure 
field around it. 

Determination of reaction-chamber pressures at elevated 
temperatures is more uncertain than it is at room temperature. 
After a working cell is compressed to pressure at room tempera- 
ture its core is heated while holding the press load constant. 
As the core is heated several phenomena occur which affect 
the local pressure: (1) The rise of core temperature causes it to 
try to expand against its cooler, stiffer, environment and thus 
increase the local pressure. (2) Volume-reducing phase changes 
or reorganization of the core material caused by the higher tem- 
perature tend to decrease the local pressure. (3) Increased 
temperature of the surrounding material may decrease its shear 
strength, resulting in a more even distribution of pressure within 
the entire cell. (4) Gas generated in the hottest parts of the 
cell may migrate to the outer cell or gasket regions and alter the 
pressure distribution in the entire cell. It is obvious that the net 
result of these various phenomena on the core pressure depends 
upon the geometry, materials, temperature, and time. No broad 
generalizations can be safely made. Accurate knowledge of the 
local pressures in hot cores will depend upon the development of 
reliable small pressure probes which are operable at high tem- 
peratures. 

An estimate of the order of pressure rise which may be ex- 
pected from increasing temperature at constant volume may be 
made by balancing compressibility against thermal expansion. 
Using the data available for nickel,-a temperature rise of 1000 
deg C would increase its pressure to 200 kb. A 200 deg C rise of 
bismuth I would increase its pressure 2 kb. Of course the walls 
of a superpressure vessel cannot maintain the core at constant 
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volume so the actual pressure rise would be less than calculated 
in the ideal case. 

A technique that has been used to smooth out pressure in- 
equalities in long hot runs is to preheat the core, after cold 
compression, to a temperature just safely short of the desired 
reaction conditions for a time long enough to anneal out porosity 
and to complete most of the volume-reducing phase transitions 
in the hot wall material; then allow the cell to cool off under 
full press load; then reheat to the desired reaction temperature. 
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Some observations by H. M. Strong, of our laboratory, using a 
manganin-wire pressure gage placed at the cool periphery of the 
cell, indicated that, following the preheating and cooling of 
the core, the reheating to full reaction temperature increased the 
pressure at the location of the manganin from about 70 to about 
90 kb. During the 40-min reaction period the manganin showed 
a gradual pressure drop of about 5 kb and upon final cool-off 
a further drop of about 16 kb. 


Temperature Calibration and Measurement 


Thermocouples have proved to be the most satisfactory 
indicators of temperature in internally heated ultrahigh-pressure 
cells. One cannot be sure of their absolute accuracy, however, 
because of lack of knowledge of the effect of pressure on their 
normal emf. Bridgman [9], in 1918, reported some extensive 
measurements of this effect on a number of metals for the tem- 
perature range 0 to 100 C and pressures up to 12 kb. In 1939, 
Birch [10] published results of measurements on Pt/Pt 10 per 
cent Rh, and on chromel/alumel thermocouples, for temperatures 
up to 470 C and pressures up to 4 kb. Recently the author [5] 
reported an adaptation of the Bridgman experiment to the belt 
superpressure apparatus which yielded data on eight common 
thermocouple metals over the temperature range 30 to 130 C and 
pressures up to 100 kb (Bridgman R-scale). Since the Bridgman 
and Birch data do not extend to the ultrahigh-pressure region, 
only the latter work will be described here. 

Fig. 10 shows the belt apparatus adapted to ‘“‘pressure’’ 
thermal emf measurements. The top piston assembly was heated 
by a wrapping of nichrome resistance-heating wire. The bottom 
piston assembly was cooled by an air blast. An insulated wire 
of the metal to be tested was led through the gasket adjacent 
to the top piston, but electrically insulated from it; then down 
the axis of the pressurized region along the temperature gradient; 
and finally out through the bottom gasket adjacent to 
the bottom piston. Temperatures at the faces of the top and 
bottom pistons were measured by chromel/alumel thermocouples 
(not shown) which were brought in through the bottom gasket. 
The chromel/alumel thermocouples had already been found to 
have a small pressure effect by Birch, and this was verified by the 
present work. Ideally, the passage of the test wires through 
the pressure gradient in the gaskets should have been isothermal. 
This was not possible, but measurements showed that under the 
test conditions the temperature increased about 6 to 8 deg C 
from inside to outside the hot gasket and decreased about 
2 deg C at the cool gasket. It was estimated that these devia- 
tions from ideal would produce an error of less than 5 per cent in 
the total: result. 
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Fig. 10 Arrangement for “pressure’’ thermal emf measurements in belt 
apparatus 
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Since this thermocouple circuit is all of the same kind of 
metal its principle should be explained. The “hot junction’ 
is where the metal wire goes through the pressure seal at the 
hot piston; the “cold junction’”’ is where it goes through the 
pressure seal at the cool piston. One branch of the thermocouple 
is the pressurized wire extending along the temperature gradient 
between the hot and cool ends of the cell. The other branch 
is the same kind of wire at atmospheric pressure extending 
through the same temperature difference as the pressurized 
branch of the wire. Both terminals of the potentiometer, and the 
potentiometer itself, are at uniform temperature so no emf can 
be generated in that part of the circuit. Since the pressurized 
branch of the wire has a different thermoelectric coefficient 
than the unpressurized branch, there is a net thermal emf which 
is measured by the potentiometer. This is the ‘pressure’ 
thermal emf. It is defined as positive if electrons tend to go 
from the pressurized to the unpressurized metal at. the hot junc- 
tion. 
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Fig. 11 Pressure thermal emf's for several frequently used thermo- 
couple metals to 100 kb for a AT of 100 deg C 


The results of the measurements are shown in Fig. 11. Con- 
stantan and platinum show the strongest eftects; nickel, alumel, 
and Pt 10 per cent Rh show about the same medium effect. 
Copper has a weak positive effect, while chromel and Ni 18 per 
cent Mo have weak negative effects. These pressure thermal 
emf’s may be used to find the effect of pressure on the net emf of 
regular thermocouple pairs. The difference of the pressure emf’s 
in each branch of the thermocouple must be added to the normal 
thermal emf if it aids the normal emf—or subtracted if it opposes 
the normalemf. Of the 28 thermocouple pairs that may be made 
from the eight metals tested, only three pairs have additive 
pressure emf’s. The corrections, in deg C, to four common 
thermocouples which are subject to AT of 100 deg C within the 
pressure field, are shown in Fig. 12. The pressure effect causes 
these four to read too low, so the corrections shown on the graph 
should be added to the temperatures derived from the standard 
temperature/millivolt tables. 

The temperature range over which pressure thermal emf’s can 
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Fig. 12 Corrections as a function of pressure for four common thermo- 
couples subjected to a 100-deg-C temperature drop in the pressure zone 
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Fig. 13 Six-wire commen-junction thermocouple in a squirrel-cage 
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be measured directly, as in Fig. 10, is limited by the temperature 
to which the top piston and gasket assembly can be heated 
without mechanical or electrical failure. There is little hope 
of carrying this above 300 to 350 C at 100 kb. Thus this setup 
-is probably not capable of yielding the data required to correct 
thermocouple readings above the 500-C level. It is not sefe 
to extrapolate very far above the actual low-temperature data, 
as has been shown by common-junction thermocouple tests which 
will now be described. 

A cell was made with a six-wire “squirrel-cage’’ heater, 
and six thermocouple wires extending radially inward on the 
equatorial plane to a common junction at the center, as shown 
in Fig. 13. The thermocouple wires were brought out through 
the bottom gasket of the belt apparatus. The temperature and 
pressure fields of each thermocouple wire were the same, due 
to the symmetry of the system. After the cell had come to 
thermal equilibrium at a given power setting, the emf’s between 
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the different thermocouple pairs were measured, and their 
“standard millivolt table temperatures’’ looked up and compared. 

Fig. 14 shows the difference between the ‘temperatures’ 
indicated by the chromel/alumel and Pt/Pt 10 per cent Rh ther- 
mocouples plotted against the Pt/Pt 10 per cent Rh tempera- 
ture for four different pressures. Below 400 C these tem- 
perature differences are consistent with the data presented in 
Figs. 11 and 12. Above 400 C it is obvious that some other effect 
takes over on one, or both, of the thermocouples. Since there 
are no absolute data on which to base corrections in this higher 
temperature region it has been customary to report temperatures 
as given by the standard temperature/millivolt tables, naming 
the kind of thermocouple used, and assuming the true correction 
to be less than 10 per cent. This obviously causes an unreliabie 
situation when one attempts to measure the effect of pressure on 
melting points, or phase equilibrium lines, at high pressures and 
temperatures. 

Resistance thermometers offer even more uncertainties than 
thermocouples because of the unknown effects of plastic strain, 
and/or pressure, on the temperature coefficient of resistance. 

There is a possibility that true temperatures can be measured 
from the thermal electronic noise generated in a resistor placed 
in the hot core of a pressure cell. The noise level would depend 
only on the resistance and the temperature. The resistance and 
noise spectrum could be measured from outside the cell, and from 
these the true temperature could be derived. Garrison and Law- 
son [11] have already demonstrated the feasibility of this method 
in lower pressure systems. 


Summary and Conclusions 


Absolute-pressure calibration of static-pressure apparatus 
above 30 kb is not in a very satisfactory state at the present time. 
In reporting their results, workers should specify the basis of 
their calibration. The most-used scale today—that based on 
Bridgman’s valuts for resistance transitions in bismuth, thallium, 
cesium, and barium—is certainly accurate at 25 kb but may be 
25 per cent high at 100 kb. 

In shock-wave work absolute pressures are known to about 
1 per cent accuracy. When the pressure ranges of static-pressure 
apparatus and of shock-wave systems can be made to overlap 
enough, some sharp phase change may be observable on both. 


This would be of great help in the absolute calibration of the 
static system. 
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Thermocouple readings up to about 400 C can be fairly reliably 
corrected for pressure effects. Above 400 C little is known for 
certain, so that workers should explain how they obtained any 
temperatures they quote. 

A large effort and some new approaches are very much needed 
to extend the range of absolute calibration in both pressure and 
temperature measurement in ultrahigh-pressure apparatus. 
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DISCUSSION 
Phillip N. LaMori* 


The position taken by Dr. Bundy in regard to high-pressure 
calibration approaches that of the writer. However, I believe 
certain information regarding high-pressure calibration should be 
stated more clearly. 

The data on the ultrahigh-pressure polymorphic transitions in 
metals as presented by G. C. Kennedy (coauthored with the 
writer) at the Lake George Conference determined the values of 
these transitions to a high degree of precision and a stated un- 
certainty. The data are again presented in Table 1 with the 
addition of the Barium II-III point. 

The method used in determining the values of these transitions 
is that of a free piston gage. The apparatus is a supported 
tungsten carbide pressure vessel similar to that described by 
Boyd and England (1960). When a transition was detected by 
volume measurements the piston was rotated to relieve friction. 
This was done on both increase and decrease of pressure. 

The values thus determined should be preferred to those of 
Bridgman. Bridgman’s values were not determined with as 
high a precision nor do they have a stated uncertainty—except in 
the case of the Bismuth transitions. 

Above 25 kb the graph of ‘‘Pressure versus press load plotted 
for volume and resistance—transition data’’ for the Belt appara- 
tus, as shown by Bundy, has a marked curvature on the volume 
scale. This would indicate that the friction in the Belt increases 


3 Institute of Geophysics, University of California, Los Angeles, 
Calif.; presently, Allied Chemical Corporation, General Chemical 
Research Laboratory, Morristown, N. J. 
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greatly with increase of pressure. This anomaly is removed by 
using the writer’s and Kennedy’s data for the thallium and cesium 
transitions on the volume scale (Fig. 15). 

Bridgman (1942) has shown by volume measurements that Bi 
has a transition at 89Kb. (Balchan and Drickamer (1960) have 
reported a transition in Bi at 90 kb by electrical measurements. ) 
The extrapolation of our volume scale on the above plot to 89 kb 
indicates a press load of approximately 290-300,000 lb on the belt. 
The value of 290-300,000 lb press load for the Belt is (exactly) 
the value that Bundy (1958) reports for the suggested Biy1-vii1 
transition at 122.5 kb. These data woul/ indicate that this tran- 
sition is in fact the 89 kb Biyr-yir transition of Bridgman. 
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A. 8S. Balchan and H. G. Drickamer, ‘‘A High Pressure Electrical 
Resistance Cell, and Calibration Points Above 100 Kilobars,”’ De- 
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Table 1 
Bir-Bir 
Bin-Biin 
Tla-Thit 
Csy-Csi1 
Ban-Bait 


Transition pressures of metals 


25.37 + 0.02 kb 
26.96 + 0.18 kb 
36.69 + 0.11 kb 
41.7 + 1.0 kb 


59.0 + 3.0 kb tentative 
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Author's Closure 


Since the manuscript of this paper was sent in, some important 


experimental results have been reported. These are: 


I. G.C. Kennedy and P. N. LaMori report the following val- 
ues for the volume transitions listed below, using their improved 
apparatus: 


Bi(1-2) 25.4 + 0.1 kb 
Bi(2-3) 27.9 + 0.2 kb 
Tl(2-3) 36.7 + 0.1 kb 
Cs(1-2) 22.6 + 0.6 kb 
Cs(2-3) 41.8 + 1.0 kb 
Ba(2-3) 60 +? kb 


II. H. G. Drickamer reports AR tests on Bi and Ba, run in 
his ‘optical’ apparatus,‘ using optical absorption band edge 
calibration above 25 kb; 


low Bi 


25 kb 


Ba 58-60 kb 
high Bi 


89-92 kb 


Note that these values for AR transitions agree quite well with 
AV transitions reported by Bridgman. This agreement strength- 
ens the belief that the AV and AR transitions originally reported 
by Bridgman to occur at different pressures are in reality the same 
phenomena (for a given metal) and that Bridgman’s AV values 
have the best absolute accuracy. 

III. Balchan and Drickamer® have modified their “optical’’ 
ultra-high pressure apparatus to attain considerably higher pres- 
’ sures and have obtained AR measurements at pressures as high 
as 500 kb. Their calibration for this high pressure range was 
based on R/Ry as a function of V/V» of metals like Pt and Pb 
which exhibit smooth normal behavior in the 0 to 30 kb region 
according to Bridgman’s measurements in apparatus with liquid 
pressure medium. They then extrapolated to pressures higher 
than 30 kb by using PV data for these metals obtained by shock 
Such a large extrapolation (30 to 300 kb) would 
be considered very precarious except that a strong AR transition 


wave methods. 


‘Fitch, Slykhouse, and Drickamer, Journal, Optical Society of 
America, vol. 47, 1957, p. 1015. 

6’ A. S. Balchan and H. G. Drickamer, MS submitted to Review of 
Scientific Instruments for publication. 
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in Fe was found at 133 kb on this scale, which checks very well 
with a pronounced AV transition already known in Fe at 131 kb 
from shock pressure experiments. Pressures in shock wave ex- 
periments are known with an absolute accuracy closer than one 
per cent so that AR transition in Fe found by Balchan and 
Drickamer may be considered as a fairly accurate pressure 
calibration point. 

In addition to the Fe transition, Balchan and Drickamer found 
one in Ba at 144 kb, one in Pb at 161 kb, and one in Rb at 193 kb. 
They found a rather broad maximum in the resistance of Ca at 
about 375 kb. 

On the basis of these very recent results it may now be con- 
cluded that a fairly reliable absolute pressure calibration scale 
up to 200 kb at room temperature is available, based on the fol- 
lowing nine abrupt electrical resistance transitions: 


low Bi 25.4 kb 
Tl 37 kb 
Cs 42 kb 
low Ba 59 kb 
high Bi 89 kb 


Fe 133 kb 
high Ba 144 kb 
Pb 161 kb 
Rb 193 kb 


The R/R)’s versus pressure for these metals are shown graphically 
in Fig. 16. 
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On the Determination of the Influence of 
an Axial Preload Owing to Bolting on a 


Cylindrical Pressure Vessel 


An tdealization of a cylindrical pressure vessel with end plates fastened by longitudinal 
bolts is considered. The initial axial preload is restricted to be below the load necessary 
to begin plastic flow and the bolting is assumed elastic throughout the application of 


pressure. 


Introduction 


A THIN-WALLED, right circular cylindrical, statically 
loaded, pressure vessel with two rigid end plates which are held 
against the cylinder ends by longitudinal elastic bolts is con- 
sidered, Fig. 1. The junction of the cylinder and end plates is 
assumed frictionless; i.e., the end plates do not restrain radial 
motion of the cylinder. 


elastic bolts 





= elastic-plastic cylinder 

















“rigid cap 


Fig. 1 Sketch of system under consideration 


The problem is to determine the influence of the bolting pre- 
load, which is applied by the end plates on the cylinder, on the 
maximum pressure at which leakage is prevented. The procedure 
followed in this paper is to determine the lowest value of the 
monotonically increasing pressure that leads to a tensile longi- 
tudinal stress in the cylinder. Clearly, the first point at which a 
tensile longitudinal stress occurs should be interpreted as the 
beginning of leakage between the end plates and cylinders. It is 
assumed in this analysis that the initial preload does not cause 
yielding of the cylinder and that the elastic limit of the bolting is 
never exceeded. 


Preliminaries to Solution 


The axial bolts are tightened so that the end plates exert a 
compressive load W on the cylinder with the restriction that 

Contributed by the Machine Design Division and presented at 
the Winter Annual Meeting, New York, N. Y., Novmber 27—Decem- 
ber 2, 1960, of Tuk AMERICAN Society OF MECHANICAL ENGINEERS. 
Manuscript received at ASME Headquarters, July 28, 1960. Paper 
No. 60—W A—133. 
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The elastic solution is obtained and the plastic solution may be found by a 
numerical integration. 


An illustrative problem is included. 


where 


r = radius of thin-walled cylinder 
t = thickness of thin-walled cylinder 
6) = initial yield point of cylinder material 


From this preloaded position the cylinder material displace- 
ments w(z), in the axial direction, and u, in the radial direction, 
are measured. If w(0) is zero then, assuming the bolting remains 
elastic, the longitudinal stress o, in the cylinder when internal 
pressure is applied is 


W 
~ E + kui) | 


= relative axial displacement of end plates measured 
from preloaded position 
k = a “spring constant’’ for the bolting 
L = length of cylinder 


The circumferential stress @¢@ is 


a= = (3) 
t 
and the radial stress o, is assumed zero since r/t > 1 for the 
cylinder. 
The solution is further restricted to small strains so that the 
changes of strain from the preloaded position are, 


w(L)/L 
(4) 


e, = change of axial strain from preloaded position = 


= change of circumferential strain from preloaded position 


The elastic solution will first be determined and then the plastic 
solution will be set up so that it can be found by a numerical in- 
tegration. 


Elastic Solution 


Hooke’s law applied to an element of the cylinder yields 


w(L) 1 pr pr \ ' 
_— - =< pty) —. e— > (6) 
L E | so ] ay 
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where E = Young’s modulus. 
Equation (6) may be substituted into equation (2) to eliminate 
w( L) with the result that 


pr 1 — Qu W 
“Sry swt ee (8) 
2t (E/kL) + 1 2mrt 


As was previously explained, the maximum pressure p* is found 
by- setting o, to zero. Equation (8) determines p* as follows: 


¢, = 


F (E/kL) + 1 
To ascertain whether or not p* produces a stress state beyond the 
elastic region of the material, the yield criterion must be applied 
to the stress state to find if &, the initial yield point, has been ex- 
ceeded. The distortion-energy criterion due to Hencky-von 
Mises-Huber is used in this paper. The result is that if 


_. 8fe\ Ww 
~ pe tet ~ SAT} i 


when p = p* then equation (9) determines the maximum pres- 
sure. 


a? > 0,’ 


+ »| (10) 


The pressure pp associated with initiation of plastic flow is found 
by replacing the inequality symbol in inequality (10) by the 
equality symbol, eliminating w(L) in the resulting equation by 
use of equation (6), replacing p by po, and solving for po. The 
only positive root is 


(1 + 2y)? ( Ww yy" ( Ww 
7134 ——__ | 3{—}?-? —2{— 
(E/kL + 1)? Qmrt} Qnrt 


1 


(deg) piastic we ie oF 


——*d\ = 1, E (7) Pap ae ku) | dX (14) 


2rrt 


| e- B) ; dp + pkdw(L) 


and the work-hardening relation is 


Fe f 1 
7s f J [(de,)piastic® + (de,)piastic (deg) piastic + (deg) piastic’] mt 
\ all plastic deformation 
from reference state 


(15) 


or, after substitution of equations (12), (13), and (14) into (15) 


an (my 4 (% + ww a. 

' 1( ; ) (* kw(L)) | 

| 7 (") | = Ts. 6 
- i f ys “1 + den + bul) V3 (16) 


. all plastic deformation 
from reference state 


The reference state for the problem is the unloaded cylinder and 
consequently 


S(O] = & (17) 


Assuming a one to one correspondence between @ and 


f ((de,)pisst ic® + (de,)piastie (degpiastic) + (deg) prastic?| sn 
a 


ll plastic deformation 
from reference state 


the equation (16) can be inverted? as follows: 


) (cence) 
(E/kL) + 1 





\2 


3 4 ESET 
~ " [(E/kL) + 1]? 
The result of the 


elastic solution may now be stated as follows: The maximum 
pressure is p* if p* < pp. 


which is always positive due to inequality (1). 


Plastic Solution: 

If po < p* then the maximum pressure, denoted by p**, must 
be determined from a plasticity solution. In order to find a 
plasticity solution the yield function of Hencky-von Mises-Huber 
is used; i.e., 


(&)? = (current yield point)? = o,2 — 0,05 + 6? 


2 W ; 
as ) + {— + ku) (12) 
2rrt 


The Prandtl-Reuss stress-strain equations are used; i.e., 


i = du( L) 1 a. r d kd I 
(d€,)piastie = ay ~* oF (1 — 2p) : p — kdw(L) 


a W 
sha -[ - + hut dd (13) 
3 2rrt 


1 The terminology used in this paper is the same as that defined by 
R. Hill, in ‘‘The Mathematical Theory of Plasticity,’ Oxford Univer- 
sity Press, London, England, 1950, chapter 2. 
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oo (11) 


Js (2) E bi he a 
f % T) * tn V3 
=x f-111 23/7, (7 a kw 

f Ik 8 + one + kw(L) f (18) 


and finally the differential of equation (18) is taken to yield 


js, (2 a t ed 
Y/ ( t . Ee ” bot v3 
‘ . I/ , 
Dele) terme 
| t 2rrt 
(vr W 
{1,( ") () dp +[ — + kw) | ki) (19) 
t t 2rrt 


where the prime denotes derivative of a function with respect to 
its argument. Now dd can be eliminated from equation (19) 
with equation (13) to give an equation which can be solved for 
dw(L)/dp as follows: 


? The reader should note that this is not always possible. In par- 
ticular, a perfectly plastic material (no work-hardening) cannot be 
put into the form of equation (18). 
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where 


W 
—— + kw(L) 


_ 2nrt 
t 
If the function f is known the solution can be accomplished nu- 


merically from equation (20) when p* > pp as follows: 


1 For a selected W/2mrt determine po from equation (11), 
with po = p determine kuw(L) in equation (6) and denote it as 
kwo( L) 

2 Substitute values for p, and kw,(L) where n = 0,1,2... 
in sequence into equation (20) to obtain 


k{dw(L)/dp), 


3 Select a small increment in pressure Ap, and determine new 
input for step 2 as follows: 


Pati = Py + Ap 


dw( L 
kweri(L) = kw,(L) +k (“x ?) Ap, 
dp /» 


4 Substitute p+: and kwp+(L) into Step 2 and continue this 
procedure. For each set of values p, and kw,(L) compute 


om 


7 sank 
(™’) 


The value of the pressure which makes (1/2) — & zero is denoted 


p**. This result can be stated as follows: 
p** is the maximum pressure. 


When p** > po then 


57) initial yield 


Pot 
too 


i i iL 1 





50 1 i 1 l i i 
96 98 wo 102 104 106 1.08 


Fig. 2 Dependence of dimensionless parameters, £ = (1/2) — o:/(pr/t) 
on the dimensionless pressure, pr/t7o, for the illustrative problem 
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Fig. 3 Dependence of the dimensionless relative axial displacement 


of the end plates, kw(L)/ ay, on the dimensionless pressure, pr/too, for the 
illustrative problem 


dw(L) 
«( dp 
initial yield 
+i € 








=@h 


Fig.4 Depend of the di ionless rate of increase of axial length 
of the cylinder with pressure, k[dw(L)/dp], on the dimensionless pressure, 
pr/tG, for the illustrative problem 





The foregoing procedure can be followed for different values of 
W/2mrt and the dependence of p** on this parameter can be 
found. 


Illustrative Problem 


To show typical predictions of the foregoing analysis, the follow- 
ing example is presented: 


kL 10’ psi 
E = 3X 10' psi 
bu 0.3 
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10,000 psi 


The results of a tension test give the following relationship 
between the tensile stress o, in psi, and the plastic tensile strain 
e?: 


ss eo = 


1 
7 10-” (o — 20,000)? oa > 20,000 psi 


and 


&) = 20,000 psi 


which gives 


1 
fz) = 7 10-"(z — 20,000)" 


and therefore 


[f-%x)]’ = — 10-2 — 20,000)! 
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Now, from equation (11), 


Por 


0 


= 0.965667533 


while, from equation (9), 


* 


pr 
tG 


= 1.111 


Since p* > po a numerical integration must be employed to find 
p**. The procedure outlined in the previous section was used to 
determine the solution from p = po to p = p**. Fig. 2 shows 
a plot of & versus pr/t&. Clearly, when & = 0.5, a, = 0, and this, 
from the figure, gives p**r/t@ as 1.079. Plots of kw(L)/& and 


du(L) 
+ ( dp ) 


versus pr/t@ are given in Figs. 3 and 4 to indicate the nature of 
the numerical integration. 
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Shaft Whirling as Influenced 


E. H. HULL 


Engineer, Research Laboratory, General 
Electric Company, Schenectady, N. Y. 
Mem. ASME 


by Stiffness Asymmetry 


Using elementary apparatus and instrumentation, shaft whirling has been investi- 
gated for three cases involving round or flattened shafts in combination with uniform 
or asymmetric stiffness bearing supports. 


The type of whirl observed varies with the 


combination of asymmetries used. Single and double-frequency whirls have been 


noted, both forward and backward with respect to shaft rotation. 


Studies of the phase- 


angle changes required by the running conditions have indicated the reasons for whirl 
direction and frequency. 


Introduction 


XPERIENCE has taught that most shaft whirls are 
forward; i.e., the shaft center moves in the same direction as the 
shaft rotation. For instance, mechanical unbalance causes a 
closed-loop motion of the shaft center in a forward direction as 
does oil whip, internal friction, shrink-fit friction, and many other 
disturbing phenomena. Occurrences of backward shaft whirl 
are less common; a journal rolling around in a dry bearing con- 
stitutes the most familiar example. Backward whirl associated 
with gyroscopic effects has been observed [1, 2]. 

In 1957 Downham [3] showed that a shaft, rotating in bearings 
having different support stiffness in the vertical and horizontal 
directions, whirls backward in the range between the critical 
speeds caused by this asymmetry. Several questions arise in 
connection with this shaft behavior such as: 

1 What are the phase-angle relations during backward whirl? 

2 How does the shaft change from forward to backward whirl? 

3 What phenomena appear when an asymmetric stiffness 
(flat) shaft is rotated in asymmetrically supported bearings? 


These and other questions are answered in the results of a 
series of three experiments made with extremely simple equipment 
and instrumentation. 


Case I 
shaft. 

Case II Symmetrical stiffness bearings supporting an asym- 
metrical stiffness shaft. (No backward whirl here.) 

Case III Asymmetric stiffness bearings supporting an asym- 
metric shaft. 


Asymmetric stiffness bearings supporting a round 


Our prime objective is an understanding of the behavior of an 
asymmetric stiffness (flattened) shaft rotating in bearings sup- 
ported with unequal stiffness in the vertical and horizontal di- 
rections (Case III). For convenience we choose to separate the 
stationary and rotating asymmetries for individual consideration 
in Cases I and II. After observation of these cases separately, 
they are combined in Case ITI. 


Apparatus 


As indicated in the foregoing and in Figs. 1 and 2, the apparatus 
used in this exploratory study is simple. An over-age, retired 

1 Numbers in brackets designate References at end of paper. 

Contributed by the Machine Design Division and presented at 
the Winter Annual Meeting, New York, N. Y., November 27- 
December 2, 1960, of THe AmMerIcAN Society oF MECHANICAL 
ENGINEERS. Manuscript received by ASME Applied Mechanics 
Division, November 24, 1958. Paper No. 60—-WA-252. 
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lathe driven by a d-c motor turns a.5/j-in. drill-rod shaft by 
means of a collet at the headstock end. The free end of the 
shaft carries a disk unbalanced by a screw and nut. Inboard of 
the disk, the shaft passes through a safety stop which is a hole in 
a plate held in the lathe steady rest. Near the collet end of 
the shaft a damper, consisting of a piece of oiled felt riding on the 
shaft and lightly squeezed between two plates, discourages tran- 
sients. In the first and third of the three experiments mentioned, 
an outboard bearing is held between two vertical springs in ten- 
sion. This arrangement supplies the asymmetric bearing sup- 
port stiffness. Rotating stiffness asymmetry is introduced in 
Cases II and III by milling flats on the 5/\.-in. shaft as shown in 
Figs. 2(b and c). The shaft rotation is counterclockwise (CCW) 
in all experiments. 

Loci of the free-end shaft center are observed by light reflected 
from a ball set in the disk center and focused by a lens on paper 
attached to the clip board at the extreme right of Fig. 1. Any 
shaft-center locus may be recorded by tracing with a pencil the 
light path projected on the paper. Displacements are magnified 
by about five in this optical device. Shaft speeds are low, 0 to 15 
revolutions per sec (rps), and displacements large, so that the form 
and direction of whirl can be observed by eye on the paper screen. 

Phase angles are determined by marking the edge of the disk 
with chalk. As usual when using this venerable method, chalk 
is held lightly against the disk edge while the shaft is rotating 
under the conditions being investigated. The point on the disk 
circumference which is running farthest from the center of rota- 
tion will carry the chalk mark. When working with systems in 
which phase angle is not constant during one revolution, the 
chalk is presented to the disk edge from several radial directions. 
This procedure allows the phase-angle changes to be followed as 
the shaft turns at constant speed. As will be shown later, in 
some instances the phase changes 1080 deg with respect to the 
shaft for each revolution of the shaft. 


Case | 


For this first experiment the apparatus was arranged as 
sketched in Fig. 2(a). 

In addition to observing a backward whirl as described by 
Downham [3], we wished to investigate: (1) Phase-angle changes 
in the region between the two critical speeds determined by the 
bearing-support asymmetry, and (2) the shaft behavior while 
changing its direction of whirl. 

Shaft natural frequencies were measured for the conditions 
shown in Fig. 2(a). The motion of the shaft after plucking was 
recorded by means of a velocity pickup, amplifier, and direct- 
writing oscillograph. Frequencies were determined by compari- 
son with a 60-cps timing wave traced on the same paper record. 
09 
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Fig. 1 Apparatus showing collet support of shaft, damper, stop, spring-supported bearing, disk, ball, lens 


and screen 














q> 
| | CASE 
|; i 


hs shied 





_——_———————____—__—._ 


if 

> ¥ 
i. 

yy 





DISK 
AND 
UNBALANCE 


UI > ie 
LATHE 
COLLET 


DAMPER STOP ‘Spring 


BEARING 


Fig. 2 Shaft and bearing arrangements shown in elevation: 
Il—round shaft im asymmetric stiffness bearing; 
shoft; 


(2) Case 
(b) Case Il—flattened 
(c) Case Ill—flattened shc‘t in asymmetric stiffness bearing 


Measured natural frequencies were 6.99 cps in a vertical direction 
and 5.13 cps horizontally. These frequencies are plotted as 
vertical lines on the speed-displacement curve, Fig. 3, for this 
shaft arrangement. As the rotating speed of the shaft is raised 
the horizontal and vertical components of the whirl appear as 
plotted. These 
are reproduced from tracings made from the light projection of 
the shaft-center locus on the paper screen. 
~ is indicated on these loci. 

Results, shown in Fig. 3, are as described by Downham [3]. 
Introducing stiffness asymmetry in a bearing support has pro- 
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Whirl patterns for some shaft speeds are shown. 


Direction of whirl 
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duced two critical-speed peaks, one for horizontal and the other 
for vertical displacements, where one peak would have existed 
with symmetrical bearing supports. Shaft whirl is forward; 
i.e., the shaft center locus travels in the same direction in which 
the shaft is turning, for shaft speeds from zero to the lower crit- 
ical and above the upper critical. Between the two criticals, 
the whirl is backward with respect to the shaft rotation. 

An examination of the phase-angle situation between the two 
critical speeds will explain the backward whirl in this speed range. 
Chalk-mark data, Fig. 4, taken at a shaft speed of 5.88 rps, be- 
tween the two criticals, show the continuously changing phase 
angle as the shaft rotates at constant speed. The left side of 
Fig. 4 shows views of the disk attached to the free end of the 
shaft taken at eight points on the displacement trace. Chalk 
is presented to the shaft from the directions shown, making a 
chalk mark on the disk edge. The position of this chalk mark 
is represented in Fig. 4 by a short radial line. Unbalance position 
is indicated also. The unbalance phase-angle data for one half 
of the trace revolution, obtained from the chalk-mark records, 
are sketched at the right in Fig. 4. In this series of sketches 
O represents the zero speed position of the free end of the shaft, 
O’ the deflected position of the shaft end, and M the center of 
gravity of the system. The unbalance or mass phase angle ¢ 
is measured from OO’ extended, to O’M in the direction of shaft 
rotation. Thus we see that shaft displacement or whirl 
is associated with OO’ and shaft rotation with O’M while the 
phase angle is determined by the angular difference between 
O00’ and O'M. 

Remembering that these data were obtained below the vertical 
and above the ho.izontal critical speeds we would expect the 
phase angle to be nearly zero in position 5 of Fig. 4, as itis. A 
quarter turn of the shaft in the CCW direction brings the dis~ 
placement to maximum in a horizontal direction as shown in 
position 7. Since, for horizontal motions, the shaft is running 
above its critical speed, we expect to, and in fact do, find the phase 
angle to be nearly 180 deg. At this point we may notice that 
although the shaft, O’M, has rotated 90 deg CCW the displace-~ 
ment vector, OO’, has rotated through the same angle in a CW 
direction. This is backward whirl. 

The intermediate position 6 shows the manner in which OO’ 
and O’M reached the configuration shown in position 7 from 
position 5. During the remainder of the revolution this process 
is repeated. While the shaft is making one CCW revolution, 
the shaft displacement or whirl as indicated by OO’ makes one 
CW revolution and the phase angle @ completes two CCW revolu- 
tions. This behavior is necessary since the phase angle must 
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Fig.3 Case l—vertical and horizontal displacement versus shaft speed 
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Fig. 4 Case l—phase changes during backward whirl at 5.88 rps 


change from zero to 180 deg and back to zero (360 deg) twice per 
shaft revolution in order to satisfy the requirements in running 
through a critical-speed phase change twice per revolution. If 
the shaft whirled forward under these conditions it would be 
necessary for O’M to rotate 270 deg CCW in passing from position 
5 to 3. Since O’M and the shaft rotate together this requires a 
whirl at !/; shaft speed. This does not agree with the observed 
attitude at the intermediate position 4. Thus we see that the 
shaft must whirl backward to satisfy the phase-angle require- 
ments. 

Fig. 5 shows a plot of data derived from the chalk-mark records 
in Fig. 4. During backward whirl, the phase angle increases at a 
rate equal to twice the shaft angular velocity and in the same 
direction as the shaft is turning. Above and below the critical- 
speed range, phase-angle behavior is as one would expect in a 
normal shaft. 

When one examines the whirl traces shown in Fig. 3, the second 
question in the Introduction may be asked. Below the hori- 
zontal critical (5.13 rps) the elliptical whirl patterns are generated 
in a CCW direction. Between the two critical speeds the whirl 
patterns are generated in a CW direction. One may inquire how 
the CCW angular momentum of whirl is changed to CW mo- 
mentum. It is not reasonable to assume that the whirl pattern 
becomes a horizontal straight line at the horizontal critical speed 
since Fig. 3 indicates that the vertical component of ‘whirl is 
probably not zero at this speed. 
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Fig. 5 Case I—phase angle versus shaft rotation during backward 
whirl 


The actual behavior may be predicted from consideration of 
the phase-angle situation when the shaft is running at its hori- 
zontal critical speed but below the vertical critical. Under these 
conditions the phase angle associated with the horizontal motion 
will be 90 deg and that for vertical motion nearly 0 deg. This 
means that the horizontal displacement lags the unbalance by 
90 deg but the vertical displacement is in phase with the un- 
balance. In other words, horizontal and vertical displacements 
attain their maxima at the same instant, become zero simultane- 
ously, and reach their negative maxima coincidentally. This 
dictates a displacement pattern which is a straight line sloping 
upward to the right. 

In order that the shaft arrangement shown in Fig. 2(a) could 
be run at the horizontal critical speed, the damper was moved 
toward the free end of the shaft and the spring-plate pressure 
increased. With these adjustments a speed-displacement curve 
was obtained as shown in Fig. 6. The whirl trace recorded at the 
horizontal critical was a straight line sloped as shown and as 
predicted. Thus we have a displacement pattern for the hori- 
zontal critical speed which contains a vertical component but 
zero angular momentum. This trace shape answers adequately 
any general questions concerning the behavior of the shaft in 
passing from forward to backward whirl. 
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Fig. 6 Case l—displacement-shaft speed curves for increased damping 


A nonrotating fixed-free rectangular bar exhibits the same type 
of motion after the free end is plucked. The free end will describe 
a series of figures starting, for instance, with an ellipse generated 
in a CW direction which passes through a diagonal straight-line 
transition to a CCW-generated ellipse, and so on. 


Case Il 


The second step in understanding the behavior of a rotating 
asymmetric shaft in asymmetric bearings is undertaken with the 
apparatus arranged as shown in Fig. 2(b). A shaft with flats 
milled as indicated is substituted for the round shaft used pre- 
viously. The outboard bearing is removed. Unbalance is 
placed in the plane of the stiff axis of the shaft. We now have an 
arrangement in which an asymmetrically stiff, horizontal shaft 
rotates in symmetric stiffness bearings. Backward whirl should 
not appear with this experimental arrangement. 

Natural frequencies of this shaft without the damper in place 
were determined to be as follows: 


4.12 eps in a direction perpendicular to the shaft flats. 
4.49 eps parallel to the shaft flats. 


Since a flattened horizontal shaft experiences two gravity- 
deflection cycles per revolution [4-9] the natural frequencies as 
noted will be excited when the shaft is running at a speed corre- 
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sponding to approximately one half this frequency, as well as 
when there is a one-to-one frequency correspondence. These 
four resonant speeds are shown in Fig. 7 as vertical lines, two 
half critical speeds, and two normal critical speeds. Such a 
shaft is known to be unstable in the range between its critical 
speeds when there is little or no damping present. 

At low speed, 0.3 rps, the center of the free end of the shaft 
describes two circular, superimposed paths per revolution. As 
speed increases the mechanical unbalance causes one of these 
two loops per shaft revolution to increase slightly so that, at 
1.59 and 1.72 rps, the displacement traces reproduced in Fig. 7 
show two separate loops per revolution. As mentioned in the 
foregoing, the double-frequency deflection characteristic of an 
asymmetric stiffness shaft excites the normal critical speeds when 
the shaft is turning at half-critical speed. In the range between 
half and normal critical speeds the shaft loci change from two to 
one loop per shaft revolution. The trace at 2.64 rps shows the 
second loop reduced to half size. At 3.47 rps the smaller loop 
appears only as an indentation in the once per revolution whirl. 
Evidence of this extra loop persists even after passing through 
the normal critical speeds. When the displacement trace is 
examined stroboscopically it is seen that there is a definite 
lower velocity region marked as “‘hesitation’’ in Fig. 7 on the 
6.55 and 7.32-rps traces. In all cases each displacement trace 
shown is nontransient and executed during one shaft revolution. 

An examination of the phase-angle behavior of this apparatus 
within the speed range shown in Fig. 7 discloses three regions of 
phase shift. In the half-critical speed range, shaft deflection 
changes 90 deg with respect:to shaft stiffness. Between half 
and full criticals the unbalance phase angle adjusts itself to zero 
degrees after the stiffness phase-change upset. On passing 
through the normal critical-speed range the familiar 180 deg 
change takes place. 

Fig. 8 depicts the 90-deg change in the phase relation between 
shaft stiffness and shaft deflection which appears while passing 
through the half-critical speed range. This figure presents data 
derived from chalk markings on the disk periphery. On a replica 
of a displacement trace are marked the position of the shaft flats 
and unbalance for several whirl positions. Below the half- 
critical speed, at 1.72 rps, gravity deflections of the shaft are in 
phase with the weak shaft axis as shown in Fig. 8(a)._ At position 
5 when the shaft is at its maximum downward deflection the 
flats are horizontal presenting the minimum stiffness to deflection 
in this direction. The minimum downward deflection is obtained 
when the shaft flats are vertical as shown at position 1. Maxi- 
mum horizontal deflections are obtained when the shaft flats 
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slant upward and outward as one would expect. Since the 
shaft is describing a double-frequency whirl at this speed these 
8 positions represent one half of a shaft revolution. The shaft- 
flat positions are repeated for the next whirl revolution, or half 
shaft revolution. As may be seen, the whirl revolution in which 
unbalance assists deflection is the larger. 

Fig. 8(b) shows the attitude of the shaft flats above the half- 
critical speeds at 2.64 rps. There is a phase change of approxi- 
mately 90 deg on passing through the half-critical-speed range. 
At position 5, when the downward deflection is maximum, the 
flats are nearly vertical. For minimum downward deflection, 
positions 9 or 1, the flats are about horizontal. In the maximum 
horizontal excursions, the flats slope upward and inward. Pre- 
sumably, this behavior is repeated for the small inner loop repre- 
senting nearly one-half shaft revolution. As in Fig. 8(a), un- 
balance assists deflection in the larger loop. 


a UNBALANCE 


SHAFT 


(b) 


Fig. 8 Case Il—stiffness phase angle: (a) Below half-criticel speed at 
1.72 rps; (b) above half-critical speed at 2.64 rps 


On passing through the half-critical speed the shaft deflection 
has changed from in phase with the weak axis of the flattened 
shaft to in phase with the stiff shaft axis. Above the half-critical 
speeds the shaft has turned 90 deg farther for the same displace- 
ment direction than is the case below these speeds. 

It will be noted that up to this point in shaft speed (2.64 rps) 
the shaft unbalance does little in determining shaft motion; 
nonuniformity in the stiffness of the gravity-deflected shaft is the 
controlling factor. 

We know that, as a shaft passes through its principal critical- 
speed range, the unbalance phase angle as defined in Fig. 4 will 
change from near 0 deg to approximately 180 deg. The shaft 
of this experiment is no exception. However, in order to be 
prepared for this phase change, the shaft must arrange itself 
so that the unbalance phase angle is about zero degrees before 
starting through its critical speed. The phase-angle situation 
has been upset by the stiffness-controlled phase change which 
took place while passing through the half-critical range. Hence 
in the intervai between half and full-critical speeds the phase 
angles pass through a transition from stiffness control to unbal- 
ance control. 

Fig. 9 illustrates the manner in which unbalance takes over 
control of the phase angle immediately below the main critical 
speed at 3.47 rps. Throughout the lower half of the displacement 
trace, positions 3 through 7, the unbalance phase angle averages 
about zero degrees. The upper part of this trace is disturbed by 
the residual loop left from the double-frequency whirl. When 
the chalk is presented from the top, two marks are made on the 
disk periphery about 140 deg of shaft rotation apart. Position 9, 
Fig. 9, is shown with the first of these marks upward. When the 
shaft has rotated 140 deg the second bulge at the top of the dis- 
placement curve is marked by chalk, giving the phase data shown 
at position 1. Taking a time scale from the assumed constant 
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Fig.9 Case Il—attitude of shaft flats and unbalance during one revolu- 
tion at 3.47 rps 


velocity of shaft rotation, we may say that 140/360 of each revo- 
lution, or a disproportionately long time, is spent near the upward 
maximum of the shaft displacement. This naturally upsets the 
unbalance phase-angle situation although this angle does average 
about zero degrees during the upper half of the displacement 
trace. 

Robertson [5] has noted a somewhat similar phase behavior 
in this speed range although he notes that at the half-critical 
speed ‘‘the gravitational whirl falls back by nearly 180 deg, and 
thus approximately reverses its phase.”’ 

At speeds well above critical, the unbalance phase angle is 
close to 180 deg. 

This work has been repeated with three additional unbalance 
positions; i.e., in the weak axis plane, 45 deg ahead of, and 45 
deg behind that plane. Results are similar except for the angu- 
lar position of the double-whirl crossing point and its residual 
effects which change position with the location of the unbalance. 


Case Ill 


When we combine the nonrotating asymmetry of Case I with 
the rotating stiffness asymmetry of Case II we obtain an 
apparatus as sketched in Fig. 2(c). Unbalance is in the plane of 
the stiff shaft axis as in Case II. The average static deflection 
of the free end of the shaft is !/2 in. below the line of bearing 
centers. 

Here we find four natural frequencies: 


1 Vibration horizontal, flats vertical, 4.83 eps. 

2 Vibration horizontal, flats horizontal, 5.16 eps. 
Vibration vertical, flats horizontal, 6.67 eps. 

4 Vibration vertical, flats vertical, 6.87 eps. 


These frequencies are plotted in Fig. 10 as vertical lines. Since 
these same frequencies will be excited by the double-frequency 
whirl when the shaft is rotating at approximately half these 
speeds, the half-frequency criticals are plotted also. 

We now have eight shaft critical speeds but we suspect from the 
previous work that these eight criticals will act in pairs giving 
four critical speeds with a wider-than-normal critical range for 
each as indicated by the frequency spread in each pair. 

As the speed of this shaft is raised the vertical and horizontal 
components of motion of the shaft’s free end appear as plotted 
in Fig. 10. Typical shaft-center loci are shown with the direction 
of whirl indicated on each trace. 

At low speeds, below the horizontal half critical, the shaft locus 
describes two forward whirls per shaft revolution as would be 
expected from the known behavior of a flattened shaft. The 
horizontal half-critical speed is excited by the twice-per-shaft 
revolution motion when the shaft speed is one half the main hori- 
zontal critical-speed frequency. 

At shaft speeds between the horizontal half critical and the 
vertical half critical, the shaft continues to whirl twice per shaft 
revolution but the whirl is backward with respect to shaft rotation 
/ 1% 
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Fig. 10 Case ill—vertical and horizontal displacement versus shaft speed 


a double-frequency backward whirl. 
Later, when phase angles are discussed, the reasons will be given 
for this backward whirl. 

Where possible the motion of the shaft within the critical- 
speed range was observed. At the two half criticals, the shaft 
could be run without hitting the stops. At these speeds the 
motion was nearly linear as is shown and explained for Case I 
in Fig. 6 at 5.18 rps. The shaft hit the stops at the two full 
criticals so no data were obtained. 

Two changes occur between the vertical half critical and the 
horizontal full critical: (1). The unbalance and inertia forces 
acting on the shaft begin to overshadow the double-frequency- 
whirl tendency excited by the flattened shaft; (2) the whirl is 
now forward. The reduction in the second whirl loop can be 
followed in the traces for 3.47, 3.70, 4.07, and 4.28 rps, Fig. 10. 

Between the horizontal and vertical critical speeds a once- 
per-shaft-revolution backward whirl is observed. Above the 
vertical critical speeds a single-frequency forward whirl appears. 
In this region the shaft behavior is about what one would expect 
from an unbalanced shaft running above critical. 

An understanding of the mechanism supporting the behavior 
of this shaft as described is best obtained by studying the phase 
changes over the observed speed range. Below the horizontal 
half-critical speed, at say 2.26 rps, the behavior is nearly iden- 
tical to that shown in Fig. 8(a) for a flattened shaft without an 
asymmetrically supported bearing. Maximum downward de- 
flection occurs twice per shaft revolution when the shaft flats are 
horizontal. The resulting motion is a double-frequency forward 
whirl somewhat extended in a horizontal direction due to the 
proximity of the horizontal half-critical speed, Fig. 10. 

When the shaft is operated between the horizontal and vertical 
half-critical speeds, the shaft center describes two backward 
whirls for each forward revolution of the shaft. The phase- 
angle sequence at 3.15 rps, shown in Fig. 11(a), indicates why 
this behavior is necessary. Reference to Fig. 8 informs us that 
a flattened shaft undergoes a 90-deg stiffness phase change on 
passing through the half-critical-speed range. If, as in the pres- 
ent case, a shaft is run above the horizontal half critical but below 
the vertical half-critical speed we would expect the 90-deg phase 
change to take place for horizontal but not for vertical excur- 
sions. The data presented in Fig. 11(a) indicate that in the ver- 
tical direction the stiffness phase angle is unchanged; i.e., the 
flats are approximately horizontal at the bottom of the whirl and 
vertical at the top. At the horizontal extremes, however, the 
shaft flats are sloped upward and inward indicating that the 
90-deg stiffness phase change has taken place (compare with 
Fig. 8a). As in the single-frequency, backward-whirl case, the 
simplest manner in which the shaft locus may pass in either direc- 
tion between, for example, positions 7 and 9, Fig. 11(a), and 
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Fig. 11 Case Ill—stiffness phase angle: (a) Double-frequency backward 
whirl at 3.15 rps; (b) forward whirl at 3.58 rps 


follow the observed requirements is by means of a backward 
whirl, double frequency in this instance. Any questions con- 
cerning the direction or frequency of the whirl may be resolved 
by observing by eye; in this case it may be seen to be backward 
at twice shaft speed. 

This double-frequency backward whirl requires four 90-deg 
phase changes per half shaft revolution or 720 deg per complete 
shaft revolution. Since the whirl is backward with respect to 
the shaft, the whirl motion relative to the shaft is 1080 deg or 
three revolutions per shaft revolution. 

The situation at 3.58 rps, above both half-critical speeds, is 
shown in Fig. 11(b). Evolution of the shapes of the displacement 
traces is interesting in this speed range. The trace shown in 
Fig. 10 at 3.15 rps, taken just below the vertical half crigfeal, 
shows a double-frequency backward whirl. On passing through 
the vertical half critical the whirl becomes forward and com- 
mences to lose its double-frequency character. If one imagines 
the 3.15-rps trace capsized (which makes it a double-frequency 
forward whirl) then it may be compared with the 3.47-rps trace 
taken just above the vertical half-critical speed. In comparing 
we see that the large central loop of the 3.15-rps trace has become 
an indentation ending in a single line. As the speed is raised 
from 3.47 rps, this indentation becomes less prominent, finally 
disappearing at the horizontal critical. This marks the end of 
the flat-shaft influence on the behavior of this system except for 
the broadening of the main critical speeds 

In Fig. 11(b) we see that the 90-deg stiffness phase shift has 
occurred for the positions shown, indicating that the shaft is 
running above both half-critical speeds. The shaft flats are 
sloped upward and inward at the horizontal deflection extremes. 
At the maximum downward deflection the flats are approximately 
vertical and at the minimum vertical deflection, nearly horizontal. 
This displacement trace shows the remains of the double-fre- 
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Fig. 12 Case Ill—attitude of shaft flats and unbalance during one 
revolution at 4.33 rps 


quency whirl in the re-entrant portion between positions 3 and 5. 
The shaft rotates about 180 deg between these positions. At 
the bottom:of this inward extension the shaft flats are probably 
vertical with the unbalance above. 

As mentioned previously, in the speed range above the half 
criticals and below the full criticals, the unbalance or mass forces 
take over control of the shaft motion from the asymmetric stiff- 
ness influence. The unbalance phase angles shown in Fig. 12, 
taken at 4.33 rps, just below the horizontal critical speed, indicate 
that the shaft is attempting to assume a zero-degree unbalance 
phase angle before passing into the critical speed range. 

In the range of the full critical speeds this system behaves in a 
manner similar to that described under Case I for a round shaft 
in asymmetrically supported bearings. Between the horizontal 
and vertical critical speeds the whirl is once per shaft revolution 
backward as shown in Fig. 4. Above both critical speeds the 
whirl is forward at one per shaft revolution. Unbalance phase 
angles are approaching 180 deg. 

These experiments were repeated with other positions of the 
unbalance with respect to the shaft flats. As in Case II no star- 
tling changes in behavior were observed. 

The phase-angle behavior of an asymmetric shaft in asymmetric 
bearings as exemplified in Case III may be summarized as follows: 


1 Below the four pairs of critical speeds the double-frequency 
forward whirl occurs as one would expect from the static-deflec- 
tion behavior of a flattened shaft. 

2 Between the horizontal and vertical half criticals the whirl 
continues to be double frequency but in a backward direction. 
The backward whirl is forced by the 90-deg stiffness phase change 
which takes place in the horizontal direction, but not in the ver- 
tical. 

3 In the speed range between the vertical half critical and 
horizontal full critical two phase changes take place while the 
forward whirl loses its double-frequency characteristics, becoming 
a simple, single-frequency forward whirl. At speeds immediately 
above the vertical half critical, we see that the 90-deg stiffness 
phase change has taken place for both the horizontal and vertical 
motions of the shaft which allows the whirl to become forward 
again. In the upper portion of this speed range the unbalance 
phase angle approaches zero, washing out the effects of the stiff- 
ness phase changes observed at lower speeds. 

4 Between the horizontal and vertical critical speeds the 
single-frequency backward whirl is caused by the 180-deg change 
in the unbalance phase angle for horizontal components of whirl, 
while the phase angle in the vertical direction remains zero. 

5 Above the vertical critical speed the unbalance phase angle 
is nearly constant at 180 deg, yielding a forward whirl. 


Discussion 


It is realized that several factors, such as asymmetry ratios, 
damping, unbalance [10], ratio of shaft stiffness to bearing stiff- 
ness, and so on, will alter the results reported for these model 
experiments. Constants were chosen which would produce well- 


separated critical speeds and large displacements. As asym- 
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metries are reduced and damping increased, some of these forms 
of whirl may not appear. Typical constants used in this work 
are as follows: 


Equivalent weight at free end of shaft = 0.51 Ib 

Log decrement for Case I system at a natural frequency = 
0.103 

Untbalance = 0.63 in-oz 


Whether the types of shaft motion described here will appear 
in full-scale machines will be answered when examples of these 
machines are instrumented for obtaining the required data. 
Knowledge of this type of behavior in specific examples of large 
machines should be useful when balancing or investigating fa- 
tigue troubles. One may imagine the difficulty experienced in 
following phase angles when balancing a rotor which, unknown 
to the operator, is whirling backward. Backward whirling is 
important in fatigue, since a single-frequency backward whirl 
causes two stress cycles per shaft revolution, and a double-fre- 
quency backward whirl causes three. 


Summary 


In the work reported on the three cases investigated we have 
shown, mainly through phase-angle studies, that the following 
behavior exists: 

Case |. Asymmetric bearings supporting a round shaft. Backward 
single-frequency whirl is necessary between the two critical 
speeds because the unbalance phase angle must change from 
zero to 180 deg and again to zero twice per shaft revolution. 
The displacement trace at resonance is a slanted straight line 
which involves no angular momentum of whirl. 

Case Il. Symmetrical stiffness bearings supporting an asymmetrical 
stiffness shaft. In general, three phase changes occur in this arrange- 
ment. On passing through the half-critical speed the double- 
frequency, forward-whirl deflection changes 90 deg from in- 
phase with the soft direction of the shaft stiffness to in-phase with 
the stiff direction. These phase changes are overridden as the 
unbalance phase angle approaches zero in preparation for passing 
through the full-critical speed which is accompanied by the usual 
180-deg phase change. 

Case Ill. Asymmetric stiffness bearings supporting an asymmetric 
stiffness shaft. In this combination of the two previous cases we 
see the same phase angle and whirl effects as described for Cases 
I and II, with another added which causes the double-frequency 
backward whirl. Between the horizontal and vertical half- 
critical speeds the shaft finds itself above critical in horizontal 
excursions but not when moving in the vertical direction. Hence 
we have four 90-deg stiffness phase-angle changes per whirl revo- 
lution forcing a backward whirl at twice shaft angular frequency. 

In general, a backward-whirling shaft is experiencing stress 
reversals at the rate of two per shaft revolution for a single-fre- 
quency whirl and three per shaft revolution in the case of a 
double-frequency backward whirl. 

We can say nothing from experience about the presence of 
disturbances of this sort in large machinery. However, since 
separate horizontal and vertical criticals have been reported, 
one would expect single-frequency backward whirl between these 
speeds. Additionally, if such a machine is running a rotor with 
some stiffness asymmetry, a double-frequency backward whirl 
would be expected between the half criticals. 
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DISCUSSION 
C. M. Lowell? 


The author is to be congratulated on the report of the study 
The method of 
presentation is extremely meritorious, particularly the explana- 
tion of the mechanics of backward and forward whirl. The “‘flat 
shaft”’ discussion, in particular, could well be included in texts on 
the subject of vibration where ordinarily only brief mention is 
made. 


he has made in the field of whirl phenomena. 


The author has used both an intentional out-of-balance weight, 
a flattened shaft, and a combination of the two as the exciting 
element for whirl. He has further introduced asymmetric bearing 
stiffness in the form of outboard springs. Under the foregoing 
conditions, he has achieved backward whirl in Case I, only be- 
tween the horizontal critical and the vertical criticals. Case II 
yielded only forward whirl. In Case III, a combination of I and 
II, backward whirl has again been encountered only between the 
horizontal and vertical half criticals and criticals. 

This writer has studied the whirl phenomena where the excit- 
ing element was torsional vibration. Phases of this study are 
described in [11]. The elastic system consisted of an overhung 

? Supervisor, Stress Analysis, Worthington Corporation, Compres- 
sor and Engine Division, Buffalo, N. Y. Mem. ASME. 
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flywheel and was driven from the crankshaft of a reciprocating 
compressor, to supply a source of vibrating torque, with an inter- 
mediate bearing outboard of the compressor but inboard of the 
flywheel. Physical dimensions were chosen to place the tor- 
sional natural frequency of the system in a variable relationship 
with the whirling natural frequency. No deliberate attempt was 
made to incorporate asymmetry in either the shaft or the bearing 
although very small differences existed. Likewise, no intentional 
out-of-balance was incorporated in the flywheel mass. 

With the torsional vibration as the whirl driving element both 
backward and forward whirl were very apparent and identifiable. 
When whirl and torsional criticals were fairly close together 
“orders” of whirl, both backward and forward were achieved. 
Where, with the “flat shaft,’ half criticals and criticais were 
demonstrated, the torsionally excited whirling exhibited one 
third, one fourth, one fifth, etc., criticals. In other words, as 
shaft speed was increased, one fifth backward whirl, then a one 
fifth forward, one fourth backward, one fourth forward, etc., 
would be achieved. Since there was appreciable inertia in the 
flywheel, the backward whirl would occur several revolutions per 
minute below the corresponding forward whirl, and would be of 
considerably larger amplitude. This was to be expected. The 
movement of the system between the backward and forward whirl 
resonance positions, while not studied in close detail, appeared 
to act similarly to that shown in Fig. 10, Case III, between the 
horizontal and vertical half criticals. Very little bearing asym- 
metry was present as horizontal and vertical criticals practically 
coincided for both backward and forward whirl. 

In conclusion, the writer has found Hull’s paper of extreme in- 
terest and help in clarifying his own understanding of the whirl 
phenomena. 


Additional Reference 

11 CC. M. Lowell, ‘‘Lateral Vibrations in Reciprocating Machin- 
ery,” Mechanical Engineering, vol. 81, April, 1959, pp. 74-75, con- 
densed from Paper No. 58—A-79. 


Author’s Closure 


The author is grateful to Mr. Lowell for his kindly remarks 
concerning the present paper. 

Apparatus and measuring devices described by the author 
and in Lowell’s paper [11] have a common characteristic; they 
are simple, inexpensive to build, and easy to operate. As a 
result, many useful data were obtained quickly with a minimum 
expenditure of effort. In each case much more elaborate ap- 
paratus could have been used. However, as often happens with 
over-complicated devices, the original object of the experiment 
becomes submerged in the continual effort to keep the apparatus 
working. 
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Optimum Design of Helical 
Compression Springs 


The most efficient spring, for a given application, is one that safely stores the required 
amount of energy and uses the least possible material. Springs designed to this premise 
are said to have minimum weight. Several analytical procedures, based on prescribed 
initial assumptions, are already available to the designer which permit the calculation 
of certain minimum-weight springs. In some instances the assumptions are not en- 
tirely relevant to the problem at hand; in which case, a true minimum soring is not 
obtained. This paper presents a solution to minimum-weight springs based on initial 
assumptions which can be more universally applied. Also, a solution is given to the 
ultimate condition where no design variables (outside diameter, wire diameter, spring 
index, load rate, solid height, or number of coils) are chosen arbitrarily. 


Introduction 


A. spring problem has a multiplicity of practical 
solutions when considering the simple attainment of maximum 
load or travel within an allowable stress limitation. Solutions 
become unique only by the introduction of certain space or 
operational restrictions. In the absence of any restrictive re- 
quirements a designer may wish to base his design on some self- 
imposed restrictions such as minimum weight, minimum stress, 
or minimum volume. The design criterion of minimum weight 
is defined, in this paper, as the optimum design, since it offers the 
obvious advantage of economical usage of material. Minimum- 
weight springs have another desirable characteristic; namely, a 
height-to-diameter proportion which is readily adaptable to most 
problems. 

Finding the optimum set of spring proportions can be a com- 
plicated and involved process. If a trial-and-error technique is 
employed, each variable must be tested over a range of values 
before the minimum condition can be established fully. The use 
of existing analytical procedures [1, 2,3]! alleviates some of the 
tedious, repetitious work, but the designer must be sure that the 
conditions of his problem exactly duplicate those used in 
the derivation of the minimum formula. If the conditions are 
not the same, a true minimum-weight spring will not result. 

To be beneficial to the spring designer, any analytical approach 
must contain the most frequently met design exigencies. If 
possible, this should be accomplished by grouping as many of the 


1 Numbers in brackets designate References at end of paper. 

Contributed by the Machine Design Division and presented at 
the Winter Annual Meeting, New York, N. Y., November 27—Decem- 
ber 2, 1960, of Toe AMERICAN SocteTy OF MECHANICAL ENGINEERS. 
Manuscript received at ASME Headquarters, August 26, 1960. 
Paper No. 60—WA-215. 


Nomenclature 


known variables into a few (preferably one) sets of design parame- 
ters, rather than providing separate solutions for each design 
variation. This paper presents a method of calculating mini- 
mum-weight springs wherein two general classifications are used 
to cover the major design considerations. They are: 


1 Solutions where no correction has been applied to the basic 
stress. 

2 Solutions containing the Wahl stress correction factor. 

In order to provide a more general solution, the derivations 
are based on an intermediate load with a known supplementary 
deflection, rather than a single maximum load. Also, the outside 
diameter is considered a fixed quantity with a separate means to 
optimize it, if the conditions of the problem so warrant. 


Case |. No Stress Correction Factor (K,, = 1.0) 


The weight of a spring with ground ends can be expressed as 
72 
W.=p 7 a@D(N + Q) (1) 


Using the system of dimensionless parameters [4] this equation is 
readily transformed to the equivalent: 


CK 


. 1? C 
4, <9 


The general expression for final stress with K,, = 1.0, in terms 
of the intermediate load and supplemental deflection, is 


8D 
S = —[(P + Rf] 
1d8 


oe _ K? GfD, 
= - (K —-1)—| P+ ————_ ] 13) 
; ai 7 8K(K — 1)(CK — vf - 





= a dimensionless constant 
= H/D.,, a dimensionless ratio 
= wire diameter, in. ape 
= mean diameter of spring, in. 
= outside diameter of spring, in. 
deflection from initial load to final 
load, in. 


deflection from free length to initial 
load, in. 
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= torsional modulus of elasticity, psi 
(N + Q)d, solid height of spring, 


D,/d, a dimensionless ratio 


K — 1.25 


stress correction factor 
(CK — Q), number of active coils 
initial spring load, lb 
= number of inactive coils 


Gd‘ 


8D3N 
rate of spring, lb/in. 

density of spring wire material, 
Ib/in.’ 


8DW _ 8 Kk? 
K, = — (KK — 1) — WEK,, 
T D,? 


GD, 





oo | Wahl sDW 
ad 
torsional stress, psi 
final spring load, lb 
weight of spring, lb 
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Equation (3) can be solved for CK and this result substituted in 
equation (2) as follows: 
GfK D, 


CK = Q+ ——— a 
K = @ + pK — 1)?S — 8PKXK — 1)! 


(4) 
: (K — 1) 
° K3 
GfK D, _ 
wD.~K — 1)3S — 8PK*\K — 1) 


Simplifying: 


: mp GfD,* \| rD2S 
W,=—- <i - 


-1 
* - KK — 1) — K*{K — 1)? 
32 P IL 8P 
8PQ (K — 1) : 
fe nee > (8) 
Opn 
For a given problem, with a set outside diameter, K in the fore- 
going equation actually defines the wire size and its effect on the 
total spring weight. Each A-value assigned will produce a cor- 
responding spring weight. To obtain the optimum design, the 
equation is differentiated with respect to K and the conditions for 
minimum weight ascertained. This results in 


[K? + 2K(K — 1)] — RAK — 1) + 4K%K — 1)?] 


aS” 
| SKK —1)-— KK — »| 
8P 

8PQ | K* — 3KXK — 1) 
GfD, Ké 

Simplifying: 

0.8 

a ee 8P_ Be 8PQ (2K a 3)(K — 1 P 

rD,28 ies > GID, K(3K — 2) 

[BE men} 


2K°%K —1) — 


8P 


This relationship can be plotted as a family of curves to form a 
design chart. With such a chart, the designer can quickly deter- 
mine the required wire diameter to obtain minimum weight by 
simply plotting the two parameters 


(2225) ona (822 
sp) Oe” \ Garb, 


These design constants contain all the information which affects 
the problem; and it is interesting to note that neither solid height 
nor number of active coils appears in them. These terms, how- 
ever, are uniquely defined by the initial conditions of the problem 
and the resulting wire diameter. 

To help the designer complete the solution, an additional 
family of curves should be combined with those already men- 
tioned. The ratio of final load to intermediate load (W/P) is 
especially helpful, since it readily combines with the supple- 
mental deflection f, for a determination of spring rate. Once rate, 
wire diameter, and outside diameter are established, the number 
of active coils, the number of total coils, and the solid height can 
be determined. 

The derivation of the (W/P) lines is accomplished as follows: 


8WD s. SW 


= K*K — 1) 9 
nD,? (9) 


1d? 


Multiplying both sides of equation (9) by #D,2/(8P) results in 
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Fig. 1 Design chart showing required spring proportions for minimum 
weight, when no stress modification is included in the basic stress 





NO WAHL FACTOR 
J met 4 


3z— eee" 
1o 10 


D2S_W 
<2" = — KXK - 1) 


- 10 
8P FP — 


Substituting equation (10) in equation (8) and simplifying gives 
the following final expression: 


2—(W/P)  8PQ K(2K — 3)(K — 1) 


( 1)’  GFD, 
P ‘ 


Fig. 1 is a plot of equations (8) and (11). It forms a minimum- 
weight design chart for the condition where no stress correction 
factor is to be applied. It will be noticed that the chart is com- 
pletely dimensionless, and hence can be used for any spring, re- 
gardless of size. The wire diameter is obtained directly from 
the ratio (D,/d). Spring rate can be determined from the ratio 


(W/P) as follows: 
W-—P_ # |? 
f P f 


Finally, the number of active coils is determined from 


ihe GD, 
~ §DIR- 8K(K — 1)3R 


3K —2 ng 


R= (12) 


(13) 


Example 1. Design a minimum weight spring for the following 


conditions: 


= 20,000 lb D, = 10 in. 
= 100,000 psi f 3 in. 
= 11,500,000 psi Q=2 


Solution: Calculate the design parameters: 


SPQ 
GfD, 


8(20,000)2 
= nn oo ORS 
11,500,000(3)10 


rD,28 


7(10)*100,000 _ 
8P 8(20,000) 


= 196.5 


Read D,/d = 5.08 (Fig. 1) 
Read W/P = 1.87 (Fig. 1) 


10 

Calculate d = 5.08 = 1.97 in. (definition of K) 
20,000 , 

Calculate R = (1.87 — 1) ——— = 5800 [equation (12) 





; ; 11,500,000(10) 
Calculate N = — 
8(5.08 )5800(5.08 — 1) 
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= 7.2 [equation (13) 





PERCENT OF WEIGHT 


SPRING WEIGHT 
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Fig. 2 Diagram showing variation in weight corresponding to different 
values of wire diameters for conditions of example 1 
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Fig. 3. Diagram showing variation in weight pap ie to different 


values of outside diameters (with their r wire sizes) 
for conditions of example 1 





P ive 


Calculate H = (7.2 + 2) 1.97 
Calculate W = 


Check S 


= 18.12 in. (definition) 
1.87 X 20,000 = 37,400 Ib [W = (W/P)P} 
8(37,400) 

1)(5.08)? 


= ~r(10)? (5.08 — 
= 100,000 psi (definition) 


2 
Calculate W, (p = 0.281) = 0.281 7 (1.97)*(10 — 1.97) 
(7.2 + 2) = 198.5 lb [equation (1)] 

(To permit accurate comparisons dimensional values have not 
been rounded.) 

The validity of these proportions actually providing minimum 
weight can be checked by calculating additional springs having 
several assumed wire diameters. This has been done and the re- 
sults are shown in Fig. 2. It will be observed that, with this 





= 


mp GfD,' [ a 
rD ‘a 


(K — 1.25)(K — 1) + 0.615(K — 


size spring, an appreciable savings in weight can be realized by 
optimum design. 

In the foregoing discussion it has been assumed that the out- 
side diameter has been fixed by the conditions of the problem. 
To ensure a completely optimum design the variation of this di- 
mension should also be investigated. By assigning different val- 
ues to the outside diameter, the corresponding optimum propor- 
tions can then be calculated, and a comparison made of the actual 
spring weights. Fig. 3 shows the results of this comparison for 
the example under consideration. It is apparent that weight de- 
creases with decreased diameters and that no minimum condition 
is realized. The-spring designer must, therefore, establish this 
dimension from the dictates of the problem and his own ex- 
perience. 


Case Il. With Wahl Correction Factor. 


This case is simply an extension of Case I. The basic expres- 
sion for weight, equation (2), remains unchanged, while the ex- 
pression for stress, equation (3), must be modified to include the 
effect of the Wahl correction factor. The equation, as modified, 

8 GfD, 


has the following form: 
K = | p | 
= ee 1 —— 
. 7 Dal + 8K(K — 1I)XCK — Q) 
K — 1.25 + a | (14) 
K-—2 K-1 
Again, this equation is solved for CK and the result substituted 
in equation (2); 
“— 
K — 1.25 0.615 
AD. i 
1.25 


<~ 
wD.K — 1)38 — 8PKX{K — »|* noe 














15 
ia 0.615 (15) 
| 


7p GfD,* 
32. £ 


3 oe . 0.615 
K-1 


rD.2S " 1.2 
p= KXK ~1) — KK ~ 4% ae 


W,= 








+ 008 
K 1 


8PQ (K = 1) 


GfD, K* (16) 


Simplifying: 


8PQ(K — 1) 





rs oS KUK — 1K — 2 
gp KXK — 1)(K — 2) 
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— KK — 1)? {(K — 1)(K — 1.25) + 0.615(K — 


vr GfD, K? 
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When equation (17) is differentiated with respect to K, the condi- 
tion for minimum weight is found to be 


ee ee nee ee ee 
rD,2 
* “$P 
, SPO (2K . - 3K - - Ds 7D28 
~ GD, _ | Sf ix - 


: 18K — 11.54K* + 13.18K? — 3.49K + 0.08] 


rD.2S 


SP KXK —1\(K - 


2\(K — 1.25) + 1 KK — 2 


+ K§ — 3.27K7? + 2.71K*® — an (18) 
This equation, although much more complicated than equation (8), 
is quite similar, in that it‘contains the same variables and there- 
fore can be plotted in the same manner to form a design chart. 
The (W/P) lines are also formed as previously by making the 
following substitution in equation (18): 


mDSS _ Wee ys [K—125 , 0615 ss 
— oe Se as ee seta 


Fig. 4 iva plot of these data and represents the design chart for 
the condition where the Wahl stress correction factor is applied. 
As before, the wire diameter is obtained directly from the (D,/d) 
ratio, while the other proportions are derived from equations (12) 
and (13). , 

Example 2. 
ample 1 


Design a minimum-weight spring similar to ex- 
Let the design stress be equal to the Wahl corrected 
stress of example 1, S = (100,000) k A,; (K,, = 1.394 for K = 
5.08 of example 1). 


20,000 Ib 10 in. 
139,400 psi (Wahl corrected ) 3 in. 
11,500,000 psi = 2 


P = 


Solution. Calculate the design parameters: 


8PQ 
GfD 


8( 20,000 )2 
= : : = 0.000928 
11,500,000(3 )10 


mD2S  7(10)? 139,400 


8P . 8(20,000)  ~ 
Read D,/d = 
Read W/P = 


5.26 (Fig. 4) 
1.694 (Fig. 4) 


10 : 
—— = 1.90 in. 
5.26 


Calculate d = (definition of K) 


20,000 
3 

= 4630 lb/in. 

11,500,000( 10) 
&8( 5.26 )4630(5.26 — 1)3 
‘aleulate H = (7.64 + 2)1.90 = 18.33 in. (definition) 
‘aleulate W = 1.694 * 20,000 = 33,880 lb [(W = (W 

8(33,880) 


Check S = —— 
(10)? 


‘aleulate R = (1.694 — 1) 


[equation (12)] 


‘aleulate N = = 7.64 [equation (13)] 


/P)P | 
(5.26 — 1)(5.26)? 





.26 — 1.2 0.615 Tt 
E ” = = | = 139,800 psi (definition ) 
0.40 — 4 0.40 — 


2 
Calculate W, (p = 0.281) = 0.281 ~ (1.90)2(10 — 1.90) 


(7.64 + 2) = 195.2 Ib [equation (1)] 


The results of examples 1 and 2 illustrate the difficulties en- 
countered when attempting to force a solution from a procedure 
which is not consistent with the conditions of the problem. Pre- 
sumably these two examples are identical, since the final cor- 
rected stresses were purposely made equal. Actually, only a 
slight variation in weight is noticed, but significant differences in 
rate and final load are readily apparent. If a designer were using 
the first method to obtain a forced solution with the Wahl correc- 
tion factor, the problem would first be encumbered by introducing 
a trial-and-error routine; and then only serve to introduce doubts 
as to the validity of the solution. Such a procedure could hardly 
be considered superior to a complete trial-and-error solution. 


Optimum Outside Diameter 


The possibility of an optimum outside diameter will now be in- 
vestigated for the condition including the Wahl correction factor. 
Again, similar calculations will be made for several diameters 
(Example 2) and the corresponding spring weights compared. 
Fig. 5 shows the results of this comparison with verification of a 
minimum weight occurring with changing outside diameter. 

It has been shown that springs designed with the Wahl correc- 
tion factor, for minimum weight, have a certain gecmetric rela- 
tionship defined by the dimensionless parameters C and K [5]. 
This principle can be utilized to establish the conditions for the 
optimum outside diameter. Derivation of the geometric rela- 
tionship is based on the design constant given by Hinkle and 
Morse [3]: 

(f + fG 


= (20 
Q(8Wrs)'? ) 


This is equivalent to 


S77 
& nase 
| x = +h) 


From the basic stress relationship, 


_ _ 8K —1)K?7K — 1.25 
ies D2 


os 20: 
BQ (20a) 


S 8D 
.— = - 
W d3 





+ 0.615 (21) 
K -2 c-t3 ~ 
and, from the basic equation for spring rate, 

ee... See GD, 
(f+fi)  8K(K — 1)CK — Q) 
Combining equations (20a), (21), and (22) gives the following: 


‘ |* — 1.25 , 0.615 is 
K-2 K-1 
i+ 6. 


ik = 1)°/2 





(22) 








(23) 


The term B, as derived by Hinkle and Morse, is entirely de- 
pendent upon the spring index and, using the nomenclature of this 
paper, is equal to 


*((K —1 )° — 0.635(K — 1)? — 0.980(K - _ 1) + 0.615)’ °(5(K _ 5 aie 27(K wel! alread! 21(K — 1) + 1.23] 


4[1. 365(K — 1) — 0.732(K — 1)§ — 0.673(K — 1)? + 0.981(K — 1) — 0. 378] 
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8 
Fig. 4 Design chart showing required spring proportions for minimum 


weight, when the Wahl stress correction factor is included in the basic 
stress 


8 9 10 
OUTSIDE DIAMETER 


Fig. 5 Diagram showing variation in weight corresponding to different 
values of outside diameters (with their respective optimum wire sizes) 
for conditions of example 2 


Also, combining equations (12) and (22) yields 


Q 1 
: ee W 8PQ 
K(K — 1)3(— —1)—— 
K-51) 5 


C= 





(25) 


Finally, equating equations (23) and (25) produces the following: 


[p-2 4 2615 ]-"* 
EK 1 8PQ 7 K-2 7; yg 
P GfD, os BK(K i. 1)'/2 





(26) 


This expression will not be an equality if D, is only arbitrarily 
chosen. The values of (W/P) and K, as determined by the design 
chart, are dependent upon the two design parameters 


8PQ\ , (mes 
GD, anc sp)’ 


and will, therefore, not necessarily satisfy equation (26). In 
such a case, D, must be reassigned and equation (26) retested 
until an equality is found to exist. When the equation is satisfied, 
the conditions for a true minimum-weight spring have been 
realized. 

Actually, it is not necessary to perform this test in each in- 
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Fig.6 An enlarged portion of Fig. 4 showing one method of obtaining 


Pp for conditions of example 3 





stance since the information can be added to the design chart in 
the form of an optimum D,-curve. This parameter is de- 
veloped by evaluating the right-hand side of equation (26) for 
sufficient K-values to construct the curve. The numbers thus 
obtained represent the optimum products of (W/P — 1) and 
(8PQ/GfD,) for each value of K. From Fig. 4, at corresponding 
K-values the (W/P) and (8PQ/GfD,) intercepts are read and a 
series of (W/P — 1) and (8PQ/GfD,)) products are formed. 
These data can now be interpolated graphically to determine the 
co-ordinates for the optimum D,-curve. In use, the two initial 
design parameters are plotted after arbitrarily assigning a value 
to D,. If the intersection is above (or below) the optimum line, 
successively smaller (or higher) diameters should be tried until 
the desired conformance is obtained. Convergence is rapid since 
the points follow a well-defined path—an equation of second de- 
gree. 

An approximate mathematical expression for the optimum out- 
side diameter can be developed by cross-plotting the intersection 
of the optimum line with the (7D,2S/(8P)) lines against the 
(8SPQ/(GfD,)) parameter. This plot results in essentially a 
straight line on log-log graph paper. The line representing vary- 
ing diameters for a given set of conditions will also be a straight 
line; hence the derived equation for optimum diameter will be 


simply an exponential function. The resulting expression is 


. 4.93 
Optimum D, = =r 2 = 


SPQ ]9=308 [Z 0.654 
ad 4 


This equation provides accurate results for springs having K- 
values above 4.75; for smaller values the graphical method is 
recommended. 


(27) 


Example 3. What is the optimum outside diameter for a spring 
having the following initial specifications: 


= 200 lb f = 0.5in. 
90,000 psi (Wahl corrected ) Q=2 
11,500,000 psi 


Solution. 
diameters: 


Calculate the design parameters for three outside 
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0.75 in. 1.25 in. 2 in. 


0.000742 0.000445 0.000278 


99.5 276 706 


Draw a curve through these three points and read the intersec- 
tion at the optimum D.-line, Fig. 6: 
8PQ ‘ : 
—— = (0.000335 (at intersection) 
GfD, 


Now, since 8PQ/(Gf) is constant _ 
0.000445 X 1.25 = 0.000335 x D, (optimum) 
and therefore: 


0.000445 


Optimum diameter = eens 
0.000335 


X 1.25 = 1.66 in. 


Check with equation (27): 


4.93 Q ; 
——— = 1.68 in. 


Optimum diameter = - Se ae 
(0.000556 )9-3°8( 177 )°-4 


Conclusion 


Design charts are presented, which enable a designer to deter- 
mine rapidly the proper proportions for minimum-weight springs. 
Derivations are based on generalized assumptions, permitting a 
wider application to typical problems than is possible with more 
specialized initial assumptions. 

Two design conditions are considered. The first, representing 
the case where no stress correction is included, should be limited 
in use to statically loaded springs. The outside diameter cannot 
be optimized separately, but in all cases provides lighter weight 
springs with smaller dimensions. The second design condition 
represents the case where the operating stress is modified by the 
Wahl correction factor. Springs designed in accordance with this 
“procedure can have a wider application since automatic stress 
compensation is made for the effect of changing spring indexes. 
In this case the outside diameter has an optimum value depend- 
ing upon the original stipulations of the problem. By combining 
this optimum value with the optimum wire diameter and its re- 
sulting solid height, a designer will obtain a true minimum-weight 
spring. 


References 


1 J. Jennings, “Springs of Minimum Weight,”’ Machinery, Lon- 
don, England, vol. 52, 1938, p. 707. 

2 M.F. Spotts, ‘Design of Helical and Leaf Springs for Minimum 
Weight,” Journal of Applied Mechanics, vol. 20, Trans. ASME, vol. 
75, 1953, p. 435. 

3 R. T. Hinkle and I. E. Morse, Jr., ‘‘Design of Helical Springs 
for Minimum Weight, Volume, and Length,’’ Trans. ASME, Series 
B, JourRNAL oF ENGINEERING FoR INDUsTRY, vol. 81, 1959, p. 37. 

4 R. J. Erisman, ‘Dimensionless Parameters for Helical Com- 
pression Springs,”’ Trans. ASME, Series B, JourNAL or ENGINEERING 
ror InpustrRy, vol. 82, 1960, p. 439. 

5 Ibid., author’s closure. 


. 


DISCUSSION 


M. F. Spotts? 


This paper records further progress in the study of the helical 
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The many variables can now be proportioned in a 
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straightforward manner so that the resulting spring will be the 
optimum, or will «. tain the least possible amount of material. 

Other approach... ¢ this problem can of course be taken—one of 
which is the followi:.g. If volume V is used, instead of weight W, 
Equation (6) of the sreviously mentioned paper by Hinkle and 
Morse [3] becomes 


bal 3/2 
V=4V20 (=) QIBK? + C°7K*/*] (28) 
B= pee. = (29) 
QV 8Pxs 

where axial load is P, maximum shearing stress is S,, spring index 
is C, or the mean diameter of the helix 2R divided by the wire 
diameter d, deflection is 6, modulus of elasticity in shear is G, and 
the number of inactive coils is Q. 

If specified values for load, stress, deflection, and number of 
inactive coils must be met, the spring of minimum volume can be 
had by differentiating Equation (28) with respect to C and setting 
the result to zero. The result can be expressed as 


where 


iK 
3C oe +5 
ah. (30) 


Assume that the load on the spring is static. It is customary 
for such loading to neglect stress concentration due to the curva- 
ture of the wire, and to consider only the stresses due to torsional 
and transverse shear. The torsional shearing stress is 16 PR/7d°*. 
The transverse shearing stress on the inside of the coil at the mid- 
height is 1.23 P/A or (16 PR/md*) (0.615/C). These stresses are 
additive, so that the resultant shearing stress S, is 


16PR 16PR 8PC 
c= PH (, 4 0018) _ PR g 
ads 
0.615 J C + 0.615 
ee C 


(31) 


ad rd? 


where K=1+ (32) 
K can be considered as the factor which, when multiplied by the 
torsional stress, will give the resultant stress from the torsional 
and transverse effects. 
From Equation (32), 

iK 0.615 

es a (33) 

dC C? 
When Equations (32) and (33) are substituted into Equation (30), 
the result is 


_ CSC + 1.23) 
2.46 °>/C + 0.615 


a 


(34) 
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In this equation, C is the unknown, since B is determined by 
Equation (29). The value of C is readily found from a plot of 
C versus B as given by Fig. 7. This value of C, when substituted 
into Equation (28), will give the least possible volume for a 
spring that will meet the specified conditions. 


4vV/2n ( P 


2.46 ( 


Vania saz S, 


3/9 
) QC(C + 0.615)”*(5C + 3.69) (35) 


The equation for the minimum volume of the spring can also 
be written 


d2 23 
Vinin = (“*) 2rR(N + Q) = i. C(N +Q) (36) 


where the number of active coils is N. The value of d from the 
last form of Equation (31) is now substituted. 


Vain =4 V 28 ( . 
S, 
Equations (35) and (37) 


result solved for N, the 
minimum volume. 


3/2 
) C(C + 0.615)/*(N + Q) (37) 


are now divided by each other, and the 
number of active coils in the spring of 


_.. Q(5C + 1.28) 
2.46 (38) 
Equation (31) gives the wire diameter d. Mean helix radius R is 
given by 


Cd : 
“ (39) 
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Fig. 8 Design chart showing required spring proportions for minimum 
weight when a modified stress correction factor is included in the basic 
stress 


confinements. If such be the case, the spring designer is initially 
more interested in the outside diameter limitation rather than 
the rate ultimately specified for the spring. The present paper 
was expressly prepared on this premise. 

The author agrees that the modified correction factor is more 
desirable than no correction factor and has prepared the design 
chart shown in Fig. 8 based on this principle. The equations 
defining the parameters are as follows: 


TD, 2S 
~ §P(K — 0.385) 
a aDy2S 
(Grae 0.385) 


7 K — 0.385 


(212K — 1) 
2 
x) 


23K — 2) — W/P (210% -1)- 


K(K — 2) 








(40) 


Ie = 2) 


(K - a 





GfD)  K(2K — 3\(K 
Author’s Closure 


Professor Spotts has touched on one of the major unsettled 
questions associated with spring design—namely, “How much 
correction should be applied to the basic calculated stress?’’ 
Many designers believe that the Wahl factor will over-correct, 
when considering a simple static application but are just as re- 
luctant to accept a totally uncorrected stress. Professor Spotts’s 
analysis is one method which has been advanced to overcome this 
difficulty. It corrects for the effect of direct shear, while the 
Wahl factor also includes the effect of coil curvature. The 
actual amount of stress correction remains somewhat of a per- 
sonal consideration since no one method has proved correct for 
all cases. 

In introducing this concept Professor Spotts has reverted 
back to some of the earlier literature in which the condition for 
minimum weight is based on a prescribed stress, load, and rate. 
These are perfectly valid requirements, but it is the author’s 
opinion that spring problems having a predetermined rate occur 
rather infrequently. Regulating springs, such as a governor con- 
trol, is the only example that came to mind. Based on the 
author’s experience, most of the spring problems arise from 
attempting to place a high capacity spring into limited space 
It will be noted that the new design chart is actually quite similar 
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(41) 
— 1)’ (W/P — 1)? 
to the chart previously presented for the stress condition as 
modified by the Wahl correction factor. When this chart is 
used for static spring applications in place of the chart shown in 
Fig. 1, some variations in results will, quite naturally, occur. 
Perhaps the most significant difference is the establishment of an 
optimum outside diameter, which before was associated only with 
the chart based on the Wahl correction factor. The optimun so- 
lution, however, appears somewhat impractical unless large sup- 
plementary deflections are under consideration. 

Returning to the derivations of Professor Spotts, the reader 
should be alerted to the fact that the nomenclature is not the 
same as the author’s. Several symbols have altogether different 
meanings. By carrying his mathematics a little further and 
converting back to the author’s nomenclature, a simplified design 
chart can be constructed. This may be of interest to anyone 
faced with design problems wherein a specified rate must be 
achieved. 

From 


Equation (29): 


G 


ye 
(8rS/P) BOR 


From Equation (34): 


MAY 1961 / 233 





_ (K = DNSK ~ 3.77) 
~  2.46(K — 0.385)'/2 

From Equation (31): 

8(K — 0.385)’ 
(SrS/P)'/2 = &(K — 0.385)" 

d 
Combining these equations gives: 
dG 


RO = 3.252(K — 1)%5K — 3.77) 


Also combining equations (42) and (43) gives: 


Ss (2 * on - —__(K = 0.385) 
P\G ~ 4.153(K — 1)(5K — 3.77)? 





(46) 


Equations (45) and (46) can be cross-plotted by assigning iden- 

tical values to K in each equation. This results in a simple rela- 

: : S/R\? dG 

tionship between the known parameter — | Q* and the —— 

P\G R 

parameter containing the unknown quantity d, the desired wire 

diameter. To complete the design chart, the relationship be- 
tween K and N/Q is obtained from Equation (38). 


2.46 N/Q + 3.77 
g RAR Se (47) 


o 


The completed chart is shown in Fig. 9. To use the chart for 
the most common case of two dead coils and G = 11,500,000 psi, 


234 


MAY 1961 


10%. 

10% 109 
$R 

Fig. 9 Design chart showing required spring proportions for minimum 

weight based on a prescribed rate and the modified stress correction 

factor 


it is only necessary to calculate the one parameter SR?/P from 
the given data. Following this line vertically up, the three out- 
put parameters d/R, Do/d, N are then read at the intersection 
point. The required wire diameter for minimum weight is simply 
the product of the known rate and the d/R parameter. The 
outside diameter is the product of the wire diameter and the 
Do/d parameter. The number of coils is read directly. To 
conclude, governor and other control springs, where rate is the 
primary consideration, may be advantageously handled by this 
method suggested by Professor Spotts. 
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